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FOREWORD

Once the fuel-clad gap has closed in light water reactors – one to three years after commencing
irradiation – the compressive stress experienced by the cladding and due to the primary fluid pressure
is reversed to a tensile stress induced by continued fuel swelling. Enhanced clad stress is likely to
occur in the region of the pellets’ ends, especially when the fuel rod is submitted to power ramps,
e.g. in relation with incidental transients in the operation of the reactor. In the presence of aggressive
fission products released by the pellets, this situation can lead to stress-corrosion-induced failures
resulting in primary water contamination. This risk is an important industrial challenge; it must be
demonstrated that margins are guaranteed for the different current situations and the various classes of
transients encountered in reactor operation. Hence, the justification for the development of so-called
PCI-resistant fuel products.
Pellet-clad interaction (PCI) is clearly one of the important topics with considerable industrial
issues requiring further investigation to achieve a higher availability and competitiveness of nuclear
power, and possibly leading to new fuel products and qualification programmes. The R&D on the very
complex and non-linear, thermal, mechanical, chemical phenomena requires the best equipments and
relevant experiments are worthwhile pursuing.
A need was identified by experts to address this topic and to carry out further assessments and
required investigations. To this purpose, the Commissariat à l’Énergie Atomique (CEA) Direction de
l’Énergie Nucléaire (DEN) agreed to organise a seminar on this subject from 9-11 March 2004 at
Aix-en-Provence, France, in co-operation with the Nuclear Energy Agency (OECD/NEA) and the
International Atomic Energy Agency (IAEA).
This is the third in a series of three seminars that began with a seminar on Thermal Performance in
Light Water (High Burn-up) Fuels held in Cadarache, France on 3-6 March 1998, followed by a second
on Fission Gas Behaviour in Water Reactor Fuels, also held at Cadarache on 26-29 September 2000.
The aim of this third seminar was to draw a comprehensive picture of our current understanding
of pellet-clad interaction and its impact on the fuel rod under the widest possible conditions, and to
review recent advances in this area from both the experimental and modelling points of view.
Among the papers proposed, 36 were accepted for presentation plus one invited paper concerning
RIA conditions. The seminar was attended by 140 participants from 20 countries representing
46 different organisations, including research laboratories, fuel vendors, NPP operators, nuclear safety
institutions and consultancy firms.
The current proceedings provide a summary of the result of the seminar together with the text of
the presentations made. The views expressed are the authors’ own and do not necessarily correspond
to those of the national authorities concerned.
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EXECUTIVE SUMMARY

Introduction
This was the third in a series of three seminars that began with the seminar on “Thermal
Performance of High Burn-up LWR Fuel” held at Cadarache, France, on 3-6 of March 1998, followed
by that of “Fission Gas Behaviour in Water Reactor Fuels”, which also took place at Cadarache, from
26-29 September 2000.
The aim of this third seminar was to draw a comprehensive picture of our current understanding
of pellet-clad interaction and its impact on the fuel rod, under the widest possible conditions.
Pellet-clad interaction
In PWRs and BWRs, once the fuel-clad gap has closed, one to three years after irradiation started
(depending on the materials), the compressive stress experienced by the cladding and due to the
primary fluid pressure is reversed to a tensile stress induced by continued fuel swelling.
Enhanced clad stress is likely to occur in the region of the pellets’ ends, especially when the fuel
rod is submitted to power ramps, in relation for instance with incidental transients in the operation of
the reactor.
In the presence of aggressive fission products (e.g. iodine typically) released by the pellets, this
situation can lead to stress corrosion induced failures resulting in primary water contamination.
This risk is an important industrial challenge to demonstrate that margins are guaranteed for the
different current situations and for classes of transients encountered in reactors operation, and justifies
the development of so-called PCI-resistant fuel products.
Fuel and pellet behaviour mechanisms activated in PCI situations
The behaviour of pellets in the interaction depends on many mechanisms potentially activated
prior to, or during PCI, namely:
x

Densification/solid fission products and gaseous swelling under irradiation.

x

Release of fission gases and volatile species.

x

Evolution of thermal conductivity, elasticity constants, thermal and irradiation creep,
temperature-induced or microstructure-induced phenomena (porosities, re-crystallisation).

x

Geometry of the pellets and their modifications by cracking.
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As concerns the clad:
x

Evolution of elasticity, plasticity, creep parameters (irradiation, temperature-induced).

x

Dependence on the microstructure and manufacturing process and its evolution under fluence.

x

Oxidation, hydridation.

x

Sensitivity to stress corrosion-cracking.

As concerns the interface:
x

Formation of contact materials or bonding layers: zirconia/uranate compound including fission
products.

x

Friction.

PCI experimental assessment
x

The mechanisms described above can be quantified to a certain extent by specific experiments
on fresh and irradiated fuel, permitting the development of specific models.

x

Integral experiments, using for instance re-irradiation of fuel at different burn-up and
subjected to power ramps in MTRs, are also being currently performed.

x

The PIE of such experimental rods allows for ridging measurements, detailed cladding
examination, enhances knowledge of the structure of the pellets and of the bonding layer.

This assessment generally emphasises the following:
x

Clad cracking occurs parallel to the rod axis, in the region of the pellets’ ends, and seems to
be in relation to the “wheat sheaf” shape of the pellets gained under the influence of the radial
temperature gradient.

x

Higher burn-up seems to provide an alleviation of PCI in relation to the re-crystallisation in
the RIM zone.

x

MOX fuels seem to behave better than standard UO2.

x

The dishing of the pellets seems to play a role as it allows the fuel to creep axially, thus
alleviating the stress induced in the clad at pellet ends.

Manufacturing and design remedies to avoid PCI
The modification of the microstructure of the fuel is one of the possibilities explored for the
enhancement of resistance to PCI. Doped pellets with different additives have been developed and
tested. Evolution of the cladding material can also contribute to this resistance.
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Other possibilities are currently being investigated, through modification of the geometry of the
pellets or specific barriers on the inner surface of the clads (“liner” concept for BWRs for example).
PCI and modelling
There are many incentives to progress on PCI modelling, in order to:
x

Establish a basis for understanding the phenomena.

x

Rank their relative importance.

x

Define relevant experiments.

x

Justify evolutions of the design.

x

Allow a credible prediction of PCI onset and demonstration of a safe operation of the fuel
in-core when validated.

Different thermo-mechanical solutions are developed throughout the world for PCI assessment.
They are very challenging as they concern very complex mechanisms with non-linearities of different
types. They require checking against extended databases in order to support convincing demonstrations.
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SESSION SUMMARIES

Session I – Industrial Goals (Chair: P. Martin)
An overview of PCI issues was given from the standpoint of history, as well as of reactor types,
constraints on plants operation and assessment methods.
PCI failure occurrence was rather high in the 70s. In the 80s, a number of failures were still
observed, especially in BWRs, while some restrictions in reactor operation or specific liner design for
clads, based on first assessments, were proposed and applied respectively for PWRs and BWRs.
S. Yagnik presented a PCI assessment method based on the FALCON code. Its result is expressed
in terms of a time/temperature/stress cumulative damage index, relying on thermal-mechanical analysis
on the whole power history of the fuel, and on data of time to failure tests of pressurised clads filled up
with iodine and function of stress level, temperature, burn-up and material. Preconditioning guidelines,
ramp rate restrictions, etc., can be usefully derived on the basis of such an index.
M. Billaux described the situation and its evolution on BWRs, which may be a bit more sensitive
to PCI (power changes associated with blade pulls especially, can result in high linear-heat-generated
rate variations – due also to neutronic specificities of BWRs as axial variation of moderation ratio).
He commented on the performance of remedies such as clads with a zirconium layer, but concluded
that the benefits of improved products and specific restrictions on manoeuvring are in fact in permanent
competition with the will to enhance the performances of the fuels. At present the number of failures
in BWRs is again increasing, with no fully clear understanding as to why. He mentioned that liner
clads are not considered as a definitive solution to PCI. He also emphasised the importance of QA for
pellets, as chipped pellets are clearly a factor favouring PCI failures.
S. Béguin commented on how PCI is managed (successfully in the thousand of reactor years
accumulated today) in EDF’s 58 PWRs to cope with the guarantee asked for by the regulatory authority
to preclude PCI in normal and upset (Class 2) transients. The approach relies on a thermal-mechanical
criterion, capable of discriminating failure from non-failure on a dedicated ramp programme on the fuel
product concerned. The knowledge of the power history (neutronics, thermal-mechanics) of each rod
is necessary. A costly, time consuming experimental programme (necessary for each new product),
and a huge amount of calculations are requested. At the end, the plant operating diagram is reduced
and extended reduced-power operation times must be monitored by operators (dedicated procedures,
credit factor), and in some cases be limited, resulting in capacity and load follow-up limitations. These
are the reasons why EDF expects quite a lot from new products, sufficiently compliant with regard to
PCI hazard to cancel all types of PCI constraint, by the year 2010.
P. Van Uffelen discussed how the PCI (and also LOCA) approach was modified in Eastern
countries when independent regulatory authorities were created in the early 90s and introduced new
QA and requirements prior to fuel loading in the reactors. The ITU fuel code TRANSURANUS is
used as a basis for the assessment of these situations, though it had to be modified to cope with specific
designs (hexagonal lattice, annular pellets), materials (Zr1%Nb) and safety criteria of VVERs. Some
limits have also been reviewed: allowable strain for instance, for taking into account the speed of the
13

transient incident. Adaptations and their validation were presented. They are based on Russian work
and on experimental programmes such as SOFIT, the IFPE database, and the OECD Halden Reactor
Programme, against which the performances of the code were shown. The work (“EXTRA”) is now
directed toward accidental and storage conditions.
The invited paper by C. Vitanza was the opportunity to compare PCMI in a RIA situation and in
upset situations. On the basis of the Cabri and NSRR programmes, it was shown that RIA-induced
PCMI is also governed by fuel expansion due to the power deposit, but generally starts from the
outside of the clad. The corrosion (outside oxidation and hydriding of the outer rim of the clad) is very
important as it determines how brittle the clad is. Temperature effect on the clad is moderated
(maximal inside), as time does not allow for hydride dissolution, but affects nevertheless clad ductility
(making quite a difference between NSRR and Cabri fractures). The strain rate (width of the pulse)
effect is also moderated (but linked, at last, to temperature). In RIA, PCMI is stronger at high burn-up
due to greater fuel swelling.
As a conclusion of the session, there is no doubt that PCI is still a “hot” topic with considerable
industrial issues, involving more availability and competitiveness of nuclear power, and maybe new
fuel products and qualification programmes. The R&D on the very complex non-linear, thermal,
mechanical and chemical phenomena, with the best equipments and relevant experiments seems
worthwhile and fully justifies the dedicated sessions to come. To their greater merit, the sessions to
come could emphasise some highest-interest tracks on the basis of the current knowledge.
Session II – Fuel Material Behaviour in PCI Situation (Part 1) (Chairs: P. Blanpain, D. Baron)
The first paper, presented by V.V. Likhanskii (SRC.RF.TRINITI), deals with the development of
a physical model to evaluate the rim-layer formation in UO2 fuel based on the redistribution of
vacancies close to the dislocations, and the increased mobility of gas atoms, with a relation between
the Xe effective diffusion coefficient and the vacancy concentration. The rim bubble growth is made
easier by the pinning on dislocation intersections. New irradiation-induced effects of Xe atoms drift in
vacancy concentration gradient and Xe redistribution to the vacancy rich regions of the fuel grain are
discussed. The assumption proposed is that the main dislocation source is the grain boundary. As a
consequence, the dislocation density in the grain volume is inversely proportional to its average radius.
In this way, the author explains why large initial grains delay fuel restructuring.
The second paper, presented by Suresh Yagnik (EPRI), is a compilation of all data acquired over
the past 10 years on the fuel micro-structural transformation on fuel disc specimens and standard fuel
pellets. Conclusions are proposed as concerns the gas localisation and grain boundary interlinkage
state, depending upon the local operating conditions and local burn-up reached. The consequences of a
RIA transient and fuel dispersal risks are discussed. It is concluded that further works conducted to
explore more widely the fuel dispersal phenomenon and quantify the energy released as a function of
burn-up, restraint level and heating rates are required.
The third paper, presented by Ho Jin Ryu (KAERI), focuses on the effect of the use of DUPIC
fuel, with different thermal and mechanical properties, on the rod PCMI behaviour. The Young’s
modulus is assumed not to vary with burn-up, but only with the porosity. DUPIC fuel has a Young’s
modulus 5% higher than standard UO2, and a creep rate about 50 times lower. It is concluded that a
decrease in the fuel thermal conductivity results in a large change of the fuel performance of this fuel
design. It is also concluded from statistical sensitivity analysis that the fabrication parameter could be
optimised to reduce PCMI failure risk in the DUPIC fuel.
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The fourth paper, presented by Laurent Caillot (CEA), deals with out-of-pile and in-pile MOX fuel
viscoplastic behaviour. The fact that MOX fuel tested under transient conditions behaves particularly
well compared to standard UO2 fuel is discussed. Differences at low burn-up are partly explained by
the intrinsic properties of the material, mainly due to the larger primary creep rate and a higher creep
rate at low and intermediate stresses. About their amplification at higher burn-up, the microstructural
evolution of the Pu clusters and different oxidation of the fuel are likely to be involved. It is concluded
that further data are needed to resolve remaining uncertainties as to the different possible explanations.
The last paper, presented by Daniel Baron (EDF), describes a device based on focalised acoustic
techniques which has been developed over the past six years, in order to perform local elastic modulus
measurements on fuel pellet cross-sections prepared for optical analysis. Firstly, the database shows
the predominant effect of the porosity volume fraction and the decrease of the elastic modulus with the
accumulation of fission products. A recovery is observed which is likely related to the gaseous fission
products’ mobility during rim formation or operating at high temperature. This device development is
part of a larger project whose goal is to establish overall mechanical properties’ evolution in irradiated
fuel, both out-of-pile and in-pile. This work has already started with ITU (out-of-pile micro-indentation)
and Studsvik (in-pile indentation). Further sponsors would, of course, be a welcome development.
Discussions
The chemical evolution of the fuel material inherent to the local fuel transmutation and local
thermal conditions induces an evolution of the fuel materials’ local properties, both thermal and
mechanical. This is obvious for the fuel regions concerned by the high burn-up structure transformation,
but is true for the rest of the material as well. As soon as irradiation starts, a new equilibrium is
established in the material defects, particularly in the oxygen sub-lattice. Depending upon the local
temperature, the total amount of irradiation defects reaches a balance depending upon the thermal
recovery.
It is therefore difficult to trust the validity of data properties acquired on fresh fuel material to
accurately compute the in-pile fuel rod thermo-mechanical behaviour and perform the PCMI 3-D
calculations. Over the past twenty years a large amount of work has been performed on the fuel
thermal properties up to 100 GWd/tM (NFIR, HBRP, HRP experiments). The mechanical properties
database is still poor as concerns out-of-pile micro-hardness tests (Jose Spino) and the following of
cladding deformation on instrumented rods.
Work on HBS transformation and MOX fuel particularities show that further investigations are
needed to understand these changing material properties with regard to the PCMI behaviour.
Recommendations
1) More effort is needed to develop clever devices able to provide data on the evolution of the
fuel mechanical properties with local burn-up and temperature.
2) In order to better understand the reason for MOX fuel’s good PCMI behaviour, further work
is necessary.
3) For the case of rapid transients, further studies should be carried out to more widely explore
the fuel dispersal phenomenon and quantify the energy released as a function of burn-up,
restraint level and heating rates.
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Session II – Fuel Material Behaviour in PCI Situation (Part 2) (Chairs: M. Billaux, Y. Guérin)
Session II.2 addressed the interaction between the stress field and the fission gas behaviour in the
fuel pellet.
An increase in the linear heat generation rate may induce important stresses in pellet and
cladding. At low temperature the stresses mainly result from fuel thermal expansion. But at high
temperature the contribution of fuel gaseous swelling becomes significant. In order to determine the
severity of pellet-cladding mechanical interaction (PCMI), all modern fuel performance codes take
into account gaseous swelling during power increase.
On the other side the stress field in the fuel pellet plays a significant role in the fission gas
behaviour. A high hydrostatic stress resulting from PCMI inhibits gaseous swelling by hot pressing of
the inter-granular porosity, and therefore also limits fission gas release.
V.I. Arimescu (AREVA, USA) described a mechanistic gaseous swelling model as well as the
multiple interactions between gaseous swelling and the pellet and cladding mechanics. Gaseous swelling
is assumed to come from inter-granular bubbles only. The important role of gaseous swelling under ramp
conditions is illustrated by the calculation of three Mark-BEB PWR fuel rods irradiated to 62 MWd/kgU
in Arkansas Unit 1 and subjected to power ramps to peak power levels of 39.5, 42 and 44 kW/m in the
Studsvik reactor. The results show that gaseous swelling accounts for as much as half of the permanent
cladding diametral deformation.
J-S. Cheon, et al. (KAERI) described a finite-element model based on ABAQUS to describe the
mechanical behaviour of the pellet-cladding system. The model is linked with the fuel performance code
COSMOS that also includes an integrated fission gas release and gaseous swelling model. The effect
of the hydrostatic pressure on gaseous swelling is taken into account, as well as the influence of the
friction factor between pellet and cladding. The PCMI model was verified by calculating a PWR MOX
rod irradiated to 25 MWd/kgMOX and subjected to five successive power ramps at increasing ramp
terminal levels. Each ramp has been followed by a relaxation period of about 24 hours at ramp terminal
level (phases 1 to 5). By switching on and off the gaseous swelling model it is demonstrated that
the contribution of gaseous swelling on the cladding elongation is small at low power (phase 1), but
significant at high power level (phase 5).
For R.J. White (BNFL) the principal driving force for PCI is provided by the two components of
gaseous swelling: the intra-granular and inter-granular bubbles. During power transients the finely
distributed intra-granular porosity increases with a faster kinetics than the coarse inter-granular
porosity. Both processes are constrained by the effect of irradiation induced re-solution. This is
illustrated by the comparison between the swelling behaviours of two AGR rods base-irradiated to
burn-ups of 12-15 GWd/tU and ramped in the Halden reactor. Both rods were subjected to slow ramps
in which the power increased over a period of 45 minutes. One was followed by two fast ramps and then
discharged. The other one was maintained at low power for an additional 28 days prior to discharge.
Extensive SEM analysis was performed that showed that both intra-granular and inter-granular swelling
significantly decrease during the extended period at low power. An irradiation-induced re-solution
mechanism is proposed to explain that reduction.
P. Van Uffelen (ITU), et al. performed a review of the in-pile and out-of-pile tests reported in the
literature describing the effect of the stress distribution in the pellet on fission gas release and gaseous
swelling. This was followed by a second literature review assessing the validity of various pellet
mechanical models and the use of the hydrostatic stress in the gaseous swelling models. They underline
the imperfect modelling of the stress distribution in cracked pellets that would require a 3-D modelling
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of the pellet, as well as the limited amount of reliable experimental data. A new experimental device is
being developed at ITU that will bring complementary information on the interaction between the fission
gas behaviour and the stress distribution in the pellets. One of the proposed experiments consists in
analysing the effect of hydrostatic stress via a variable helium pressure, in combination with a variable
temperature level in a high burn-up fuel rod segment.
In conclusion, two points seem well established:
x

Gaseous swelling has a significant impact on PCI. Fuel failures usually arise only through the
additional strains produced by fuel gaseous swelling.

x

The stress distribution in the pellet has an important effect on fission gas release and swelling.

There is, however, a need for improvement in the following fields:
x

The relative importance of intra-granular swelling is still subject to controversy.

x

Reliable experimental data are needed to better characterise fuel gaseous swelling (including
irradiation-induced gas atom resolution) under different conditions of temperature, stress and
fission rate.

x

Despite considerable improvements in pellet mechanical modelling over the last decade, efforts
should be pursued. A better characterisation of the local stress (stress tensor against hydrostatic
pressure) might be necessary for a comprehensive modelling of the different ways stresses
affect the fission gas behaviour. Multi-dimensional mechanical models might help.

It is also recommended to revisit the existing fuel performance databases and re-analyse them
with a focus on gaseous swelling.
Gaseous swelling is likely to be a major field of development in the coming years.
Session III – Cladding Behaviour Relevant to PCI (Chairs: S.K. Yagnik, C. Lemaignan)
This session contained five excellent papers which addressed experimental observations regarding
PCI behaviour.
The first paper concerned PCI behaviour in VVER fuel rods. It presented up to five cycles of PIE
data. The key conclusion was that with a large as-fabricated gap, reported cladding strains (maximum
~0.3%) are still well below the allowable limit of 0.4% even at high burn-ups. Further, since VVER
fuel behaviour under transient conditions was also the subject of two additional papers in the seminar,
collectively these papers will certainly prove useful in modelling and validating predictions of VVER
fuel behaviour.
The second paper provided interesting observations concerning volatile fission products after a
power ramp, employing SIMS and X-ray mapping techniques. Results showed that Cs and I are not
necessarily co-located in the fuel. While some CsI was observed, there was clear evidence of free Cs
and I as well. An important question concerned the role of Cd, which could be pursued in the future
using these techniques.
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The third paper on testing and modelling of I-SCC phenomenon presented useful data on hoop
strain versus failure times in an iodine environment on unirradiated and irradiated tubing samples.
The two types of samples behaved very differently. It was noted that the texture effects are important,
especially for unirradiated samples. Such data, especially on newer cladding materials, are requisite
inputs for deterministic modelling of PCI failures. The paper presented a failure model based on the
data. But other modelling alternatives, e.g. cumulative damage index, could also benefit from these data.
The fourth paper documented important observation about the pellet-clad bonding layer. Complex
triplex layers were found to exist in the fuel, especially – and somewhat randomly – within fuel pellet
cracks and at pellet-pellet interfaces. The fuel examined was un-ramped fuel of modest burn-ups. Fuel
oxygen potential appears to be an important variable in dictating the nature and composition of bonding
layer compounds. The main question remains: How does this bonding layer change the gap conductance
and what role does it play in localised stresses on the cladding that may trigger PCI phenomenon?
The final paper studied the micro-hardness measurements of a BWR cladding ID barrier layer.
It was noted that fission fragments impinging on the clad ID tend to increase local hardness within
about 10 Pm, which is the expected range of fission fragments. Micro-hardness measurement techniques
could provide insight into how clad properties change with burn-up. When employed on samples from
sound and failed BWR rods with improved liners, this technique is likely to provide important data
concerning secondary fuel degradation phenomenon in BWRs.
Session IV – In-pile Rod Behaviour (Chairs: W. Wiesenack, S. Lansiart)
Six papers were presented in Session IV, devoted to rod in-pile behaviour. They covered different
experimental techniques and PIE, different fuel types such as standard and doped UO2, VVER fuel and
MOX fuel, and a range of burn-ups.
It appears that quite a lot of data are available for understanding PC(M)I.
The IFPE database collects an impressive amount of results from experiments performed over the
years for different types of reactors. Modellers were encouraged to make active use of this database
and to provide feedback to the NEA. Only then can the continued support of this activity be justified,
and the database even extended.
The OECD Halden Reactor Project programme provides many answers to the basic questions
concerning contact features:
x

When does PCMI appear and how does it evolve with increasing burn-up (indications obtained
from in-pile clad length measurements)?

x

When does the fuel-cladding gap more or less close and what about the impact of a tight fuel
column on axial gas communication?

x

How does the fuel-cladding system respond to overpressure, e.g. does the gap open or do fuel
fragments relocate in the case of lift-off?

It was shown that the VVER fuel has good power cycling capabilities at the burn-up level tested
(50-60 MWd/kg). Progressive relaxation of PCMI strains and a shift of PCMI onset to higher power
occurred as the number of cycles increased. Also, two successive ramps to high power demonstrated,
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by way of simultaneous measurement of axial and diametral strain, that the fuel has good ramping
capabilities. Absolutely no detrimental effect on the cladding integrity was evident as a consequence
of these operation modes.
The results of a ramp testing programme were also reported for MOX fuel irradiated in the Beznau
reactor to about 30 MWd/kg and then ramped in the Petten MTR. No fuel failure was registered
although the failure threshold valid for UO2 fuel was exceeded. This outcome is further confirmation
that MOX fuel is more resistant to failure than UO2 fuel.
The performance of chromia-doped fuel was evaluated in a ramping programme using the
OSIRIS MTR. Although the large grains purposely produced by this kind of doping might imply an
inferior PCMI behaviour, the contrary was demonstrated by this experimental programme. No failure
was observed, which may be explained by the enhanced visco-plasticity of the fuel as well as the
development of a favourable crack pattern with numerous radial cracks on the pellet surface mitigating
local stress concentrations in the cladding.
Sixteen ramps have been performed on rods with the same PWR design (standard UO2 fuel with
Zy-4 cladding) in the OSIRIS MTR. If failure occurs due to PC(M)I, it is typically an SCC type of
fracture at a location close to a radial fuel crack, in the inter-pellet plane. The results show quite
deterministic behaviour of these rods. Linear heat rate may be considered as the best experimental
parameter available for ranking the two-cycle rods as regards the extent of the cladding damage.
Concerning the central issue of how to prevent PCMI failure while increasing the economics of
nuclear plants, many questions remain open. Standard UO2 fuel with Zy-4 cladding leads to constraints
in plant operation. MOX fuel and Cr-doped fuel appear very promising, but the reason why they work
as PCI remedies is not clearly evident. Is it fuel cracking propensity by itself, is it enhanced viscosity
reducing the hourglass effect by dish-filling and perhaps favouring peripheral cracking? How does
gaseous swelling act, with which kinetics?
These questions might be answered using predictive numerical simulation if it were possible to
perfectly model all the fuel properties under irradiation conditions. But in a real world with imperfect
knowledge, this is not the case – especially when the effects of high power ratings must be considered.
Thus there is a need for new experiments in which the contribution of some phenomena is reduced as
much as possible. That is the case for gaseous swelling for the zero-hold-time ramp test which has been
proposed on Cr-doped fuel. It would be the case for gaseous swelling plus creep at higher ramp rates.
Relevant comparative analytical data with differences in pellet geometry (e.g. short pellets) could
contribute as well to this attempt of varying the relative weight of different phenomena.
Finally, the question of concurrent cladding improvement might be posed. Despite the fact that
the liner concept is more or less abandoned for BWRs due to its possible degradation, the question is
whether it is unreasonable to expect benefits from a new cladding concept as well.
Session V – Modelling of the Mechanical Interaction Between Pellet and Cladding (Part 1)
(Chairs: P. Garcia, P. Van Uffelen)
From the review of experimental data obtained in the OSIRIS reactor, it was concluded that the
risk of I-SCC is greatest at the pellet interfaces. In line with this, in Session IV.1, authors naturally
resort to multi-dimensional modelling in order to describe the specific state of the strain/stress state of
the cladding. Furthermore, fuel fracturing appears to have significant consequences on the behaviour
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of oxide fuel, in particular on PCMI. This also transpires from the experimental data presented in
Session 4 on Cr-doped fuel where the question arose as to whether creep or cracking could account for
the improved PCI resistance.
With the introduction of mixed-oxide fuels in LWRs as well as the increase of the fuel assembly
discharge burn-up in UO2 fuel, there is a need to account for the heterogeneous and/or porous
microstructure in the thermomechanical analysis of fuel rods. In this respect, one paper describes a
novel way of generating visco-plastic fuel behaviour laws for heterogeneous fuels (MOX, IMF, etc.)
based on the knowledge of its macroscopic behaviour, its microstructure and on the behaviour of one
of the phases.
In design basis accident conditions, the multi-dimensional approach also turned out to be necessary
to improve the assessment of the critical conditions for hydrided cladding failure. As a corollary to this
analysis, it was pointed out that one should be careful when applying the results from out-of-pile burst
tests to in-pile conditions because of the differences between pressure-driven and displacement-driven
cladding deformation. Finally, the friction between cladding and fuel was also shown to play a significant
role in quantitative analyses in all operating conditions, although very different values are being applied.
Perspectives for model development that emerge from this session include de-cohesive models as
an alternative to diffusive crack models to reach a more physical fuel cracking description, and
non-uniform transformation field analysis to account for the heterogeneity in some nuclear fuels.
Session V – Modelling of the Mechanical Interaction Between Pellet and Cladding (Part 2)
(Chairs: J.A. Turnbull, N. Waeckel)
There were seven papers in this session devoted to modelling the mechanical interaction between
fuel and cladding. In the period between FUMEX-I and the present meeting, it was good to see the
interest and progress made in addressing this topic.
The focus of fuel modelling has progressed from thermal performance and fission gas release
(FGR) to pellet-clad mechanical interaction (PCMI). Whereas there has been a common approach to
thermal performance and FGR involving 1-D/1.5-D codes, there has been a divergence in approach
when moving forward to mechanical interaction involving either 1-D/1.5-D or 3-D codes. Time will
tell which is the more successful, however, for applications where many calculations need to be
performed “on-line” with reactor operation there is a clear need for the faster-running 1-D/1.5-D codes
possibly with input from the slower-running 3-D codes in order to provide “fixes” for simpler models
of the PCMI phenomenon.
Many papers concentrated on the behaviour of the pellet, with little attention paid to modern
cladding’s improved properties.1 This is understandable, as the driving force is thermal expansion and
the swelling of the pellet. As gaseous swelling is the most onerous contribution to clad strain, it is
appropriate to concentrate on this phenomenon. Papers presented in other sessions indicated that there
was a large amount of data available on this topic, and modellers were urged to use these data
extensively in their development and validation of PCMI models, concentrating in the first instance on
1

The different types of cladding can be easily differentiated in term of mechanical properties or in-reactor
corrosion performance, but in terms of sensitivity to SCC, separate effect tests are not yet capable of
discriminating an alloy A from an alloy B. If we assume that the amount of fission products necessary to
initiate a SCC crack is always available, one can conclude that it is more relevant to focus on investigating the
driving forces (i.e. the pellet induced stresses to the cladding) that can be different from one type of pellet to
another.
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predictions of clad diameter change and ridge height growth during periods of transient over-power.
Additional attention was required in modelling fuel cracking and its consequence, pellet-clad friction
coefficient and pellet creep. Regarding the friction coefficient, there was a large variation in the values
chosen in the papers presented.
At present the codes are in a development phase with limited testing against experimental data.
The ultimate goal of these codes is the prediction of failure probability, which is a future stage in the
development of most codes. Again, there were much data openly available from ramp tests in which
failure thresholds had been identified for both PWR and BWR systems. It was stressed that for
accurate predictions of failure, a large database is required to maximise statistics between failure and
non-failure. In addition, it is clear that there is a difference in behaviour between standard UO2, UO2
with additives and MOX. It is necessary to explore these differences and understand why the fuels
behave differently. In this way, further improvements in PCI-resistant products will be possible. Such
a programme including both modelling and experimental approaches is necessary to achieve the goal
of a “zero-failure policy”, whereby failure by PCI no longer occurs and is thus no longer a safety issue.
Panel summary (C. Lemaignan)
Towards a PCI-free fuel!
After a very fruitful meeting during which the contributions were numerous and the discussions
intense, a few general and/or prospective comments can be proposed. Since all session chairmen have
made detailed and accurate reports on the major issues of each session, the purpose of the following
comments is mainly to stress interactions between the different aspects presented and to highlight a
few points of potential concern or scientific interest.
The three main parameters controlling the failure during a PCI event are the stress distribution,
the internal chemistry close to the inner surface of the cladding and the material properties. It should
not be forgotten that the fuel rod acts as a system and that these different contributions interact with
each other. The meeting has been a very good opportunity to stress this point and the development of
thermo-mechanical computer codes, aiming at the integration of the fuel rod system, clearly contributes
to such approach. The corresponding modelling procedures are used for a better knowledge of the
interacting processes. They are benchmarked with several analytical or global experiments and are
developed with an expected capability of forecasting the potential failure of a rod, or the margins for a
specific operational condition.
With respect to the mechanical stress state, the interaction between oxide and cladding requires its
computation in the two materials with similar accuracy. However, the stress state is not a scalar, but is
defined by a tensor. Also, the definition of the stresses can be performed at different scales. For crack
initiation, it should be analysed almost at the grain scale, while the analysis of the failure risk of the
rods in a core would clearly require a much larger mesh. A critical point is therefore the procedures
used for the reduction and condensation of the detailed analysis to the macroscopic scale.
Among the major points raised during the meeting, the large contribution of the gas bubble swelling
during a power transient to the stress development in the cladding has been confirmed. The total strain
induced by the gas bubble precipitation and fuel swelling has been measured in a very few cases;
however, the detailed kinetics of this swelling, for given BU, temperature and hydrostatic stress state
histories, is still practically unknown. Due to the visco-elastic behaviour of the oxide and the cladding,
the exact knowledge of the kinetics of this swelling will be a critical parameter. In this respect,
experiments on fuel rod transients during which the local diameter strain is measured continuously are
strongly recommended.
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The significant progresses made in thermo-mechanical computations should also not be damped
by using a set of physical properties of the materials of low accuracy. The quality of the computations
will never deliver results of better value than those limited by the data. This supports the interest for a
reassessment of them as described below. This progress also induces a strong requirement for a much
finer definition of the boundary conditions (small changes in the geometry of the fuel rod have been
shown to severely affect the local stress state…).
The impact of chemistry induced by fission products on the PCI failure is not questionable.
It remains, however, that the exact state of the fuel inside the rod is still far from being clearly described.
The moderate temperature of the fuel during normal operation is not high enough to obtain phase
equilibrium as expected form thermodynamics. However, for high BU fuel, the driving force for such
equilibrium is highly increased and observations confirm the existence of phases not observed at lower
BU. Due to the observed mitigation of the I-SCC by oxygen, and possibly other species, an improved
knowledge of the actual chemistry would allow major progress in understanding PCI mechanisms.
With respect to this, the apparent improvement in PCI resistance observed for high BU, Cr-doped or
MOX fuel could be due not only to the better visco-plasticity of the fuel, but possibly to an unexpected
chemical phenomenon. Detail observations of the phases present in the rod, and specifically in the
fuel-cladding gap, would be useful for a better modelling of the chemical environment of the stressed
cladding.
As concerns the material properties, most have been considered as “known” for quite some time.
However, as the irradiation is known to significantly affect the physical properties of the fuel rod
materials, progress is required for their definition in order to maintain at parity computation techniques
and physical property data. This will specifically concern thermo-elastic properties (Young’s modulus,
thermal expansion coefficient, heat conductivity and the kinetics of their evolutions during thermal
recovery) as well as the mechanical properties (yield strength, creep behaviour). In addition, some
properties may have a very different meaning if the conditions of use are different from those of data
acquisition. This would specifically be the case for the plastic strain behaviour of irradiated Zr alloys.
In the case of such a strain softening material, the loading scheme drastically affects the behaviour:
pressure tests are load-controlled and will lead to local instability and very limited total strain to
failure, while PCI loading is a local stain-controlled loading procedure. The local reduction of strength
induced by the strain does not produce local instability.
For the future, the scientific community concerned with the analysis of the behaviour of the fuel
should probably follow more closely what is under promising development in the field of material
science: computational material science. Due the difficulties and costs in testing materials (including
power ramping) and performing very fine examinations on irradiated materials, the rising science of
knowledge of the materials as deduced from computations is a major challenge for the forthcoming
years. For the fuel rod chemistry and the reaction at the crack tip in the cladding, quantum chemistry
and mesoscopic approaches seem to be appropriate tools for inter-atomic interaction description.
Regarding the irradiation point defects evolution and their impact on microstructure, molecular dynamics
or kinetic Monte Carlo will allow, in the near future, to forecast fission gas bubble nucleation and
growth or creep properties of UO2 or other doped oxides.
These techniques should not ignore the large databases acquired in the early days of the nuclear
industry. If detailed experimental conditions are not always reported, a mine of highly valuable
scientific results is laying in the drawers of our predecessors. A good use of them would require a
continuous feedback on their usability. The power ramp data collected by the NEA is a significant step
towards the revitalisation of such old works. Similarly, thermodynamics was in its glory a few decades
ago; it now receives much less consideration.
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At the end of this meeting one could expect a significant reduction of the PCI constraints imposed
on the utilities in the forthcoming years, either by reduction of the susceptibility of the fuel rods to such
failure mechanisms, or by reduction of the power manoeuvrings responsible for PCI. Could such studies
therefore be useless, in the possible context of reduction of PCI frequency? Without being pessimistic,
the history of the nuclear industry has shown us that unexpected behaviours are ready to occur when
pushing the components to a higher duty, a longer life or reduced operational margins. A scientific
knowledge of the fuel behaviour beyond what is strictly required to avoid any PCI failure – and we are
unfortunately far from such a scientific knowledge – will not be a waste of time or money, but will
allow us to react more efficiently in case of such events occurring.
Overall recommendations and open questions
Fuel material behaviour in PCI situation
1) More efforts are needed to develop “clever” devices able to provide data on the evolution of
fuel mechanical properties with local burn-up and temperature.
2) Reliable experimental data are needed to better characterise fuel gaseous swelling kinetics
(including irradiation-induced gas atom re-solution) under different conditions of temperature,
stress and fission rate, including the relative importance of intra-granular swelling. Attention
should be paid to evaluating the gaseous swelling driving force and its contribution to the
local mechanical loading of the clad.
3) Despite considerable improvements of the pellet mechanical modelling over the past decade,
further improvements are required. A better characterisation of the local stress (stress tensor
against hydrostatic pressure) might be necessary for the comprehensive modelling of the
different ways stress affects the pellet progressive additional cracking, the visco-plastic flow
and the fission gas behaviour. This may necessitate 3-D mechanical modelling.
Cladding behaviour relevant to PCI
1) Stress corrosion cracking, especially in an iodine atmosphere, is known to be responsible for
PCI failures. Despite many efforts and good analytical work, the need still exists for developing
mechanistic models able to reproduce the mechanical tests performed on pressurised tubes as
well as to predict the clad crack propagation under true transient conditions. Knowing that the
SCC cracks preferentially develop at the pellet-pellet interface and in front of pellet cracks,
the need for developing duly validated 3-D models becomes clear.
2) In order to better simulate potential clad damage due to power transients, further work is also
recommended concerning the migration of potentially aggressive chemical species such as I,
Cs, Cd. Since the papers presented focused on the behaviour of I and, to a lesser extent, that
of Cs, it is recommended that the experimental efforts be now directed toward understanding
the role of Cd.
3) It is recommended that micro-hardness measurements be pursued to better quantify the
evolution of micro-hardness as a function of burn-up. Such data would be useful not only for
the understanding of PCI-SCC, but also other phenomena such as secondary damage in failed
fuel rods.
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In-pile rod behaviour
1) The reasons why MOX fuel and Cr-doped fuel appear to behave better with respect to
conventional UO2 under PCI conditions must be tackled further: Is it fuel cracking propensity
by itself, and/or is it enhanced viscosity reducing the hourglass effect by dish-filling and
perhaps favouring peripheral cracking? How does gaseous swelling act, with which kinetics?
So there is a need for new experiments in which the contribution of the individual phenomena
is evidenced. That is the case for gaseous swelling for zero-hold-time ramp tests which have
been proposed on Cr-doped fuel. It would be the case for gaseous swelling plus creep at
higher ramp rates. In parallel, there is a need for experiments to study the high-temperature
phenomena not far from fusion conditions without any cladding damage (columnar grain
growth, central void formation, etc.).
2) Relevant comparative analytical data with differences in pellet geometry (e.g. short pellets)
could contribute as well to this attempt of varying the relative weight of different phenomena.
3) The question of the concurrent cladding improvement might be asked. What kind of benefit
can be expected from a new cladding concept?
Modelling of the mechanical interaction between pellet and cladding
1) The development of de-cohesive models versus diffuse crack models appears promising for
the treatment of pellet cracking.
2) Mechanical phenomena are assessed differently by 1-D/1.5-D and 3-D models, only the latter
having the potential to approach the phenomenon with accuracy. Nevertheless, running times
are long and the results are still dependent on materials data and interaction prediction. Thus,
it seems that both models should be developed, fast-running 1-D/1.5-D models taking profit
of the comprehensive view available from 3-D ones.
3) The developments on pellet mechanical models to cope with cracking, and the provision of an
accurate description of heterogeneous products, should be used as inputs to PCMI codes and
could help to understand the differences exhibited by doped fuels and MOX.
4) The ultimate goal of all fuel vendors should be a failure-free operation, with no limits imposed
on operation. PCI-resistant products could contribute (see above), but their good performances
have to be demonstrated more widely, through modelling and complementary experiments.
5) It is recommended to extend the use the existing fuel performance databases (e.g. IFPE) for
model improvement and validation, and in particular to evaluate PCMI effects on gaseous
swelling and vice versa. A FUMEX-III exercise devoted to PCMI/PCI effects should be
considered.
6) Predictive PCI modelling should be presented, not just explanations after the event.
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SESSION I
Opening and Industrial Goals
Chair: P. Martin

Introduction by Session Chair
This session undertakes to tell the “story” of PCI, for instance of how it was dealt with in the past
by specific manoeuvring criteria, with specific post-refuelling start-up strategies, by the adjustment of
linear power and so on, and how there is something of a race between the improvements relative to
PCI concerns and the continuous search for higher fuel performances.
Nuclear operators should expose the consequences of remaining constraints and their incentives
to alleviate them. PCI shall be examined from the standpoint of different types of water reactors,
including CANDU and eastern countries’ VVERs.
This session includes a paper whose subject is a reactivity injection accident; the reason for this is
that the organising committee received quite a few proposed papers clearly within the scope of RIA
and not on Class 2 transients. It was felt that it was better to have some insight on RIA and
subsequently it was decided to invite a paper that should be as neutral as possible so as to bring some
elements concerning PCMI into a RIA situation and allow for assessing common (though also
specific) issues. RIA will not be examined in further detail during this seminar.
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EFFECT OF PWR RE-START RAMP RATE ON PELLET-CLADDING INTERACTIONS

S.K. Yagnik (EPRI), D.J. Sunderland (ANATECH), and B.C. Cheng (EPRI)

Abstract
To mitigate pellet-cladding interaction (PCI) leading to fuel rod failures, fuel suppliers specify reactor
power ramp rate limitations during reactor start-up after an outage. Typical re-start ramp rates are
restricted and range between 3-4% per hour of full reactor power above a threshold power level.
Relaxation of threshold power and ramp rate restrictions has the potential to improve plant economics.
The paper will compare known re-start power ascension procedures employed in the US, German,
French and Korean PWRs after a refuelling outage. A technical basis for optimising power ascension
procedures during reactor start-up can be developed using analytical modelling. The main objective of
the modelling is to determine the potential for PCI failure for various combinations of threshold power
levels and ramp rate levels. A key element of our analysis is to estimate the decrease in margin
to cladding failure by ISCC based on a time-temperature-stress failure criterion fashioned after a
cumulative cladding damage index. The analysis approach and the cladding damage model will be
described and the results from three case studies based on the FALCON fuel rod behaviour code will
be reported. We conclude that the PCI behaviour is more affected by ramp rate and threshold power
than by the fuel design and that the fuel power history is the most important parameter.
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Introduction
Post-refuelling start-up strategies in LWRs depend on several factors, including instrument
calibration, coolant chemistry control, and fuel-related ramp rate limitations. Utilities must give careful
considerations to optimise the time it takes to return to full power because the area under the curve on
the “power vs. time” plot is equivalent to extractable energy, which is directly linked to plant economics.
Power ascensions following refuelling outage may present a greater risk of fuel failures due to the
initial lack of fuel conditioning. The fuel is considered “conditioned” once it has operated at a specified
power level for a specified time, known as the relaxation time. Typical re-start ramp rates in PWRs are
restricted and range between 3-4% per hour of full reactor power above a threshold power level. The
intent behind such restrictions is to mitigate potential fuel rod failures due to pellet-cladding interaction
(PCI). The implementation of fuel conditioning into re-start operations has resulted in reductions in
plant capacity [1]. BWRs have implemented zirconium-lined cladding to substantially mitigate the PCI
concerns since the early 1980s. PWRs continue to follow the start-up ramp rate restrictions implemented
since the 1970s. Removal or relaxation of any unduly conservative restrictions on the threshold power
and ramp rate has the potential to improve plant economics.
Re-start practices
While it is desirable to minimise re-start time (defined as the time needed to reach or exceed 90%
of rated thermal power following a refuelling outage), there are certain procedural hold points at
intermediate power levels that must be adhered to during a normal re-start. Table 1 summarises a typical
scenario in re-starting a PWR.
Table 1. Summary of hold points during power ascension
after a refuelling outage for a typical Westinghouse NSSS
Power level (%)
10-14
28-30
48-50
74-75
90
95-96

Duration* (hrs)
1-2
24
1-2
18-24
d1
1

Activity
Turbine heat-up and rotation, synchronise generator
Core flux mapping, water chemistry checks
Verification of compliance to technical specifications
Core flux mapping, water chemistry checks
Nuclear instrument calibration
Calorimetric heat balance between primary
and secondary sides prior to full power

* The duration of the hold point periods are estimates based on several plants. Actual times vary depending on the individual
unit and may be shorter.

As another example, Figure 1 shows the core power level and positions of the Group D control
rods [rod control cluster assemblies (RCCAs)] as a function of time during the start-up. In this case,
during the period between 0 and 5 hours, zero-power neutronics testing was performed and the Group D
control rods were withdrawn and inserted as part of this testing. The power ascension began increasing
to approximately 4.5% of full power at which time turbine rolling began. After turbine testing at constant
power, the power was increased to approximately 12.7% at which point the turbine/generator was
brought on-line. At this power level, the Group D control rods had been withdrawn to 40%. Power was
increased to the next hold point of approximately 29% as the control rods were withdrawn to 75%.
During the hold, the reactor power was increased very slowly to 30% power, the threshold at which
power ramp rate restrictions are imposed. Based on the times and power levels, it is estimated that the
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Figure 1. Typical start-up of a US PWR

power ascension rate from 12 to 29% was accomplished at a rate of approximately 16%/hr. The
hold at 29-30% power lasted approximately 26 hours, during which time calibration of nuclear
instrumentation and secondary side chemistry checks were performed. Subsequently, the full power
was attained in three major steps, with intervening hold times, at the rate of ~ 3%/hr.
Current re-start practices in the US, German, French and Korean PWRs have been compared in
recent EPRI-led industry studies [2,3]. Typical statistics are compared in Table 2. Compared to the
typical US unit represented in Figure 1, the threshold power levels in German units are considerably
higher (70%) and thus less restrictive.
PCI phenomenon
PCI-induced fuel failures first surfaced in the early 1970s in several boiling water reactor (BWR)
and Canadian (CANDU) power plants. Later, it became recognised as a generic commercial reactor
problem. In 1974 an incipient crack was found in an un-failed fuel rod providing unequivocal evidence
that the primary mechanism of PCI-induced cladding failures is ISCC [4].
Mechanism
PCI failures are normally induced following substantial power changes. The mechanism involves
a synergistic combination of mechanical and chemical interactions between the UO2 fuel pellets (with
iodine and possibly other fission products) and the zircaloy cladding. A technical basis for optimising
power ascension procedures during reactor start-up can thus be developed using analytical modelling
from fuel performance codes such as FALCON [5,6] with the implementation of an appropriate PCI
failure model.
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Table 2. Range of re-start parameters in the US, German, French and Korean PWRs
Ramp restriction threshold (power above which re-start limits are imposed)
Country
Average linear heat rate
US (all)
1.1 to 2.7 kW/ft (36 to 89 W/cm)
France
0.8 to 0.9 kW/ft (26 to 28 W/cm)
Germany
1.6 to 5.8 kW/ft (51 to 189 W/cm)
Korea
2.7 kW/ft (88 W/cm)
Ramp restriction rate
Country
Average linear heat rate
US (all)
0.16 to 0.17 kW/ft/hr (5.4 to 5.7 W/cm/hr)
France
0.16 to 0.17 kW/ft/hr (5.2 to 5.5 W/cm/hr)
Germany
0.05 to 0.32 kW/ft/hr and larger (1.7 to 10.5 W/cm/hr and larger)
Korea
0.16 kW/ft/hr (5.3 W/cm/hr)
Relaxation time (time at power after which ramp limits are removed)
Country
Time (hrs)
US (all)
3 to 72
France
72
Germany
0 to 72
Korea
3 to 72
As shown in Figure 2, the physical problem can be described as follows: During service, the fuel
pellets sustain a complex behaviour of cracking, relocation and crack healing with burn-up which
could result in hard pellet-cladding contacts. Such pellet-cladding contact could impart high local
stresses on cladding, even at below-average power levels. (Obviously, local stress state is also a function
of power history and burn-up through combined effects of fuel swelling and cladding creep down.)
Figure 2. Schematic zircaloy fuel rod failure mechanism
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In addition, certain embrittling fission products (emanating particularly through fuel radial cracks) may
chemically attack the clad ID in such regions of high local stresses and pellet-cladding contact. As a
result, stress corrosion cracking may initiate on the clad ID. The initial crack may or may not propagate
radially outwards. Especially during power changes, however, where additional azimuthal stresses are
imparted on the cladding due to pellet-cladding mechanical interactions, the probability for the initial
ISCC crack to extend through wall and result in cladding failure increases. This type of failure is highly
random, and its prediction is therefore partly a statistical problem. However, a deterministic modelling
of this mechanism is useful in evaluating worst-case conditions and in interpreting test results or field
occurrences.
Mitigation
PCI-induced fuel failures in commercial LWRs can be mitigated by (1) implementation of fuel
preconditioning and ramp rate guidelines, and (2) development of PCI resistant fuel designs. The impact
of such restrictions on plant operation is more severe for BWRs because of their higher potential for
PCI-induced fuel failure (large diameter rods, large power changes due to control blade movement,
higher linear power operation). However, these guidelines have also impacted reactor operations in
PWRs by extending reactor re-start times with a corresponding reduction in capacity factor.
Because of the large impact of ramp rate restrictions on BWR operation, fuel designs specifically
targeting the mitigation of PCI were developed. These fuel designs were termed barrier fuels because
of the presence of a material liner placed between the fuel pellet stack and the cladding [4]. Although
other alloys were tested, this liner was typically pure zirconium, metallurgically bonded to the inside of
a zircaloy cladding tube. The introduction of barrier fuels into BWRs has greatly reduced the incidence
of PCI fuel failures during re-start operations. Barrier-type cladding designs, however, have generally
not been used in PWRs due to the expense and the lower incidence of PCI-induced fuel failures. Power
conditioning in the form of ramp rate limitations are still the primary method of mitigating PCI-induced
fuel failures in PWRs. Another potential mitigation measure could involve fuel pellets with additives,
which produce a softer and more compliant pellet structure than the standard UO2 pellet [7].
Ramp test programmes
Power ramp tests are also conducted on BWR and PWR fuel rods to explore the power ramp fuel
failure threshold of commercial fuels after base irradiation. These power ramp tests include numerous
tests conducted by fuel vendors [8] and internationally sponsored programmes such as the OVER-RAMP
and SUPER-RAMP projects. Such experimental programmes provide useful data on the PCI behaviour
of irradiated fuel, which can be used to define safe operating conditions for commercial PWRs. The
OVER-RAMP project tested fuels with linear powers in the range of 14-25 kW/m (4.3-7.6 kW/ft) with
burn-ups between 12-31 MWd/kgU [9]. The SUPER-RAMP project tested fuels at similar linear
powers, but with higher burn-ups ranging between 33-45 MWd/kgU [10].
A comparison of the initial and terminal powers, burn-ups and ramp rates from the OVER-RAMP
project and typical preconditioning guidelines (ramp rate restrictions) used in commercial PWRs is
shown in Table 3. The OVER-RAMP programme tested fuel rods over similar burn-up ranges but
at much higher terminal and threshold powers and ramp experienced in modern PWR operating
environments. Results from the OVER-RAMP programme indicate that for the minimum ramp rate
(0.9 kW/ft-hr, roughly corresponding to the 10% per hour ramp rate used in PWRs) PCI-induced fuel
failures occurred only after terminal powers beyond 13 kW/ft were reached.
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Table 3. Comparison of OVER-RAMP programme and PWR power conditions

Burn-up
Terminal power
Threshold power
Ramp rate

OVER-RAMP programme
12-31 MWd/kgU
12.2-15.25 kW/ft
7-9 kW/ft
0.9-180 kW/ft-hr

PWR power conditions
16-51 MWd/kgU
6.9-9.95 kW/ft
1.4-2 kW/ft
0.3-3 kW/ft-hr (3-30%)

FALCON PCI analysis
PCI model
A key element of FALCON is the ability to estimate cladding failure through ISCC. Clad failure
calculations in FALCON are based on a time-temperature-stress failure criterion fashioned after the
cumulative damage concept. Such a concept assumes that the material undergoes cumulative damage
due to sustained stress – the higher the stress, the shorter the time to failure. This implies that an
applied stress of magnitude V0 lasting for a fraction of time 't will cause the fractional damage 'D as:
'D

't t f V 0

(1)

where tf(V0) is the time to failure had the stress, V0, been applied for the total time. Eq. (1) depends
implicitly on the temperature. Hence for a given constant temperature T0, Eq. (1) takes the form:
'D V 0 , T0

't t f V 0 , T0

(2)

The relationship for the time to failure used in FALCON has been developed from pressurised
zircaloy tube tests containing iodine gas [4]. These tests provide the time to failure as a function of
stress level, temperature, burn-up and material type. The expression used in FALCON is:
t e >A1V y  A 2V ref  A 3V @

tf

where t is a burn-up and temperature-dependent time, Vy the yield stress, and V the stress on the
cladding. A threshold stress, Vref, and a minimum burn-up (>5 GWd/tU) are used in the model and
both of these values must be exceeded before SCC is initiated. As shown, the threshold stress
decreases as function of burn-up and reaches a minimum value near 25 ksi above 20 GWd/tU.
The damage index is calculated in FALCON at each clad element to indicate the potential for
cladding failure as a function of time and stress level. The damage index is given by:
tn

D

³t
0

f

dt
V, Bu, T

(3)

where D is the amount of damage at tn, tf is the failure time at stress V, temperature T and burn-up Bu.
Damage index values range between zero and 100 in typical PCI analyses. A value of unity
represents the best-estimate measure of cladding failure, i.e. 50% probability of failure, provided the
uncertainties have been accounted for in the analysis. In the analyses presented in this report, a
0.5 damage index value indicates a high potential for PCI failure. Recommendations for modifying the
ramp rate limitations for PWR fuel are based on this limit.
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Analysis approach
The general approach used in FALCON analysis had four main steps: (1) identify the range of
threshold power levels and ramp rates; (2) identify the fuel rod designs and power histories; (3)
perform steady-state analysis for once- and twice-burned fuel (to determine the initial conditions prior
the ramp); and (4) perform PCI analysis of the power ramp associated with reactor start-up following a
refuelling outage.
The ramp rate limitations vary from plant to plant; they mainly vary in the threshold power level
and the ramp rate above the threshold power, as well as the power increase rate to the threshold power
level from hot zero power. To evaluate the effects of the threshold power level and the ramp rate on
fuel integrity, an analysis matrix consisting of fourteen combinations of parameters was developed for
use in the evaluation. The analysis matrix used in the evaluation is shown in Table 4. In an attempt to
span a variety of fuel rod designs and plant operating conditions (fuel rod power level), several different
plants were chosen for analysis. In this report three types of fuel in three different plants were analysed:
17 u 17 Vantage-5H fuel in Plant A, 16 u 16 ABB-CE fuel in Plant B, and 17 u 17 Vantage-5 fuel in
Plant C. The analysis matrix was applied to each fuel type, and in the case of Plants A and B, both
once-burned and twice-burned were analysed.
Table 4. Analysis matrix

Threshold power (% FP)
20
40
60
90

1

•

Ramp rate after threshold power (% FP/hr)
3
5
10
•
•
•
•
•
•
•
•
•
•
•
•

30
•

The combination of a threshold of 20%FP and a ramp rate of 3%FP/hr after the threshold was
considered as the base case condition. From the matrix of analysis cases, an optimum threshold power
and ramp rate was sought for each fuel design and plant type.
The steady-state analysis to base burn-up before refuelling outage employed one or two cycles of
operations prior to re-start power ramp. By selecting both once- and twice-burned fuel, an assessment
of the impact of burn-up was performed. This required information describing the fuel rod design
(pellet and clad dimensions, etc.) and the maximum fuel rod power history of each cycle of operation.
A full-length axi-symmetric analysis was conducted to establish the fuel rod condition at the beginning
of the reactor start-up power ramp. The parameters of interest were the peak power and burn-up
location on the fuel rod (axial height), the minimum fuel-cladding gap thickness, rod internal pressure,
and fast fluence. These conditions were used to define the axial location that may experience the
highest potential for PCI failure (largest cladding stresses).
Once the cycle calculation was performed, the PCI analysis was conducted at the axial slice
identified in steady analysis that had the highest potential for PCI failure (i.e. highest burn-up and
minimum fuel-cladding gap thickness). The PCI analysis was performed in r-T representation of the
fuel and cladding. Figure 3 contains a schematic of the model. The small wedge of the fuel and
cladding shown in Figure 3 is used to calculate the cladding stress and damage index response during
the power change. The PCI model contains a discrete fuel crack as indicated in the figure. This fuel
crack establishes stress and strain localisation in the cladding once fuel-cladding gap closure occurs.
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Figure 3. Finite-element PCI analysis in FALCON (r-T plane)
Cladding

Fuel Pellet
Crack

Typical results and discussion
The basic characteristics of the power ramps for the five different cases are provided in Table 5.
The cladding stresses are those corresponding to the base ramp case which used at a threshold of 20%
and a ramp rate of 3%/hr from the threshold to full power. Each case represents a different set of
parameters, including fuel pellet and cladding geometry, making it is difficult to discern trends related
to burn-up as the linear powers are different. The CDI is a function of cladding stress, which is directly
dependent upon the local LHGR and indirectly dependent on burn-up by virtue of the fuel-cladding
gap. At higher burn-ups, the CDI can achieve a given value at a lower LHGR because the fuel-cladding
gap has closed due to fuel swelling and cladding creep-down. Thus, when comparing the single Plant C
case with the twice-burned case from Plant A with allowance for slight differences in design, the
implication is that the linear power to produce a given stress or CDI decreases with burn-up.
Table 5. Results of cladding stress for five power ramp cases

Plant

Fuel type

A

17 V5H

B

16

C

17V5

Burn-up
rod/node
GWD/MTU
26.8/32.0
43.3/51.6
15.1/16.4
32.3/35.4
36.5/40.3

Peak
LHGR
(kW/ft)
9.95
7.98
9.17
6.89
8.51

Base conditions
Threshold
Ramp
power
rate
20% FP
3%
20% FP

3%

20% FP

3%

Clad
stress
(ksi)
41.9
35.1
36.1
30.7
35.6

CDI
0.480
0.057
0.084
0.009
0.057

The matrix of thresholds and ramp rates were applied to each of these fuel rod cases, however the
once-burned fuel in Plant A produced the maximum cladding stress and CDI for each combination of
threshold and ramp rate, and therefore the impact of threshold and ramp rates are discussed with
respect to this fuel. Figure 4 shows the CDI as a function of threshold power level for the various ramp
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Figure 4. Effect of threshold on cladding damage index for once-burned fuel in Plant A

rates applied above the threshold. The data show that up to a threshold of 60%, the cladding damage
index is essentially constant for a given ramp rate, and beyond a threshold of 60%, the damage index
increases with increasing threshold. Similar behaviour was observed for the other cases at different
burn-ups. The results suggest that PWR fuel could operate with a threshold up to 60% of full power.
The exact power level where maximum CDI begins to increase (i.e. the inflection point in Figure 4) is
somewhere between 60 and 90% FP, depending on the ramp rate.
The effect of ramp rate on the cladding damage index is shown in Figure 5, in which the CDI data
from Figure 4 are now plotted functions of ramp rate for a given threshold. For a particular threshold
below 60% of core power, the damage index increases almost linearly as a function of ramp rate. In the
case of a threshold at 90% of full power, the subsequent ramp rate would have to be limited to 1%/hr
or less. Based on these results, limitations must be placed on ramp rates in order to prevent PCI. These
data also suggest that those PWR plants operating with a ramp rate of 3%/hr could operate with ramp
rates of approximately 5%/hr without a significant increase reduction in margin to PCI.
Figure 5. Effect of ramp rate on cladding damage index for once-burned fuel in Plant A
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Discussions
Our calculations of CDI were under very aggressive conditions. First, they did not account for
typical operational hold points such as those described in Table 1 and Figure 1. Second, the effect of
coast-down for twice-burned fuel is not included. These tend to precondition the cladding, theoretically
making it less prone to PCI. Third, calculations in Figure 4 and 5 represent those with “half-gap”,
meaning half the values of fuel-clad gap at maximum LHGR was considered in computing the stress
and CDI. This provides for prudent caution in deriving recommendations based on these calculations.
On the other hand, it is noted that the PCI model in FALCON is based on out-of-pile iodine test data
from the 1980s [1,4].
Overall our results show that margin exists to increase the threshold for imposition of ramp rate
restrictions from 20-30% FP into the range of 40-60% FP. Above the threshold, a ramp rate of 5%/hr
is likely to be acceptable without reduction of fuel reliability. Plant-specific analysis is recommended,
particularly when new cladding alloy is involved.
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PELLET-CLADDING MECHANICAL INTERACTION IN BOILING WATER REACTORS

Michel Billaux and Hoju Moon
AREVA, Richland, USA

Abstract
In boiling water reactors (BWRs), the control blade movements are optimised to maximise the energy
output from a cycle. The local power transients caused by the blade movements may result in significant
pellet-cladding mechanical interaction in the fuel rods close to the control blades. Pellet-cladding
mechanical interaction in BWRs is discussed as it relates to the fuel conditioning and manoeuvring
criteria. The consequence of fabrication defects, such as pellet chipping, is investigated and presented.
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Introduction
In the 1970s the principal cause of fuel rod failures in boiling water reactors (BWRs) was
pellet-cladding mechanical interaction (PCI) [1]. About a hundred PCI failures of BWR fuel rods with
non-liner cladding were reported in the 1980s [2,3].
PCI fuel failures occurring in BWRs are a manifestation of a stress-corrosion cracking phenomenon.
Four factors are simultaneously necessary for failure to occur: sufficient stress at the inner surface of
the cladding, sufficient time, a susceptible material and a corrosive environment [4]. The stress in the
cladding results from thermal expansion of the pellet during a power increase. Most PCI failures are
correlated with control blade manoeuvres. Some failures followed the reloading of fuel assemblies
irradiated at the core periphery for one or more cycles to high power central locations [2].
To address these failures, the following remedies for PCI were implemented:
x

More restrictive fuel preconditioning and manoeuvring criteria were developed to reduce the
risk of PCI failure in fuel rods with non-liner cladding.

x

A zirconium liner fuel design concept was introduced by General Electric (GE) in the early
1980s [5,6]. However, with the incorporation of the liner, utilities elected to employ more
aggressive operating strategies in order to improve plant capacity factors and economy. The
traditional operating restrictions were removed and control blade withdrawals during pattern
adjustment were performed at or near full power [8], which accordingly reduced the new
margins provided by the liner.

x

To reduce the average fuel rod linear heat generation rate (LHGR) and provide greater margins
to PCI failure, 9 u 9 and 10 u 10 designs were introduced. In most cases, however, the margins
are consumed by a more aggressive core management allowing fuel to operate with higher
local peaking factors [8].

Post-failure rod degradation also has become a major source of concern for the manufacturers and
the operators. Zirconium barrier cladding appears to be more susceptible than standard non-barrier
cladding to the formation of long axial splits [7]. After a primary defect has developed, steam penetrates
the rod, until the inner and outer pressures are equilibrated. Only then do the fill and fission gases start
to escape from the rod. Inside the rod the steam oxidises both the fuel and the cladding. The oxidation
process liberates hydrogen in the pellet-cladding gap and other free volumes. The H2/H2O ratio
consequently increases above and below the primary defect as the distance from the defect increases.
When that distance is of the order of 1 m, H2O starvation occurs and dry hydrogen comes into direct
contact with the cladding. The hydrogen diffuses into the cladding and precipitates in the form of
hydrides. Cladding hydriding may lead to the formation of blisters, holes, short cracks and eventually
a secondary failure. The rod can further degrade with massive cladding hydriding, the formation of
circumferential cracks and longer axial splits in the cladding. Fuel may be eroded and released into the
coolant. Long axial cracks in non-liner fuel have been observed, but remain uncommon. They are
more common in liner fuel because the zirconium liner is much more susceptible to steam corrosion
and associated hydrogen pick-up than zircaloy. For those reasons non-liner cladding fuel is still widely
used in BWRs in the USA.
In the last few years the number of failures of both liner and non-liner BWR fuel rods has
significantly increased. The cause of most failures has not yet been determined. Some of them clearly
can be correlated with control blade movements. There are indications that liner-cladding fuel is not
immune to PCI failure [8]. In brief, PCI failures in BWRs are still a hot topic.
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BWR core management
The control blade patterns for modern BWR fuel cycle designs are based on control blade sequences
with long exchange intervals. The control blades are subdivided into four groups: A1, A2, B1 and B2.
At any time during normal power operation, control blades belonging to only one of these groups are
inserted. Figure 1 shows the map of a 1 150 MW(el) BWR core. It contains 764 fuel assemblies
distributed in 185 control cells. Control cells of A1 and A2 groups are explicitly represented in the
figure. Each cell consists of a cross-shaped control blade in the centre surrounded by four fuel
assemblies. Some fuel bundles at core peripheral locations have no associated control blades and thus
are never controlled. A quarter of a cell is represented in Figure 2.
Figure 1. 1 150 MW(el) BWR core. Subdivision of the core in cells of four fuel assemblies.
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Control blades from one group are inserted for a period of time and then swapped with control blades
from another group, to maximise the cycle energy while satisfying a number of constraints such as:
x

Reactivity constraints.

x

Axial power shape constraints.

x

LHGR and axial planar LHGR (APLHGR) constraints.

x

Cladding dry out constraints.

The optimisation of control blade patterns for a whole cycle involves a large number of variables.
The determination of an optimised control blade pattern is a complex process requiring a large amount
of computing resource. It can be done manually or with the help of an optimisation tool. Methodologies
have been developed that generate blade patterns with a quality equal to or better than an expert
manual design within a fraction of the time required for the manual design [9,10]. The solution of the
problem depends on a series of basic options such as:
x

The fuel loading pattern (strategic loading of fuel bundles in core regions to minimise bundle
power peaking while achieving the maximum cycle energy).

x

Fuel lattice design (strategic distribution of 235U enrichment among all fuel rods and
positioning of gadolinia bearing rods within an axial zone of a fuel bundle).

x

The fuel cycle energy or length (12, 18 or 24 months).

x

The control blade sequence, e.g. A2oB2oA1oB1 (from one to four groups of control
blades may be involved).

x

The length of the period of time between control blade sequence exchanges (from one to
several thousands of MWd/tU).

x

Reduction of core flow during the early part of a fuel cycle to achieve an economic spectral
shift operation.

The average axial power shape is controlled to form large bottom peaking in the beginning
through the middle of the cycle. This results in heavy duty for the bottom zone of fresh fuel bundles
within the LHGR and APLHGR constraints. Near the end of a cycle a middle- to top-peaked axial
power shape ensues with low LHGR in the bottom zone. The radial power distribution is made as flat
as possible in the interior zone of the core. This results in uniform burn of fuel bundles, which in turn
results in an end-of-cycle radial power distribution satisfying the thermal margin constraints with
minimal or no control blade intervention [10].
Operational transients in BWRs
For control and calculation purposes the fuel assemblies and the rods are axially subdivided into
24 or 25 (about 152.4 mm long) axial regions also called “nodes”. Nodes can be “controlled” or
“uncontrolled”. A node is controlled if it is covered by the adjacent control blade. Owing to the softness
of the neutron spectrum, the insertion depth of the control blade has a considerable effect on the axial
power distribution in the adjacent fuel rods. The LHGRs in controlled nodes are often lower than
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15 kW/m, while they can exceed 40 kW/m in uncontrolled nodes. In the US reactors the control blades
are moved by two notches at a time. Each pair of notches corresponds to an axial node. A two-notch
control blade movement is quasi instantaneous. For that reason the control blade sequence exchanges
are performed at reduced reactor power. Even so the nodal powers of fuel rods are subjected to rapid
changes during control blade sequence exchanges and the high-enriched rods close to the control
blades (e.g. Rod A5 in Figure 2) may be subjected to significant power ramps.
Figure 3 shows the changes of the axial power distribution in a rod close to a control blade
calculated with the MICROBURN-B2 BWR Core Simulator of AREVA [9]. Three incremental
control blade pulls of two notches each at 92% core power were followed by return to 100% power.
Figure 4 illustrates the evolution of the nodal LHGR. At Node 13 the power increased abruptly from
10.4 to 12.0 kW/m at the first blade pull, then to 26.5 kW/m at the second blade pull 10 minutes later,
then to 29.6 kW/m at the third blade pull 13 minutes after the second blade pull, and eventually to
32.3 kW/m after return to full power.
Figure 3. Effect of three successive two-notch control blade pulls
followed by return to full power on the axial power distribution
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Figure 5 shows a selection of fast power ramps resulting from control blade pulls. They were
recorded by the POWERPLEX® Core Monitoring Software Systems (CMSS), developed by AREVA,
installed in two BWRs: one loaded with 8 u 8 fuel, the other one with 9 u 9 fuel. POWERPLEX
CMSS monitors the power at each assembly node. Each vertical line represents the power ramp
experienced by the peak power rod in the assembly. In fact, 20 to 30 rods at each node experienced a
similar power change to within 1.5 kW/m of the peak power rod. Therefore Figure 5 summarises an
experience of some 7 000 to 10 000 power ramps. In some of them the power increased almost
instantaneously by more than 30 kW/m. It is remarkable that none of these rods failed.
Figure 5. Power ramps of 8 u 8 and 9 u 9 BWR
non-liner fuel resulting from control blade withdrawal
50
Each ramp represents some 20 to 30 rods

Rod Nodal LHGR (kW/m)

40

30

20

10

0
0

10

20

30

40

Assembly Nodal Exposure (MWd/kgU)

Fuel conditioning and manoeuvring criteria have been developed to reduce the risk of PCI failure.
These criteria are based on fast ramp experimental databases and fuel thermal-mechanical calculations.
The objective is to maintain a margin to PCI failure of at least 6 kW/m at any node and any time to
cover statistical uncertainties and small rod defects. But even so a large number of rods are subjected
to significant PCI.
Pellet missing surface
The golden age of ramp tests was in the beginning of the 1980s. It was the time of the now-classic
Studsvik tests. In 1981 and 1982 eight interesting slow ramp tests on GE fuel were performed at
Studsvik: the Super-Ramp BG8 and BG9 tests [11]. The profiles of the BG ramps are presented in
Figure 6. These tests were designed to demonstrate that no failure occurs when the ramp rate is slower
than typically 0.3 (kW/m)/h. The BG tests were performed at ramp rates in the range 0.20 to
0.34 (kW/m)/h. Five of the eight rods failed: four at 40 kW/m or more, one at only 34 kW/m.
It was quickly recognised that at high power, gaseous swelling of the fuel may prevent stress
relaxation and was responsible for the large cladding deformations observed in ramp tests [12]. The
BG failures at 40 kW/m or more were consequently attributed to the pellet-cladding mechanical
interaction resulting from the combined effect of thermal expansion and gaseous swelling. But thermal
expansion and gaseous swelling in rod BG8/1 were too low for the explanation of a PCI failure to be
feasible. Careful analysis of the ceramography of the BG8/1 rod showed that the edge of the pellet had
been chipped just in front of the crack in the cladding (see Figure 7).
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Figure 6. Super-Ramp BWR subprogramme
Reduced ramp rate test results
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Figure 7. Super-Ramp BG8/1
Pellet missing surface

The conjunction of a “pellet missing surface” with a cladding crack has also been observed a
number of times in commercial reactors [13,14]. A pellet missing surface breaks the symmetry of the
pellet-cladding mechanical system resulting in a stress concentration at the cladding inner surface.
Three-dimensional finite element calculations were performed and a stress concentration factor for the
tangential stress at the cladding inner surface was calculated as a function of the size of the missing
surface. The results obtained at AREVA are presented in Figure 8. The size of the missing surface in
front of the BG8/1 failure is 17q, which according to Figure 8 would lead to a stress concentration
factor of about 1.15. This means that if the tangential stress failure threshold calculated using a
standard methodology is 415 MPa [15], the failure threshold for BG8/1 calculated with the same
methodology would only be 360 MPa.
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Figure 8. Pellet missing surface
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Conclusions
When fuel is operated at low power for an extended period of time, fuel solid swelling and cladding
creep-down both contribute to close the pellet-cladding gap and to establish a moderate contact pressure
between pellet and cladding. This strongly reduces the ability of the fuel to sustain power ramps. The
fuel is said to be “deconditioned”. This happens in fuel loaded for one cycle or more at the periphery
of the core and then moved to a high-power central location. When the control blades are pulled out
during the start-up procedure there is a significant potential for severe PCI. The situation is even worse
if the deconditioned fuel is loaded into a controlled cell. Severe PCI may then occur during the first
control blade sequence exchange of the new cycle. Long periods of time between control blade sequence
exchanges increase the probability of severe PCI.
As already mentioned above, advanced 10 u 10 designs have been developed and introduced to
help reduce the average LHGR and provide new margins to PCI failure. However, in most cases the
margins are consumed by a more aggressive core management allowing fuel to operate with higher
local peaking factors. A secondary effect of the introduction of the 10 u 10 designs is a larger fraction
of fully deconditioned nodes in the core. In such conditions the complex control blade sequence
exchanges imposed by the fuel preconditioning and manoeuvring criteria may result in a significant
decrease of the plant capacity factor with negative economic consequences. Therefore a balance has to
be found between a not-too-aggressive core management and not-too-restrictive preconditioning and
manoeuvring criteria. The latter will have to be based on sound physics and an adequate fast ramp
experimental database.
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PCI-RELATED CONSTRAINTS ON EDF PWRS AND ASSOCIATED CHALLENGES
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Abstract
Through the years, EDF PWRs have been progressively subjected to more and more operating
constraints related to PCI fuel behaviour. Today in France, safety requirements impose that no fuel
failure by PCI should occur in normal operation as well as in incidental situations. Specific methods
have therefore been developed to define the protection system set points and operating specifications
in order to avoid the risk of PCI failure during Class 2 transients.
EDF experience feedback shows that PCI failure has never occurred in any of its 58 PWRs, which is a
source of great satisfaction from a fuel reliability point of view. However, meeting such safety
requirements goes together with heavy constraints. In addition to the licensing requirements for new
fuel products and the heaviness of PCI Class 2 analysis, the PCI-related operating technical
specifications are so constraining that they could even lead to the shutdown of a reactor.
Within a strongly competitive environment, the need to reduce the overall PCI constraints is crucial
for EDF since more demanding fuel management strategies are planned. Several options are currently
being investigated to take up this challenge, with the final objective of operating PWRs in the 2010s
without any PCI-related constraint.
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Introduction
Electricity from nuclear power plants in France is generated by 58 standardised PWRs owned by
EDF and representing 75-80% of the annual electric production. As a consequence, the entire fleet
of plants has to follow the demand of the grid, leading to a significant plant manoeuvrability need:
frequency control, daily load follow, extended reduced power operations (ERPO).
The generalisation of load follow operation in the 1980s was subjected to requirements from the
French nuclear safety authority. In particular, EDF was asked for guarantees against pellet-cladding
interaction (PCI) failure during upset conditions (Class 2 event). Since then in France, safety
requirements impose that no fuel failure by PCI should occur during normal operation, as well as
during incidental situations.
In this particular context, the purpose of this paper is to present the PCI issues in France from the
utility standpoint. First the paper gives an overview of the PCI Class 2 methodology currently in use to
meet the safety requirements on EDF PWRs. The constraints due to the prevention from the PCI fuel
failure risk are then examined. The paper ends with a discussion of the options currently investigated
to take up the challenge of reducing the overall PCI constraints.
PCI Class 2 methodology for EDF PWRs
PCI failures are due to stress corrosion cracking in the cladding material and are associated with
high local power variations. The damage in the clad is limited to a crack. The clad maintains its
structural integrity and the fuel temperature is not affected by the PCI failure mechanisms, which is
not the case for DNB or LOCA situations. In particular, there is no direct contact between fuel pellet
and primary coolant. The main consequence of PCI failure is a contamination of the primary coolant
by fission gases.
The risk of PCI failure during Class 2 transients was considered while NPPs were already in the
operating phase, so it was not conceivable to apply the standard design basis rules. Moreover, it should
be mentioned that the PCI failure risk is considered at such a level only on French PWRs. Many power
ramp test programmes have been carried out within international frameworks since the 1970s, though
it has not been possible to rely on international feedback regarding PWR operations.
Therefore, EDF, in close co-operation with FRAMATOME-ANP, has constructed a specific
methodology and specific rules to take into account the PCI Class 2 risk during the operating phase.
The solution was to make the best of the existing core protection system and to adjust the protection
set points in order to avoid the PCI failure risk during Class 2 events.
The PCI technological limit
The PCI failure criterion is based on power ramp tests that are performed in experimental reactors
such as OSIRIS at CEA and R2 in STUDSVIK. These facilities are equipped with test loops which
can combine PWR conditions and power increase rates typical of Class 2 power transients. The tests
are performed on PWR pre-irradiated fuel rods. The experimental procedure for power ramp tests aims
at simulating PWR-type Class 2 power transients in a test reactor. Thus, the experimental results can
be directly transposed to PWR conditions.
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The standard method of analysing power ramp tests in a safety study is to define a safe domain in
terms of maximum power, power variations and burn-up. This approach is pretty simple to apply, but
it presents two disadvantages. First, it requires a significant number of ramp tests to perform. Second,
this approach is delicate to extrapolate to loading conditions that are different from the ones in ramp
tests, since it may be over-conservative in some cases and insufficiently conservative in others.
Considering the high safety requirements involved, another approach was followed. The choice
was made to base the PCI failure criterion on a thermo-mechanical parameter that is calculated by a
fuel behaviour code and that can distinctively discriminate between failed and un-failed rods. In the
case of Zy-4 fuel rods, this parameter is the cladding internal stress.
Simulating the power ramp database with a fuel behaviour code allows determining the lower
admissible stress boundary before rod failure. This boundary is defined as the PCI criterion and is
named “PCI technological limit” of the fuel product (see Figure 1). If the cladding experiences a hoop
stress greater than the criterion, it will supposedly fail. The PCI technological limit is independent of
burn-up.

Thermo-mech.
Parameter

Figure 1. Definition of the PCI technological limit

Technological
Limit

Failed
Non Failed

Burnup

It should be noted that fuel performance codes used within this methodology are qualified for
incidental transient conditions, especially in terms of fuel thermal aspects at high temperature and clad
mechanical behaviour at high stresses (typically more than 300 MPa). Therefore, creep tests and
hardening-relaxation tests are performed on as-fabricated and irradiated clad materials. These tests
cover a wide range of conditions in terms of clad temperature, maximum hoop stress and strain rate
during loading and are used to elaborate clad creep-relaxation models to be implemented in the fuel
performance code. Such code qualification requirements, along with well-specified ramp test conditions,
allow transposing with confidence the PCI technological limit from the test reactor to the PWR.
Outlines of PCI Class 2 studies
The objective is to define protection set points of the reactor and to elaborate PCI-related operation
technical specification (OTS) to avoid any PCI failure during a Class 2 transient. Every type of normal
operation has to be studied: base irradiation, load follow, frequency control, ERPO.
The non-failure of PCI must obviously be guaranteed for the entire core. Though the PCI risk has
the distinctive feature of being difficult to localise in the core, it is intimately dependent on the initial
thermo-mechanical state of fuel rods before transient, which requires a knowledge of the power
history of every rod as well as the reactor operation during previous cycles. As a consequence, all the
rods of the core have to be computed with neutronic and thermo-mechanical codes, at base irradiation
as well as at Class 2 transients.
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PCI Class 2 analysis at base irradiation
The local linear heat rate is first calculated for every rod from its introduction in the core until the
beginning of an incidental transient. A 3-D neutronic code is used to compute the power distribution
LHR(x,y,z,BU) for 1/8 of the core. Calculations are performed for the reference campaign with
systematic stretch-out. The thermo-mechanical state of every rod is then calculated using a fuel
behaviour code and the core power distribution LHRbase(x,y,z,BU) as input data (see Figure 2).
Figure 2. Base irradiation computations

The transients selected for the analysis are conventional Class 2 transients considered as limiting
regarding the PCI failure risk, i.e. inducing high local power and fast power variations. They are of
three types:
x

Excessive increase in secondary system flow.

x

Uncontrolled bank withdrawal at power.

x

Control rod drop.

The initial state of the transient is chosen as the most penalising one within the allowed operating
range. The transients are computed using a NSSS code which models the local linear heat rate in every
mesh of the core during the transient LHRtransient(x,y,z,t).
The so-calculated neutronic loadings are used as input data in the fuel behaviour code which
calculates the evolution of the discriminating thermo-mechanical parameter for every rod of the core
all along the transient. This evolution is then compared with the PCI technological limit which has
been determined based on power ramp tests using the same fuel behaviour code. This comparison
makes it possible to assess the PCI margins to failure at base operation, for every point of the core and
every transient.
PCI Class 2 analysis in load follow and frequency control
Load follow operation as well as frequency control may induce some fuel deconditioning. Thus
this type of operation is associated with smaller margins than those computed for base-load operation.
Computations are performed using the fuel behaviour code, based on analytical power histories for
base, load follow and frequency control operations (see Figure 3). The comparison between these
computations leads to the PCI margins for load follow and frequency control operations.
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Figure 3. Analytical computations for frequency control and load follow operations

Extended Reduced Power Operation (ERPO)analysis
ERPO is a deconditioning operation regarding PCI fuel behaviour. For given situations, this type
of operation must be limited to maintain positive PCI margins. On the other hand, an increase of power
after ERPO is a reconditioning operation and thus makes it possible to reconstitute PCI margins. The
ERPO analysis consists in simulating the most limiting Class 2 transients at different times during an
ERPO and also after the return to nominal reactor power. Calculating the PCI margins’ evolution under
these conditions allows elaborating deconditioning and reconditioning laws (see Figure 4).
Figure 4. Assessment of PCI margins during and after ERPO

Definition of protection set points and elaboration of Operating Technical Specifications (OTS)
Before achieving the ERPO analysis, the reactor protection set points are defined based on a PCI
margin analysis. This analysis depends on the core protection system and thus on the type of plant:
x

For 900 MWe PWRs (34 units), the operating point must always remain within the operating
diagram described by reactor power and axial offset. The PCI Class 2 study is performed with
existing protection set points. The objective is to make sure that PCI margins computed for
base operation, load follow and frequency control are kept positive. These positive margins
are then allocated to the definition of maximum allowed ERPO lengths.

x

The 1 300 MWe and 1 450 MWe PWRs (24 units) are equipped with a digital integrated
protection system which continuously compares the hot spot of the core with a modifiable
limit. This allows the research of an operating domain compatible with PCI limits. The
objective of the studies is therefore to adjust the protection set points. This requires to find a
compromise solution between maximum allowed ERPO length and plant manoeuvrability
(load follow, frequency control) when adjusting the set points.
57

Once set points definition and ERPO analysis are completed, the last step of the study consists in
elaborating the PCI-related OTS. The deconditioning and reconditioning laws are translated into OTS
using a mathematical parameter called the “K credit”. K is given as follows:
K K0 

¦A T ¦B T
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i

j

j

j

where K0 is the initial value of K, Ai is the deconditioning coefficient computed from the deconditioning
law, Ti is the ERPO duration, Bj is the reconditioning coefficient computed from the reconditioning
law and Tj is the operating duration at full power after an ERPO.
The application of the OTS requires that the plant operators calculate on-line the evolution of K
and to ensure that K is always positive, i.e. that ERPO is still allowed regarding the risk of PCI failure.
PCI-related constraints on EDF PWRs
Today, EDF benefits from a significant plant operating experience with its 58 PWR units having
accumulated 1 000 reactor-years. Nevertheless not a single PCI fuel failure has ever been detected
since the start-up of the first unit in 1977, whatever the type of fuel design and the operation mode
(some units always base operating, others submitted to intensive load follow).
From a fuel reliability point of view, this experience feedback is a source of great satisfaction.
However, meeting such safety requirements is accompanied with heavy constraints for EDF. These are
of three types: constraints regarding fuel licensing requirements, constraints associated with the PCI
Class 2 studies and last but not least constraints for plant operation.
Constraints associated with fuel licensing requirements
Performing Class 2 studies for a given fuel product implies that the PCI technological limit of this
product has been previously assessed. As a consequence, licensing a new fuel product requires the
realisation of a power ramp test programme.
This programme has to be performed on fuel rods pre-irradiated in commercial PWRs and must
cover a burn-up range typical of fuel management schemes. Moreover, a significant number of tests is
expected to be performed to match the licensing requirements. It is with this aim that rods are extracted
from demonstration assemblies during fuel outages. The rods are then shipped to testing facilities for
re-fabrication, ramp testing, pre-ramp and post-ramp examinations.
A power ramp test programme including successive irradiations in commercial and experimental
reactors runs for five to ten years, thus inducing high time constants. Beyond the financial cost that has
to be supported for such a programme, it turns out that the PCI Class 2 qualification is often on the
critical path of the whole licensing process. From that standpoint, PCI Class 2 safety requirements
slow down the generalisation of new fuel products on EDF PWRs.
Constraints associated with PCI Class 2 studies
The PCI risk has the distinctive feature of being difficult to localise in the core, since it depends
both on the initial thermo-mechanical state of the rod and on the local power during the transient.
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Besides, rods with a high linear heat rate at base irradiation are not necessarily among those leading to
the lowest margins. It is very difficult to highlight neutronic or thermo-mechanical key parameters that
would allow simplifying the selection of limiting rods, unless it induces a high degree of conservatism
in the studies. Consequently all the rods in the core have to be computed with neutronic and fuel
performance codes, at normal operation (base, load follow, ERPO) as well as during Class 2 transients.
This represents a huge volume of calculations to perform.
Improvements have certainly been made through the years regarding calculation capacities by
means of regular hardware upgrades. But at the same time neutronic and fuel performance codes have
benefited from modelling improvements leading to increased calculation times. Therefore PCI Class 2
studies turn out to be very costly: from a financial cost standpoint, then in terms of mobilisation of
engineering manpower and finally regarding the time required to perform the entire studies. For
example, the current PCI study associated with a future fuel management scheme on the 1 300 MWe
plant series is planned over a two-year period and this does not take into account the potential future
analyses during the licensing phase with the nuclear safety authority.
Constraints for plant operation
The PCI Class 2-related OTS were first introduced in the entire fleet of PWRs in the early 1990s.
Since that time, the conditions of plant operation have been considerably modified in terms of
manoeuvrability but also in terms of generation capacity and complexity for operators.
Manoeuvrability restrictions
Taking into account the PCI risk leads to a significant lowering of the protection set points and to
a reduction of the plant operating diagram. For current fuel management schemes on EDF PWRs,
plant operation limits are mainly due to PCI, which turns out to be more constraining than DNB or
LOCA limitations.
This lowering of protection set points goes along with difficulties in following the grid demand,
since it may lead to insufficient operating margins for load follow operations. Moreover it requires the
operator to be particularly vigilant when returning to nominal power after a low power level.
ERPO limitations
The PCI-related OTS impose limitations in terms of maximum length of ERPO. As a consequence,
if the K credit is completely consumed during an ERPO, the only solutions are either to return to full
power or to shut down the plant if full power operation is no longer possible for any reason.
Situations of long-lasting ERPO are entirely conceivable due either to unavailability of equipments
or due to constraints on the water cooling system mainly caused by severe climatic conditions (loss of
performance of cooling towers, restrictions on the discharge temperatures). Besides, ERPO may be the
only way of operating a plant until the end of a campaign. Under these conditions, the PCI-induced
ERPO limitations constitute a major constraint for EDF in terms of generation capacity.
In the recent past, several units operating in ERPO have been confronted with severe
manoeuvrability restrictions in order to avoid an anticipated shutdown. Since then, further studies have
led to a partial relaxation of the PCI-induced ERPO limitations.
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Power ramp rate restrictions during start-up (normal operation)
It should be mentioned that operation of plants is also affected by PCI-related constraints during
the re-start of PWRs following a fuel outage. Start-up conditions have long been subject to strong
restrictions on the power ramp rate in order to prevent PCI failures. A legacy of analyses performed in
the 1970s has imposed a reactor power ascension rate of 3%/hr between 15 and 100% of core full
power after fuel handling.
Further studies performed in the early 2000s have made it possible to relax the imposed power
rate to 2%/mn between 15 and 50% of core full power while maintaining PCI safety requirements. The
authorisation has been given by the nuclear safety authority and the relaxed OTS are under deployment
at the different plant units. The use of less restrictive start-up conditions allows reducing the number
of events associated with OTS non-respect because of power fluctuations at low power levels.
Moreover it may decrease the time needed to achieve full power operation and therefore improve plant
availability at each start-up. But the fact remains that the PCI issue has engendered severe restrictions
on normal operation for over 20 years.
A challenge for the next decade: eliminating the overall PCI constraints
Within a strongly competitive environment, the need to reduce the overall PCI constraints is crucial
for EDF. On the one hand, the need for plant manoeuvrability does not stop increasing since EDF aims
at following the grid demand at its best. On the other hand, there are several plans for new fuel
management strategies between 2005 and 2015 in connection with significant discharge burn-up
increases up to 70 GWd/t [1]. These future strategies require high levels of performance and reliability
from the fuel. In this context, several means of reducing the PCI constraints are currently being
investigated so as to meet this challenge.
Beneficiating from the PCI methodology renovation
Advances in terms of fuel behaviour modelling and 3-D neutronic computations materialised in
2000 with the advent of new industrial codes. This came along with the updating of the Zy-4
technological limit based on recent power ramp tests. These developments have necessitated some
adjustments in the PCI methodology. Authorisation was given by the nuclear safety authority in 2002
for the so-called “renovated PCI methodology” associated with FRAMATOME-ANP codes.
The use of the renovated methodology should save PCI margins and thus reduce some of the
operating constraints. PCI studies related to new fuel management schemes for three of the four plant
series and concerning 52 units are currently in progress based on this renovated methodology. These
relaxed PCI-related OTS are planned to be progressively deployed as of 2005.
However, it should be noted that operating constraints will only be partly reduced and the need
for increasing operating margins will still remain a major issue. Furthermore the volume of calculations
to perform – and thus the length of PCI Class 2 studies – has not decreased.
Improving the modelling of phenomena
Another method of investigation lies in the understanding of the phenomena involved in PCI
failure. Major improvements have certainly been accomplished in this field within the framework of
CEA-EDF-FRAMATOME ANP research programmes. In particular, recent analyses now allow the
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ranking of the different phenomena or exhibit numerous experimental evidences regarding the benefits
of MOX pellets and high burn-up fuel in terms of resistance to PCI [2]. Moreover, innovative
experiments such as ramp tests with zero holding time at power [2] are still in progress and should
improve the understanding of phenomena.
With such efforts still under way, developments must now materialise in terms of advanced 3-D
modelling [3] as well as in terms of 1-D industrial code [4]. Always bearing in mind the reduction of
PCI-related constraints, EDF mid-term objectives for 2005-2007 are based on these improved
modellings and aim at:
x

Discriminating the behaviour of different pellet materials and thus enhancing the value of fuel
products with PCI benefits.

x

Rationalising the industrial qualification of future fuel products by optimising the power ramp
tests to perform.

x

Contributing to the reduction of operating constraints in the context of progressive
introduction of PCI remedy fuel in commercial PWRs.

Qualifying a PCI remedy fuel
The most promising means of eliminating the PCI constraints relies naturally on the development
and the qualification of a PCI remedy fuel, i.e. without any PCI-related constraint: it is expected from
the PCI remedy fuel not only to remove the overall operating constraints but also to reduce the PCI
Class 2 studies to the bare minimum.
Fuel vendors have been working for a long time on UO2 microstructures with enlarged grain size
obtained either by specific manufacturing conditions or by incorporation of additives such as Nb2O5,
Cr2O3 or SiO2. For various reasons, these advanced microstructures have proven to be beneficial
regarding PCI behaviour. In this context, irradiations in EDF PWRs of experimental fuel assemblies
containing several variants of additives from different vendors are in progress.
High expectations are placed on some of these advanced fuels, in particular the chromia-doped
UO2 pellets, which have already exhibited promising performances [5]. However, experimental
programmes have to go further. The emphasis is now on demonstrative power ramp tests: the purpose
is to show that the selected additive fuels are an effective remedy against PCI failure, whatever the
type of incidental power transient. One should not forget either that the PCI remedy fuel is also
expected to exhibit as far as possible an improved behaviour in terms of fission gas release reduction
at high burn-up.
Conclusions
The increasing needs in plant manoeuvrability together with high expectations in terms of fuel
performance and reliability are no longer compatible with the current PCI-related constraints on EDF
PWRs. Several methods are currently being investigated to match the industrial goal of eliminating
these constraints. The most promising solutions rely on PCI remedy fuels and should comply with the
final objective for EDF of operating PWRs in the 2010s without any PCI-related constraint.
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Abstract
Since the mid-90s, a version of the TRANSURANUS code has been under development for the analysis
of the fuel rod performance in Russian-type VVER reactors. This required, among other things, the
implementation of specific thermal and mechanical properties for Nb-containing cladding. The first
part of the paper summarises the present status of the models for normal operating conditions. Further
refinements will include the correlation between the effective creep strain rate and the effective stress.
In the second part of the paper we consider accident conditions for which new correlations have been
developed, including plastic deformation, high-temperature oxidation and burst of the cladding. These
conditions have been implemented in TRANSURANUS and verified by means of burst tests for
as-received, oxidised and irradiated cladding specimens.
Finally, an outlook of the planned activities for code development and validation, including experiments
regarding PCMI-related safety criteria for VVER reactors, is presented.
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Introduction
Most of the important concepts of the TRANSURANUS code were developed between 1973-1984
at the Technical University Darmstadt [1,2] and in parallel from 1978-1982 at the Karlsruhe Research
Centre (URANUS code):
x

A clearly defined mechanical-mathematical framework into which physical models can easily
be incorporated; “build-in mathematics” supports the modification and extension of the code
and guarantees numerical stability.

x

A consistent modelling of very different situations, as given for instance in an experiment,
under normal, off-normal and accident conditions.

x

A high flexibility: different fuel rod designs, time scales of irradiation conditions may range
from milliseconds to years, a comprehensive materials database for oxide, mixed-oxide, carbide
and nitride fuels, zircaloy and steel claddings and different coolants.

x

Incorporation of a Monte Carlo (MC) technique for probabilistic analyses. A simpler
probabilistic technique, the Numerical Noise technique, augments the MC technique for specific
analyses.

Since 1982 main developments have been carried out at ITU [3,4]. The focus was on fast breeder
reactors (FBRs), a development that was abandoned in 1992. Besides oxide, carbide and nitride fuels
were also modelled and the TRANSURANUS code was coupled with the European Accident Code
(EAC) [5], which aimed at analysing a hypothetical FBR core disruptive accident. Various further
improvements were made and the name was changed from URANUS to TRANSURANUS.
In the period 1990-1992, following the political changes in Eastern Europe, the nuclear safety
policy in Eastern European countries was reviewed and independent nuclear regulatory authorities
were created. One of their main tasks was to establish licensing procedures and quality assurance (QA)
systems, as requirements prior to loading nuclear fuel in reactors [6]. In response to this, support from
many national and international organisations, especially the NEA of the OECD [7,8], the IAEA
and the EU was organised. For example, within the FUMEX (Fuel Modelling at Extended Burn-ups)
Co-ordinated Research Programme and two other related IAEA programmes (RER 4/12 and RER 4/19)
the TRANSURANUS code was released to eight organisations in six different Eastern European
countries. In conjunction with the code release, several training programmes were organised. Two EU
PHARE programmes, FERONIA-BG [9] and FERONIA-CZ [10], helped facilitate the transfer of the
TRANSURANUS code to two additional organisations in the Czech Republic (NRI Rez) and Bulgaria
(INRNE) and to start the development of a specific VVER version of the TRANSURANUS code.
Two other projects financed by the EU sustained this effort. The first, called PECO (Pays d’Europe
Centrale et Orientale), was a joint project between the INRNE (Bulgaria), KFKI (Hungary), VUJE
(Slovak Republic) and ITU, which ended in mid-2002. The second project, EXTRA, was a shared-cost
action between KFKI, VUJE and ITU that started in December 2001 and finished by the end of 2003.
The present paper summarises the results of the VVER developments carried out by various
partners of the TRANSURANUS user network since the mid 90s. First, we will summarise the main
differences in design, safety criteria and operational experience between Western reactors and VVERs.
Subsequently, the model developments for normal operating conditions will be reviewed. Developments
resulting from the EXTRA project for simulations of accident conditions will then be summarised.
In the final section, the different R&D needs will be outlined along with the various ways by which
the developers and users of TRANSURANUS plan to tackle them.
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Main differences between PWR and VVER fuel performance calculations
The differences of design and the concomitant fuel safety criteria for Western-type PWR and
Russian-type VVER reactors call for specific fuel performance code developments. Rather than
developing one specific code for each reactor type, the policy of ITU encourages the application of a
single fuel performance code in order to promote harmonisation of the nuclear fuel licensing process
in all European countries.1 In 1990 the TRANSURANUS code fulfilled all these requirements for it
could already be applied to LMFBRs, PWRs and BWRs during normal, off-normal and accident
conditions alike. However, prior to reviewing the specific model developments for the VVER version
of the TRANSURANUS code, we will review the main differences in design and safety criteria with
respect to PCMI in PWRs and VVERs.
The main dissimilarities between the PWR and VVER fuel rod design [11,12] that have to be accounted
for in a fuel performance code are the hexagonal lattice in VVER fuel assemblies, the annular UO2 and
(U,Gd)O2 pellets, and the zirconium alloy cladding with 1% Nb (E110). The first two features were
already implemented in the TRANSURANUS code for FBR applications, while the Nb-containing
cladding material required the most important modifications (see below).
The main differences in the criteria that have to be assessed with a fuel performance code in the
framework of fuel licensing or design calculations are [11]:

1

2

x

The PCMI safety criterion is defined to avoid mechanical fracture as a result of stress due to
pellet expansion, without the effect of iodine, during a transient. In Western-type reactors it is
generally considered that this criterion is met when applying a 1% design limit on the total
(elastic and plastic) strain. In VVERs there is a more conservative requirement that the stress
remain below the standard yield strength for Class II events2 (incidents without cladding failure).
As a result, there is negligible plastic deformation and thus no need for a strain criterion.
Nevertheless, it was concluded that the PCMI safety criteria should be reviewed in order to
take into account the speed of the transient/accident [11].

x

The safety criterion for the total oxidation level of the cladding during a LOCA event to prevent
fragmentation and maintain a coolable geometry is similar for Western reactors [in general
17% equivalent cladding reacted (ECR)] and VVERs (18% ECR), although they are derived
on a different basis. For Western reactors, one should clarify the role of the pre-transient
oxidation level in the definition of the limit and complete the set of verification experiments.
Nevertheless, for PWR and VVER fuel, typically 1-8% ECR levels and 5-6% ECR levels are
observed respectively, so that a sufficient margin exists for actual fuel/core designs.

x

The approach for the operational design criterion to prevent fuel failures due to stress corrosion
cracking on the inside of the cladding during local power ramping (PCI) is similar between
East and West, although the rules and numbers used are fuel-design specific. In general, they
result in a restriction of the power increase as a function of time (burn-up).

x

Design criteria to prevent cladding damage due to static and cyclic loads are less conservative
for Western reactors in comparison with VVERs. For the Western reactors there is a limit on
the stress (function of yield and tensile strength), the elastic plus plastic strain (typically 1% at

Nevertheless, the fuel performance code applied by the licensing authorities should remain independent from
the code applied by the fuel vendor.
Reactor operating conditions are divided into 4 classes: Class I for normal operating conditions, Class II for
incidents of moderate frequency, Class III for accidents of low frequency and Class IV for serious and
hypothetical accidents.
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BOL and 2.5% at EOL) and fatigue. VVER fuel rods on the other hand should have a cladding
stress less than the standard yield strength, whereas there is only a strain limit for fast transients
(max. 0.5% plastic deformation). The creep is also included in the fatigue limit for VVERs, so
that the criteria are overall consistent in comparison with those in PWRs.
x

For VVERs, the cladding diameter increase due to creep and cyclic accumulation of plastic
deformation is limited to 0.4% in order to avoid stress corrosion cracking beyond. Such a design
criterion is not defined for Western reactors, although further research was recommended to
better understand the different behaviour of zircaloy-4 and Nb-containing Zr-alloys.

x

For VVERs the ultimate cladding elongation design criterion is defined for Classes I-IV,
whereas for Western reactors, the criterion only applies to Class I and II events. Accordingly,
a review of the PWR criterion for rod elongation during Class II and IV events was
recommended [11].

These criteria mostly influence the fuel licensing calculations (procedure) rather than the fuel
performance code itself, although they highlight the code requirements in terms of application range
and precision. The main code modifications required by the different design and safety criteria relate
to the cladding oxidation model under LOCA conditions, where one should account for the different
kinetics for Zr-Nb alloys when going through the alpha-beta transition (see below).
Despite the design differences and the different safety criteria applied, the same general
performance is achieved for PWR and VVER assemblies [12]:
x

The bulk of commercial fuel reaches burn-ups of 40-45 GWd/t and limited amounts of fuel
are already discharged at 50 GWd/t. Future R&D targets include a burn-up of 60 GWd/t, and
the extension of service beyond five years.

x

A similar magnitude of fuel failure rates is observed in the range of (2-5) u 10–6 or more.
In order to achieve the targets of operational reliability around 10–6 per year, further R&D
efforts are focusing on grid-to-rod fretting in both types of reactors, while the axial offset
anomaly is also an issue in PWRs.

Even though the main R&D objectives for fuel assemblies in VVERs and PWRs are similar, there
remains a fundamental difference with respect to the materials research: the main limiting design
criteria for VVERs are the mechanical and dimensional stability of fuel elements, as opposed to the
cladding corrosion and the associated hydriding issue in PWRs. For these reasons, a material with
higher mechanical stability (E635) is being introduced in the structure of new fuel assemblies for
VVERs, while several advanced Zr-based cladding materials (e.g. M5, ZIRLO, etc.) have been
successfully introduced in PWRs to reduce the external corrosion layer thickness.
A second major difference is the commercial use of MOX fuel in Western-type light water
reactors, whereas its use in VVERs is now only considered in the framework of the programme for
reactor-based plutonium disposition [13].
In view of the above-mentioned tendencies and related issues, the general requirements for the
fuel performance code developments consist of a model for fission gas behaviour in high burn-up fuel,
along with the introduction of material properties for new materials (see below). For the generic fuel
performance codes, however, it is hard to obtain data for new materials (proprietary data for fuel and
cladding). Therefore, networking has proven to be a key element – especially when safety issues are at
stake – which is part of the objectives of the TRANSURANUS network.
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Present status of TRANSURANUS-VVER for normal operating conditions
Code developments
The following paragraphs provide a brief overview of the VVER-specific model developments
incorporated in the TRANSURANUS code so far. In the starting phase, the PINMicro code [14]
(dedicated to VVER fuel rod modelling) had been analysed. As far as possible it was used as a basis,
as described in Ref. [15].
Pellet properties
The annular cylindrical geometry of the VVER fuel is already treated as standard option in the
TRANSURANUS code. The fuel thermal conductivity is modelled by the standard TRANSURANUS
correlation for UO2 fuel that was derived at ITU Karlsruhe from literature as well as in-house
experimental data [16].
To describe the fuel densification, a generalised formula containing an exponential dependence
on burn-up is used. It is based on experimental results from the OECD Halden reactor project [17].
Fuel swelling is treated by means of a simple rate equation. This approach takes into account the
contribution of the swelling to the fuel volume change in the early-life irradiation period. The presently
applied swelling rate of 0.9% per 10 MWd/kgHM is being reviewed to account for improvements in
the swelling properties of VVER fuel [18].
Cladding properties
Most of the relevant thermal and mechanical properties of the Zr1%Nb cladding were directly
derived from the comprehensive report of Volkov, et al. [19], which was also the basis for the
development of the PINMicro code [14]. More precisely, empirical dependences on the local
temperature are implemented for:
x

Young’s modulus and Poisson’s ratio of the cladding (linear dependence).

x

Specific heat of the cladding (second-order polynomials).

A compilation of experimental data by Zaimovskij [20] was used as the basis for the development
of correlations for:
x

The cladding thermal linear expansion coefficient (second-order polynomial).

x

The cladding thermal conductivity (third-order polynomial).

In TRANSURANUS an effective creep rate is used for describing the relation between stress and
strain. Following the MATPRO-N1 library [19], three optional correlations were implemented. In a
first test, these options were compared to the results of additional strain experiments with Zr1%Nb
tubes [21,22]. Based on this work, the following expression was chosen for normal operating conditions
of VVER fuel:
H eff

1.554 u10  30 V eff  7.006 u10  36 V 4eff )  3.342 u10  4 V 3eff.2 e
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where H eff is the effective creep rate (1/s), Veff is the effective stress (Mpa), T is the temperature (K)
and ) is the fast neutron flux with energies En > 1 MeV (n/m2s).
The anisotropy coefficients that appear in the flow law (which is not given here) and that define
the relation between the effective strain and its radial, tangential and axial components require further
consideration. Additional work is also necessary to clarify possible additional time-dependent factors.
In its present version TRANSURANUS uses an empirical dependence of the rod elongation on
the burn-up, based on published rod elongation data [23,24]. Further verification of the rod elongation
model with experimental data is planned so that the code will enable the corresponding design criterion
(see above) to be verified.
Code validation
In the following we summarise the status of the validation of calculated fuel centre temperatures
and of fission gas release for normal operating conditions of VVER fuel. Additional validation work
regarding dimensional changes and fission gas release, based on experimental data from KOLA3 [25],
is still ongoing and is therefore not reported here. Verification of the TRANSURANUS calculations
for storage conditions was initiated at AEKI [26] but will be continued in the coming JRC-sponsored
enlargement project for Bulgaria.
Central temperatures
In the frame of a comprehensive verification programme, more than 40 000 predictions of fuel
centre temperatures by TRANSURANUS had been analysed and compared to experimental results [16].
The data were grouped according to fuel types (standard Western-type UO2, UO2-VVER and MOX)
and irradiation conditions (OECD Halden Reactor Project and the Finnish-Russian SOFIT programme).
The vast majority of calculated points deviates less than 10% from the measured data. No overall bias
can be seen. The standard deviation for the total amount of data is below 4%.
A number of datasets has been selected to compare the behaviour for both Western-type UO2 fuel
(11 412 data points) and UO2-VVER fuel (11 157 data points), irradiated in the same assembly of the
OECD Halden reactor. For these two types of fuel, Figure 1 shows the relation between measured and
calculated fuel centre temperatures in two different rod geometries (small gap and large gap).
Experimental data on VVER fuel had also been obtained from the Finnish-Russian SOFIT programme
and compiled in the IFPE database [8]. This data enables an investigation of calculated and measured
temperatures under completely independent irradiation conditions. Figure 2 compares the data of the
SOFIT programme to those obtained from the OECD Halden reactor project.
The following observations can be made from the data:
1) The overall range of deviations between measured and calculated fuel centre temperatures is
almost identical for standard Western-type and VVER-type UO2 fuel. Figure 1 illustrates that
the rods of the same gap size have a similar performance, irrespective of the fuel type.
2) Very good agreement of the fuel temperature predictions is seen in the small-gap rods
[Figure 1(a)]. For the large-gap rods the agreement is still fair [Figure 1(b)] but the results
point to a systematic underestimation. In the context of the large fuel-cladding gap (270 Pm)
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the trend is expected to arise mainly from the application of a constant fuel swelling rate, and
because of the relocation effect that affects the eccentricity in large-gap rods.
3) The deviation of code predictions from experimental results is consistent for both independent
data sources (Figure 2). This is an important step in the verification of the VVER version of
TRANSURANUS.
Figure 1. Comparison of calculated versus measured fuel centre
temperatures for UO2 fuel rods irradiated in the OECD Halden reactor
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Figure 2. Comparison of calculated versus measured fuel centre
temperatures for UO2-VVER fuel rods in different irradiation conditions:
SOFIT programme, compared to those irradiated at the OECD Halden reactor
2000

Calculated Fuel Centre Temperature

Calculated Fuel Centre Temperature

800
o

Measured Fuel Centre Temperature ( C)

0

+ 10%

UO2 Fuel for VVER
SOFIT 1.1
- 621 points

+ 10%

1500

OECD Halden Reactor
- 11170 points

- 10%

1000

500

0

0

500

1000

1500

2000
o

Measured Fuel Centre Temperature ( C)

69

Fission gas release
Systematic analyses of data on fission gas release are much more complicated because most
measurements are not performed during the irradiation, but during post-irradiation examinations (PIE).
In the SOFIT programme only one VVER fuel rod could be thoroughly analysed for fission gas
release. A first comparison with data for Western-type fuel from the IFPE database is described in
Ref. [27]. The overall agreement is very encouraging. For three Western-type UO2 fuel rods selected
from the High Burn-up Effects Programme (HBEP) the predicted and calculated fractional fission gas
release is shown in Figure 3.
Figure 3. Burn-up dependence of the calculated fission
gas release (top) and the calculated fuel centre temperature (bottom)
for the UO2-VVER fuel rod of the SOFIT programme discussed in the text
Note the considerable decrease of both temperature and fission gas release that is caused by a 10%
change in linear heat rate. For comparison, the top graph also shows three fission gas release measurements
from the High Burn-up Effects Programme (HBEP), together with the values calculated by TRANSURANUS.

0.2

standard relocation (FRAPCON)
previous relocation (GAPCON)

Fission Gas Release (/)

Sofit 1.1
rod 12
0.1

power reduction
by 10%

0.05

HBEP
rod 20
rod 21
rod 22

0.02

0.01

0

20

40

60

Rod Average Burnup (MWd/kgHM)

o

Max. Fuel Centre Temperature ( C)

Sofit 1.1 Rod 12

2000

standard relocation
(FRAPCON)

1000

previous relocation
(GAPCON)
power reduction
by 10%
0

0

4

8

Rod Average Burnup (MWd/kgHM)

70

12

However, for the VVER fuel rod investigated in the SOFIT programme the standard options of
TRANSURANUS lead to a strong overestimation of the measured fission gas release (Figure 3). The
specific rod was operated at very high power (up to 46 kW/m) and had a low initial gas pressure
(0.1 MPa He). The analysis confirms the non-linearity of the release response as well as the strong
thermal feedback. Applying a non-standard relocation model (GAPCON [28]) results in earlier closure
of the gap and considerably lower fuel temperature and fission gas release. It is interesting to note that
a simple reduction of the applied linear heat rate by 10% leads to an effect comparable to that of the
non-standard relocation. In view of the realistic measurement uncertainties and of the limited number
of experimental data it is difficult to draw definite conclusions. A comprehensive verification of the
code requires further experimental data for fission gas release of VVER fuel irradiated at low as well
as high power, including detailed irradiation histories and pre-characterisation data.
Based on the advent of modern computer technology as well as the more detailed experimental
data becoming available, the ITU modelling group has decided to introduce more mechanistic models
into the fuel performance code. In a first step, a mechanistic fission gas release and swelling model
will be introduced and tested. Although such a model requires more experimental data for the final
fitting of the numerous parameters, it should improve our understanding and the description of the
detailed phenomena involved in the process.
Present status of TRANSURANUS-VVER for accident conditions
Right from the start of the TRANSURANUS code development, both the numerical techniques
and the phenomena were selected so as to enable consistent simulations of normal, off-normal and
accident conditions alike in FBRs as well as LWRs. The main specific requirement to also apply the
code under accident conditions to VVER fuel was to include specific models for Zr1%Nb cladding in
the high temperature range (see above). This constituted the main objective of the EXTRA project that
was funded by the 5th Framework Programme of EURATOM [29]. In this project, the best-estimate
description of the key phenomena under accidental conditions, as the zirconium-steam reaction, the
plastic deformation and the rupture of the Zr1%Nb cladding tube were developed and validated. The
empirical correlations were based on a newly compiled database of nearly 400 separate effect tests
performed at the AEKI.
Code developments
Cladding oxidation in steam
The zirconium-steam reaction model of the TRANSURANUS code is based on parabolic kinetic
correlations for both the oxygen mass gain and the ZrO2 layer thickness growth and is adequate to
simulate the cladding oxidation under temperature transients. The incorporated model calculates the rise
of the oxygen concentration in the cladding and the ZrO2 layer increase by means of the well-known
recursive formula:
Xi

X i21  K i2 dt i

where X is the extent of the oxidation, i.e. oxygen mass gain per unit area ('m) or ZrO2 thickness
( G ZrO2 ), K is the reaction rate constant, dt is the time step length and i is the time step index.
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The new best-estimate correlations of the AEKI describing the reaction rate constants for
Zr1%Nb alloy in the temperature (T) interval of 800-1 500 K reads as follows:
10200

2
0.5
°658 e T , if X 'm (mg/cm /s )
K ® 10200
°4 e T , if X G ZrO (mm/s 0.5 )
2
¯

In order to define the oxidation kinetics of the cladding an optional VVER-specific model from
Solyany [30] is also applicable in the code. This second correlation provides a conservative approach
for the oxygen up-take.
Cladding ballooning and rupture
In conformity with the TRANSURANUS mechanical model, the dependence of the effective
strain rate on temperature, effective stress and the crystallographic phase of the VVER fuels’ cladding
is expressed by means of a modified Norton-type equation. However, the evolved creep rate correlation
takes into account the actual oxygen concentration in the cladding as well. In this manner, the relevant
effect of the oxidation on both the strength and the cladding deformation can also be simulated as
follows:
 QD

H eff

f D kD e RT

b x

 QE

nD
V eff
 1  f D kEe RT

b x

V effE
n

where fD is the weight fraction of the D zirconium, H eff is the effective strain rate (1/s), Veff is the
effective stress (MPa), R is the universal gas constant (J/mol/K), T is the temperature (K), k, Q and n
are the Norton parameters in the D and E crystallographic phases and b(x) is the oxygen concentration
(x) term.
The Norton parameters were fitted to experimental data by a Levenberg-Marquardt method. The
oxygen concentration term was evaluated by means of sensitivity analyses.
Table 1. Norton parameters and oxygen concentration term for Zr1%Nb cladding
D-phase (600-800qC)

E-phase (900-1 200qC)

kD

6

6.06 × 10

KE

1.44

QD

3.58 × 105

QE

1.82 × 106

nD

5.18

b(x)

5.82

NE
6

3

4

2

2

–7.06 × 10 x + 5.190 × 10 x – 6.03 × 10 x
+1.35 × 103 x3 – 5.015 × 103 x2 + 6.94 × 102 x – 8.8

(x d 0.02)
(x > 0.02)

Beyond a proper strain rate relation, rupture criteria are also necessary to evaluate the number of
inhermetic fuel rods and the maximum residual deformation. The failure of the cladding tube can be
predicted on the basis of two optional criteria:
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1) The first (standard) criterion is a typical stress-based evaluation. Cladding failure is indicated
when the true tangential stress exceeded the threshold stress defined on the basis of
experimental data.
2) The second criterion is related to plastic instability conditions. When both the strain and the
strain rate exceed certain threshold values (0.02 and 100 1/h, respectively) the cladding is
assumed inhermetic. This tentative criterion is suggested to overcome unreliable (very sensitive)
predictions of the stress and strain.
Code validation
The validation of the models in the TRANSURANUS code involves various phases. In the first
phase, the models are being tested in a separate environment against exact numerical solutions as well
as some experimental data from separate effect tests, if available. In a second step, the models
incorporated in the code and the updated code predictions are compared with results from other codes
and experimental results. The same approach was adopted for the validation of the newly developed
models for Zr1%Nb cladding. Nevertheless, in the present paper we limit ourselves to the comparison
of the code predictions against experimental data from separate effect tests and integral tests.
Relevant effort has been focused on the verification of the newly developed correlations and the
validation of the extended TRANSURANUS code. Comparison of the code results with analytic
solutions proved the correctness of the applied algorithms. VVER-specific separate effect tests and
integral tests were also simulated in the EXTRA project. The post-test analyses of more than
200 cladding ballooning tests constituted the most important part for the code validation. Isothermal or
isobar burst tests performed with as-received, pre-oxidised or irradiated Zr1%Nb tube specimens were
simulated. Figure 4 represents the history of a typical burst test analysis when the rod internal pressure
was increased linearly under isothermal conditions. The cladding strain, calculated by TRANSURANUS,
indicates a highly non-linear process with accelerating creep deformation (ballooning) right before
the failure. The calculated burst time and maximum tangential strain can be compared with the
experimental data. The comparison of the calculated and measured time of burst for a large number of
tests clearly indicated the correctness of the TRANSURANUS simulations (Figure 5). The code
reliably predicts the time of failure for the slow as well as for the fast experiments either with as-received,
oxidised or irradiated cladding specimens.
Figure 4. Rod internal pressure and tangential strain
calculated by the TRANSURANUS code for a cladding burst test
The square point represents the measured residual strain at the time of failure
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Figure 5. Validation of the extended TRANSURANUS code, comparison
of measured and calculated time of failure in 192 cladding burst tests
Experimental data represent the isothermal tests of the AEKI with as-received and pre-oxidised
claddings [31], the isothermal tests of the Kurchatov Institute (KI) with as-received and irradiated claddings [32]
and the isobar tests of the Forschungszentrum Karlsruhe (FZK) [33] performed in oxidising atmosphere
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Conclusions and perspectives for TRANSURANUS-VVER
Since 1990 VVER-specific developments were carried out by various TRANSURANUS users.
Support from the European Union was provided through the PHARE projects and the specific
enlargement activities of the Joint Research Centre from the European Commission in order to
promote the harmonisation of nuclear fuel safety in both Western PWR and Russian-type VVER
reactors. The driving forces for developments result from both the differences in design and safety
criteria. Our efforts were therefore concentrated on the material properties of Zr1%Nb cladding material
for normal operating conditions as well as accident conditions. The validation work has been based on
experimental data obtained from the IFPE database as well as from the OECD Halden Reactor Project.
The results are very promising, although more data are needed.
Future development work for VVER applications will be primarily directed to the modelling of
release and swelling in high burn-up fuel and cladding creep under storage conditions, including the
relation between the effective creep strain rate and the effective stress. This work will be supported by
the specific enlargement action of the Joint Research Centre.
The validation work will also be extended. AEKI initiated an experimental programme with
separate tests to measure the hydrogen absorption and the mechanical properties (yield stress and
ultimate tensile strength) of Zr1%Nb as a function of the hydrogen content by means of standardised
ring compression and tensile tests. Furthermore, creep tests with both pre-irradiated and as-received
cladding segments of Zry-2, Zirlo, M5 and E110 are being carried out in the Halden Boiling Water
Reactor. In addition to the separate effect tests, we will analyse the onset of PCMI in a Halden test
rig in the framework of the co-ordinated research project FUMEX-II organised by the IAEA. These
experiments will help us to further refine the cladding creep models.
As far as the validation work for application of the TRANSURANUS code to design basis
accidents is concerned, we are considering participation in two international round robin exercises.
The first is part of FUMEX-II, but remains under discussion. The second is organised by the Expert
Group on Fuel Safety Margins of the OECD/NEA and would be based on a LOCA test carried out in
the OECD Halden Reactor Project.
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PCMI IMPLICATIONS FOR HIGH BURN-UP LIGHT WATER
REACTOR FUEL IN REACTIVITY-INITIATED ACCIDENTS

C. Vitanza, J.M. Conde Lopez

Abstract
The state of the cladding is essential for the fuel’s ability to withstand RIA transients. In particular,
some ductility must be retained in order to accommodate the PCMI caused by the fuel expansion.
Other parameters such as RIA pulse width and fuel type may have some effect, but the available
information indicates that it would be small as compared with cladding brittleness. The main
consideration is cladding oxidation, as this determines how brittle the cladding can become. Cladding
oxidation is thus of paramount importance for normal operation as well as for the response to RIA
transients. The reason that BWR fuel becomes brittle within a moderate burn-up increment, possibly
as consequence of low power operation during the last cycle, deserves attention in future research.
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Introduction
The trend to increase the fuel discharge burn-up in commercial reactors has highlighted the fact
that the dominant fuel phenomena at high burn-up can be very different from those governing the low
burn-up fuel behaviour. Issues like increased fission gas release, fuel thermal conductivity degradation,
“rim” formation and precipitation of hydrides within the cladding wall due to increased corrosion can
cause changes in fuel performance and under some circumstances impair the cladding integrity. The
complexity of these phenomena has also challenged the capability to predict the behaviour of high
burn-up fuel, and questions have been raised as to the validity of some of the criteria and parameters
used to characterise the safe operation of the fuel under various anticipated accident scenarios.
One of these scenarios is the reactivity-initiated accident (RIA), in which the energy deposited in
the fuel rod increases very rapidly – within several milliseconds – causing a fast overheating of the
fuel and eventually of the cladding. Experience from pulse test reactors shows that rod failure at high
burn-up may occur in the pulse-phase of the transient and that the mechanism responsible for this is
the pellet-clad mechanical interaction (PCMI). Due to the fuel and cladding conditions at high burn-up,
such failures may occur at appreciably lower energy as compared with fresh or low burn-up fuel.
This paper discusses some basic aspects of PCMI during a RIA transient and addresses the effect
of the fuel burn-up on the PCMI occurrence. The discussion is based primarily on the authors’
interpretation of published experimental results from CABRI-REPNa and NSRR tests, which constitute
the most valuable database for high burn-up RIA investigations. The main points of this discussion are
as follows:
x

The onset of PCMI depends on burn-up and, when burn-up is high, on the power level in the
last operating period. A simple correlation between the fuel enthalpy at which PCMI starts
and the power in the last operating period has been derived. A correlation for calculating
cladding strain as function of enthalpy and burn-up has also been derived.

x

Spalling of the oxide layer, when it happens, does so in the early phase of the transient, when
the enthalpy is low. Thus, it should not induce premature rod dry-out.

x

The RIA-induced PCMI can produce incipient cracking starting from the cladding outer surface.
Such a cracking pattern is observed in different type of tests, i.e. RIA tests, power ramps and
cladding tensile tests of high burn-up specimens.

x

The effect of pulse width on PCMI and on failure propensity has been analysed based on
experimental data. From the data it does not appear that pulse width has a decisive role on
PCMI or failure. Likewise, there seems to be no great difference in behaviour in terms of
PCMI between UO2 and MOX fuels, at least for the range of enthalpy explored in this paper.

x

The importance of cladding temperature regarding PCMI behaviour is addressed taking both
experimental results and code calculations into account. The cladding temperature is important
because of its possible influence on cladding ductility during the transient. However, the
analysis performed here shows that a 10-30 ms difference in pulse width should not greatly
modify the cladding temperature, and hence the rod failure propensity.

x

The correlation for RIA failure threshold developed earlier by Vitanza has been re-visited and
slightly adapted for application to transients starting from non-zero power. The effect of
decreased ductility for RIA starting from cold zero-power conditions is also discussed.
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Overview of PCMI phenomena in a RIA transient
Pellet-cladding mechanical interaction (PCMI) is one of the fuel failure mechanisms associated
with reactivity accidents in LWRs. At increasing burn-up, PCMI-induced failures may occur at
progressively lower fuel enthalpy as evidenced by the results shown in Figure 1, where the data from
various RIA experiments are grouped in the same plot [1]. Although one should be cautious about
some of the data, the figure indicates that failures at high burn-up can occur at enthalpy ~3 times lower
than for as-fabricated or low burn-up fuel.
Figure 1. Fuel enthalpy for failed and un-failed fuel tested in different programmes
This figure was based on tests available in 1997. Further tests were made after that, but the overall picture has not changed.

The most important reasons for this behaviour are that:
a) Fuel swelling and cladding creep-down cause a progressive closure of the pellet-to-cladding
gap during base irradiation. In RIA transients, this causes the PCMI to start at lower fuel
enthalpy. The fact that high burn-up fuel is normally operated and conditioned at low power
can also cause earlier PCMI onset. Further, the large fission product inventory at high burn-up
can exacerbate the PCMI as the transient progresses.
b) The cladding becomes more brittle with burn-up, partly due to irradiation but more importantly
because of cladding corrosion and hydrogen pick-up. The formation of hydride precipitates at the
periphery of the cladding (hydride rim) is considered to be the major cause of the low-enthalpy
failures registered at high burn-up.
In summary, high burn-up induces an aggravation of the PCMI, while simultaneously embrittlement
can reduce the cladding ability to withstand PCMI. This combination of factors can cause RIA failures
to occur at relatively low enthalpy.
The experiments carried out in the NSRR and in the CABRI reactor show that cladding brittleness
is by far the most important consideration at high burn-up. As seen in Table 1, seven tests with UO2
fuel were performed in the CABRI REPNa series. There were three failures, all of which occurred at
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Table 1. Failure predictions of REPNa tests based on Eq. (9)
Test
REP Na-1
REP Na-2
REP Na-3
REP Na-4
REP Na-5
REP Na-6
REP Na-7
REP Na-8
REP Na-9
REP Na-10

'W

Bu

OX

D

09.5
09.1
09.5
75.0
09.5
35.0
40.0
75.0
34.0
31.0

64
33
53
62
64
47
55
60
28
62

080 (spalled)
004 (spalled)
040 (spalled)
080 (spalled)
020 (spalled)
035 (spalled)
050 (spalled)
130 (spalled)
020 (spalled)
080 (spalled)

0
1
1
1
1
1
1
0
1
0

Experiment
fuel enthalpy
*HFail = 300
*HMAX = 210
*HMAX = 125
*HMAX = 990
*HMAX = 115
*HMAX = 148
*HFail = 120
*HFail d 820
*HMAX = 210
*HFail = 790

HF
(Eq. 9)
063
200
119
105
107
142 MOX
120 MOX
070
200 MOX
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moderate enthalpy, i.e. for 'H < ~60 cal/g. In each of these three failures the cladding had large oxide
thickness, i.e. t 80 Pm, and had experienced oxide spalling during base irradiation. Oxide spalling is
believed to be a factor that can weaken the cladding, because hydrogen can migrate towards the colder
spots where spalling has occurred, making the cladding more brittle.
On the other hand, the four UO2 REPNa rods that did not fail – as well as the two un-failed MOX
rods – had only moderate oxidation, i.e. < 80 Pm and absence of oxide spalling. Under these conditions,
experience shows that the cladding can survive total deformations of about ~2% even at a burn-up of
~50-60 MWd/kg, as the REPNa-3 and -5 tests indicate.
The PCMI sequence of events in a RIA transient can be summarised as follows:

1

x

The fuel pellet expands rapidly due to thermal expansion during a RIA transient. At high
burn-up the pellet-to-cladding gap at normal operating conditions is closed. Consequently, the
PCMI will start very early in the transient, as the only space available is the residual gap
created by the contraction of the pellet when power was reduced from operating level to zero
(for hot-zero-power conditions). As will be shown below, PCMI is expected to begin for an
enthalpy increment 'HPCMI, cal/g, given by the relation: 'HPCMI = 0.14 u LHR, where LHR is
the fuel heat rating during the last operating cycle in W/cm. This means that for a fuel that
operated at 100-150 W/cm, PCMI is expected to start for 'H = ~15-20 cal/g.

x

After PCMI initiation, highly oxidised cladding may start spalling. While evidence from hot
cell examinations1 suggests that it certainly occurs in the range 0  'H  ~40 cal/g, oxide
spalling is likely to start in the very early phase of PCMI. Because of this, it should not have
an important effect on dry-out, which is a relatively high-enthalpy phenomenon. Cracking of
the outer hydride rim is also expected to occur early in the transient. This is a critical process
in that cracking of the outer hydride rim may constitute the initiation site for cladding
through-going cracking. Figure 2 shows examples of incipient cracking in the outer oxide and
hydride layer, obtained in out-of-pile tensile testing >2@, in NSRR RIA tests [1] and in power
ramp tests [21].

This evidence comes for example from REPNa-4 and CIP0-1, where spalling occurred along the entire fuel
length, including at fuel end where the pulse 'H was not greater than ~40 cal/g.
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x

As a consequence of the formation of incipient cracks on the cladding outer surface, a crack
may grow within the brittle portion of the cladding outer wall and eventually propagate
through the cladding wall as a ductile fracture. An example of failed cladding is shown in
Figure 3 >3@, which is taken from the NSRR failed rod HB0-5. One can observe that the
fracture, which started from the cladding OD, propagated in a brittle fashion up to ~40% of
the cladding wall and continued thereafter as ductile fracture.
Figure 2. Three examples of high burn-up cladding that cracked from the outside
Upper left: Spalled ring tested at 250qC and 0.01 s–1 strain rate at IRSN. The specimen was
taken from span 6 of the same fuel rod that was tested in REPNa-1 [2]. Lower left: Cracks
in two NSRR test rods [1]. Right: Cracks in PWR fuel rods ramp-tested in Studsvik [21].

Figure 3. Cladding crack observed in the NSRR PWR fuel test HBO-1
One can observe that the crack started from the cladding outer surface as brittle crack, which
extended up to 40% of the wall thickness. The crack propagated further as ductile crack.
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Although in a less clear-cut manner than the REPNa tests, the NSRR tests confirm that cladding
brittleness plays an important role in LWR fuel failures. Brittle failures have been observed for instance
in the five-cycle BWR fuel rods that were irradiated in the Fukushima-2 reactor >4@, in spite of the fact
that the oxide layer was small (~20 Pm) and that the hydrogen content was only ~150 ppm. This point
is discussed in more detail later in the paper.
PCMI as function of enthalpy
The CABRI tests are performed with fuel segments that are typically ~500 mm long. As shown in
Figure 4 >5@, the CABRI power profile along the fuel exhibits a peak at mid-height and a decrease
towards the lower and upper end.
Figure 4. Typical axial power profile in the CABRI tests (REPNA series)
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Because the power profile is peaked at mid-height, the post-test profilometry of the CABRI test
fuel also exhibits a peak at mid-height, as shown in the example of Figure 5 >6@, which gives the
cladding diameter vs. height for the REPNa-5 test rod. From this and from the power profile one can
determine the residual cladding hoop strain as a function of enthalpy, i.e.WKHUHODWLRQ residual vs. 'H
determined from the strain and enthalpy profile taken along a test segment.
The case of REPNa-5 is particularly suitable for obtaining data on the onset of PCMI, because the
segment was relatively long and the fuel cladding strain towards the rod ends was low. Moreover,
the oxidation was low and spalling did not occur, making the hoop strain determination more precise.
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Figure 5. Cladding diameter profile along the REPNa-5 fuel rod, taken along different
“generatrices”. The fuel rod OD prior to the CABRI test was 9.465 r 0.005 mm.

The residual vs. 'H for this case is shown in the plot of Figure 6, where the solid line fits the measured
strain. One can observe that the slope of the line tends to gradually increase with enthalpy, possibly
because fuel gaseous swelling becomes gradually more important and adds on top of the fuel thermal
expansion as enthalpy increases. This should not be surprising if one considers that for 'H approaching
100 cal/g, the average fuel temperature is approximately 1 500qC.
Figure 6. Local hoop strain versus local enthalpy deposition as derived
from post-test measurement of residual strain versus height (solid line). The
shaded area gives the estimated range of total deformation (elastic + residual).
The dashed line gives the calculated strain slope based on fuel thermal expansion.
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At low enthalpy (i.e. for 'H up to ~50 cal/g), the strain versus 'H is comparable with that
expected based on thermal expansion, and can be calculated by means of the following expressions:
'H D 100'TF ,

i.e. 'H D

4.2  100
'H  'H = 0.014 'H
cp

(1)

In this equation 'H is the hoop strain change in %, 'TF is the fuel mean temperature increment in
qC, 'H is the fuel enthalpy change in cal/g, D is the fuel thermal expansion coefficient (D = 1.05  10–5)
and cp is the fuel specific heat (cp = 0.31 J/g qK).
A graphic representation of the above expression, i.e. 'H = 0.014 'H, is given by the dashed line
in Figure 6. As the figure shows, the actual deformation rate is ~25% greater than the calculated one,
which can be attributed to a burn-up effect. Because of the ~25% greater expansion, the PCMI strain
up to moderate enthalpy ('H | 50 cal/g) can thus be expressed as:
'H = 0.017 'H

(2)

As said before, the cladding straining rate 'H vs. 'H tends to increase as the transient progresses
and becomes more than twice the thermal expansion as 'H increases from ~50 to ~100 cal/g.
The data points and the solid line depicted in Figure 6 relate to the residual hoop strain determined
in PIE. In order to assess the onset of PCMI, one needs to add the elastic strain to the measured residual
deformation. This step would be straightforward if the cladding temperature were known, because the
cladding temperature affects the YS of the material and thus the elastic strain. Unfortunately cladding
temperature was not measured in the CABRI tests; hence one must rely on calculations.
Calculations performed with the IRSN SCANAIR >7@ code indicate that the mid-wall cladding
temperature can rise up to ~600qC for H | 100 cal/g. However, these calculations exhibit a large
difference between the cladding inner and outer surface temperature, typically as large as 200-300qC.
Thus, the choice of a “mean” cladding temperature that would describe the “average” cladding
mechanical properties is not straightforward.
In the present evaluation, a mean cladding temperature in the range 450-600qC has been considered
for the peak power position of REPNa-5 and, consistent with it, a temperature in the range 400-500qC
for the rod-end positions. By using the UTS/YS curves produced for irradiated zircaloy-4 cladding >8@
and the elastic modulus versus temperature given in the literature >9@, one can estimate the elastic
strain to be added on the measured residual strain in order to obtain the total strain. The outcome is the
range represented by the shaded area in Figure 6, which indicates that the PCMI for the REPNa-5 fuel
rod started already at 'H between 10-20 cal/g. This is because the pellet-to-cladding gap (at power)
was closed, and when the RIA test started, the gap available corresponded to the fuel contraction from
operational power condition to hot zero-power conditions2 – on the assumption that the cladding stress
at power is completely relaxed.
The onset of PCMI for hot zero-power RIA can be calculated by balancing the fuel contraction
when power was reduced to zero, with the fuel expansion when the RIA started. This balance is
expressed by the terms:
2

The term gap should not be considered in strict terms at high burn-up, because the fuel and cladding are bonded
together. It should be considered as the space available for the fuel to expand without straining the cladding.
86

1
4.2
LHR§¨
f
 G ·¸ 'HPCMI 
K
cp
6
S
¹
©

(3)

where LHR is the linear heat rating in the last operating cycle (W/cm), 'HPCMI is the fuel enthalpy
increase from hot zero power to PCMI onset (cal/g), K is the fuel thermal conductivity at high burn-up
(K = 0.026 W/cm qK in the range 300-600qC at ~60 MWd/kg) >10@, G accounts for the temperature
drop in the pellet-to-cladding gap (G = ~0.4qC/W/cm), cp is the specific heat between 300 and 600qC
(cp = 0.31 J/g qK) and f is the factor accounting for larger expansion; as discussed earlier is f = 1.25.
With the values given above, Eq. (3) results in the following expression for 'H at PCMI onset:
'HPCMI = 0.14  LHRlast cycle

(4)

This can be used to estimate the enthalpy level below which no PCMI is expected. For the REPNa-5
case, where the heat rating in the last cycle was 130 W/cm, Eq. (4) predicts a 'HPCMI = 18 cal/g, or, in
terms of enthalpy, HPCMI = 36 cal/g.3 Similarly, for the debated REPNa-1 test where LHRlast cycle was
170 W/cm, Eq. (4) predicts a PCMI start at HPCMI = (18 + 0.14  170) = 42 cal/g. Obviously this does
not account for possible fuel fragment relocation that might occur during transport, handling and
preparation of the fuel specimens before the RIA tests.
The NSRR experimental results substantially confirm the observation made on the REPNa-5 data
that at high burn-up the residual strain starts for enthalpy increment of ~50 cal/g. The NSRR tests
make use of short fuel segments having a uniform power distribution, thus each test generates only
RQH> residual vs. 'H] data point. Figure 7 depicts such data for a number of NSRR tests >4@. One can
observe that the residual deformation is negligible up to 'H = 50-60 cal/g, which is in agreement with
what shown in Figure 6. One should note that the large strains seen at higher enthalpy in Figure 7 are
likely due to large unrestrained fuel swelling and/or fission gas pressure, which occur when the cladding
experiences considerable heat-up and looses strength. This is expected to happen at the NSRR cooling
conditions.
Figure 7. Summary of residual hoop strain data obtained in the NSRR tests. The data indicate
that plastic strain starts beyond a 'H of 50 cal/g. This is consistent with that inferred in Figure 6.

3

The enthalpy at start of the CABRI tests is 18 cal/g, thus H = 18+ 'H.
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Effect of burn-up on PCMI
The REPNa test series with UO2 fuel include only one case where the burn-up was substantially
different from the rest. It is the REPNa-2 test, which had a burn-up of 33 MWd/kg. REPNa-2 can be
compared with the REPNa-3 test, which had a burn-up of 53 MWd/kg and is the one that reached the
highest fuel enthalpy among the high burn-up CABRI tests.
The comparative PCMI behaviour, plotted in terms of residual hoop strain versus total fuel
enthalpy (H = Ho + 'H) in these two tests, is shown in Figure 8.
Figure 8. Effect of burn-up on PCMI as demonstrated by
the comparison of two CABRI tests at 33 and 53 MWd/kg
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It is not surprising that the PCMI is stronger for the high burn-up fuel. One can observe that the
strain vs. enthalpy line for the 53 MWd/kg fuel is somewhat steeper than for the 33 MWd/kg fuel,
which can be attributed to a greater fuel swelling component at high burn-up. More importantly, there
is a shift of ~40-50 cal/g between the H versus H curves for the two tests. This difference can be
attributed to the fact that the gap in the 53 MWd/kg fuel was closed, whereas the gap in the
33 MWd/kg fuel was still open.
In order to estimate the gap difference, one can use the formula:
Gap

ª
4 .2
« D F  1000  cp  D 
¬

º
f »  'H
¼

(5)

where Gap is the diametral gap (Pm), 'H is the enthalpy difference between the two curves in Figure 8
(40 cal/g), DF is the fuel pellet diameter (mm), cp is the heat capacity of the fuel (cp = 0.31 J/g qK),
D is the fuel coefficient of thermal expansion (D = 1.0  10–5) and f is a factor accounting for greater
thermal expansion in RIA (f = 1.25).
It results that:
Gap = 1.4  'H
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(6)

Considering that in the low-strain range of Figure 8 the enthalpy difference between the strain
curves of REPNa-2 and -3 is 'H = 40 cal/g one derives from Eq. (6) that the REPNa-2 fuel had a
~50-60 Pm wider diameter gap than REPNa-3.
Based on the discussion so far, one can derive a simplified relation, which can be used to
straightforwardly estimate the total strain. This is:
H = 0.017·('H – 'HPCMI)

for 'H and 'HPCMI d 50 cal/g

H = H50 + 0.017·[1 + (Bup/70)·('H – !)/100]·('H – !)

for 'H > 50 cal/g and 'H > !

(7)

where 'H > 'HPCMI, H50 is strain at 50 cal/g o (H50 = 0 if 'HPCMI > 50 cal/g), 'HPCMI is MAX
{['HPCMI = Gap/1.4] and ['HPCMI = 0.14·LHRlast cycle]} with the pellet-to-cladding gap calculated from
cladding creep-down and fuel swelling4, ! is MAX {'HPCMI and 50 cal/g}, and Bup is burn-up in
MWd/kg.
One should note that RIA tests at intermediate burn-up, i.e. between 30 and 50 MWd/kg are
rather scarce and that more data are needed in order to cover this burn-up range, which is highly
relevant for LWRs.
Effect of pulse width
There have been discussions in the fuel community as to the effect of pulse width on RIA failure.
Mechanical tests performed on high burn-up cladding have not evidenced an important effect of strain
rate on properties such as UTS or UE [22], thus the deformation rate as such should not be relevant
with respect to failure propensity.
One of the points raised is that in larger pulses, i.e. 30-70 ms as compared to 5-10 ms, the cladding
temperature can increase substantially during the pulse. Because a higher temperature can render the
cladding more ductile, one could envisage that failure propensity would decrease for 30-70 ms pulses
as compared to 5-10 ms pulses. However, as discussed in the following, the CABRI results do not
show a pulse width effect, either on measured strain or on failure propensity.
As concerns strain, there are only two UO2 tests in the REPNa series that can be directly compared
to assess the effect of pulse width. They are REPNa-5 and REPNa-4, which, as summarised in Table 1,
were run with 9.5 and 75 ms width at pulse mid-height respectively. The strain data for these two tests
are given in Figure 9. While the small deformation and the oxide spalling that occurred during the
REPNa-4 test limit the comparison to the data point at peak power for REPNa-4, one can nevertheless
see that the difference between the two tests is not large. Even if the greater oxidation and the cladding
temperature difference of REPNa-4 as compared with REPNa-55 is accounted for, the distance between
the two would remain limited to ~15 cal/g.
As regarding pulse width effect on failure propensity, the three UO2-REPNa failures occurred at
all three pulse widths that were possible in CABRI, i.e. 9.5, 31 and 75 ms. Although subtle distinctions
could be made for each of these three tests, this experimental evidence clearly points out that pulse
width should not have a decisive effect on cladding failure.

4
5

For most practical cases one can use the expression Gap = (0.8·Gapo – 0.28·DF·Bup).
The oxide thickness was 20 Pm for REPNa-5 and 80 Pm for REPNa-4.
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Figure 9. Effect of pulse width on PCMI, as inferred by comparing a 9.5 with a 75 ms pulse
In order to make the comparison more direct, the effect of wall thinning due to the larger
oxidation in REPNa-4 has been evaluated along with the effect of possible cladding temperature
difference in the two cases. This would move the data point slightly downwards, as shown in the figure.
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As for the NSRR tests, they were all performed with one pulse width, thus an assessment of the
effect of pulse width on PCMI cannot be made within the NSRR database. In comparing the NSRR
and the CABRI database, one should be aware of the different test conditions, notably coolant
temperature, which probably is far more important than pulse width.
The cladding temperature response in a RIA transient will be discussed later.
Comparison between UO2 and MOX fuel
The PCMI of UO2 and MOX fuel in the high burn-up range can be assessed in a comparative
manner by examining the residual strain of the REPNa-3 and the REPNa-6 fuel. The main parameters
for these two fuel tests are given in Table 1.
The residual hoop strain versus fuel enthalpy for these two test rods is plotted in Figure 10. The
data exhibit a rather similar trend for the two cases, the only difference being a shift of ~15-20 cal/g
between the two lines, with the MOX fuel having smaller strain than the UO2 fuel rod.
There are different factors that can explain this moderate difference. The 10% burn-up difference
and the different pulse width, which was 9.5 ms for REPNa-3 and 35 ms for REP Na-6, could add up
to explain the 15-20 cal/g difference between the curves shown in Figure 10.
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Figure 10. Comparison of the PCMI with MOX-UO2
and fuel rod as inferred from two REPNa tests
One can observe that MOX and UO2 fuel behave in a similar manner, with only a 10-15 cal/g
enthalpy difference, which can be explained by the slight difference in burn-up and pulse width
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In order to assess UO2 vs. MOX differences, one could also examine the residual strain of test
REPNa-2 (UO2, 33 MWd/kg) and test REPNa-9 (MOX, 28 MWd/kg). However, it is believed that in
the latter case the cladding strain was dictated mainly by the high clad temperature and fission gas
pressurisation, and not by PCMI.
In conclusion, the experimental evidence discussed here indicates that as long as the RIA fuel
enthalpy increment remains within the range 'H < ~120 cal/g, there is no significant PCMI difference
between MOX and UO2 fuel, in terms of measured residual deformation. One cannot exclude, however,
the possibility that differences arise for, e.g. higher enthalpy or in relation to post-failure phenomena.
Discussion on cladding temperature in a RIA transient
Cladding temperature during a RIA depends on deposited energy and to some extent on pulse
width. As to the latter, it was indicated earlier that there is no direct experimental evidence that wider
pulses would result in lower failure propensity. Nevertheless, a discussion on cladding temperature in a
RIA transient remains highly relevant for a correct RIA transient analysis. The main points are presented
here, and a more extended discussion on cladding transient temperature is given in the Appendix.
x

The coolant temperature increase during the pulse is small. This is shown both by NSRR and
CABRI tests [14,15]. Even for a 75 ms pulse, the coolant heat-up as measured at the end of
the pulse in CABRI remains below 50qC (for final enthalpy of ~100 cal/g).

x

Cladding temperature is measured only in the NSRR tests. The maximum temperature data
shown in Figure 11 [11] demonstrate that the cladding heat-up remains below < 100qC
throughout the transient, including the post-pulse phase, as long as 'H < ~60 cal/g (or
H < ~80 cal/g for a hot zero-power RIA). Since also the post-pulse phase is considered, the
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above observation is applicable to any pulse width. This means that in the enthalpy range
where PCMI brittle failures occur, i.e. for H << 100 cal/g, the cladding OD temperature
remains relatively low.
x

Cladding temperature calculations that were made in the context of this report (Figure 12 [12])
demonstrate that there is a large difference between the heat-up at the inner and at the outer
cladding surface. While at the outer (metal) surface the cladding temperature during the pulse
(to 70 cal/g) did not rise beyond 400qC, the inner clad temperature reached temperatures in
excess of 600qC. Yet, the difference in cladding temperature vs. enthalpy between 10 and 30 ms
pulse was moderate, i.e. < 70qC at the OD and < 30qC at mid-wall. Temperature differences
of 30-70qC are not expected to cause appreciable differences in mechanical properties, as
clearly shown in for instance Ref. [22].

x

Experimental work done in JAERI [13] shows that the hydride dissolution process, even at
relatively high temperature, takes a much longer time than that available in a RIA transient.
This implies that hydride-induced brittleness would not be affected by moderate temperature
increments that occur in a time period of the order of milliseconds.

Figure 11. Maximum cladding surface temperature reached during testing in the NRSS
These maximum temperatures were reached well after pulse completion, i.e. in the post-pulse
phase. One can note that there is no substantial cladding heat-up for 'H < ~60 cal/g.
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Figure 12. SCANAIR results obtained in calculation run made
at CIEMAT (Spain) using the CABRI CIPO-2 fuel as reference
A pulse of 30 ms was used for the upper figure, whereas the lower figure refers to 10 ms pulse. The lowest diagram
shows that the calculated cladding temperature for 30 ms was slightly lower at the ID and 50-70qC higher at the (metal)
OD in comparison with the 10 ms pulse. The difference in mean cladding temperature between the two cases was ~30qC.
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Indirect considerations suggest that the cladding mean heat-up should be moderate for moderate
enthalpy. They are based on the following reasoning. The CABRI coolant temperature can exceed
500qC for enthalpy exceeding 200 cal/g (REPNa-2), as the measurements plotted in Figure 13 show.
This high coolant temperature is reached after ~300 ms and does not affect the PCMI during the pulse.
It would however affect the residual strain measured in post-test examinations, because in a hot
cladding the elastic strain would to a significant degree be converted into plastic strain. In fact, as
shown in Figure 14 (REPNa-2), there seems to be a systematic difference in residual strain at the top
and bottom of the fuel rod. Based on the evaluation of these data made in Section A3 of the Appendix,
one infers that the cladding heat-up (in CABRI) should remain moderate, with “mean” temperature not
exceeding ~400qC for enthalpy of about 70 cal/g.
Figure 13. Maximum sodium coolant temperature vs. maximum enthalpy in CABRI tests
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Figure 14. Upper and lower fuel end deformations exhibit a small difference, likely
because the sodium temperature at outlet can be significantly greater than at inlet
The case of REPNa-2 is shown in detail in the upper window
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There are remaining questions about temperature calculations, which seem to overestimate the
cladding heat-up in sodium. Similar questions have been raised earlier [16]. Nevertheless, the
calculations made here do not show remarkable differences between a 10 ms and a 30 ms pulse, even
though the calculated cladding heat-up at ID was considerable (Figure 12). Based on this and on the
points made earlier in this section, one can conclude that the experimental evidence for larger pulses
(H < ~100 cal/g) producing significantly higher cladding temperatures is not very strong.
Cold vs. hot coolant conditions
The NSRR tests are run at room temperatures and with stagnant water as coolant, whereas the
CABRI tests are run in a sodium loop at coolant inlet temperature equal to 280qC. This coolant
temperature difference makes the cladding substantially more brittle in the NSRR case.
According to Ref. >17@, the solubility of hydrogen vs. temperature is given by the following
correlation:
TSOL = 4401/ln (1.332  105/Hy)

(8)

where the temperature TSOL is in K and the hydrogen concentration Hy is in ppm. One can observe that
the hydrogen solubility drops drastically with temperature and is already well below 10 ppm for
TSOL < 200qC.
Figure 15. Hydrogen solubility in zircaloy as function of temperature >17@
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This can explain why in the NSRR tests brittle failures were experienced for moderate or low
cladding oxidation and hydrogen content. A clear example of NSRR brittle failure has already been
described in Figure 3, which refers to a PWR rod having 50 MWd/kg burn-up and less than 50 Pm
oxide thickness. The cladding also exhibited brittle behaviour in the FK-6, FK-7 and FK-9 tests (see
Table 2), which were run with BWR fuel having oxide layer below 20 Pm and hydrogen content not
exceeding 150 ppm (average across cladding). In these cases the brittle cladding behaviour was
enhanced by the presence of radially-oriented hydride clusters [18].
Table 2. Failure predictions of the NSRR PWR/BWR tests based on Eq. (10)
Test
NSRR/PWR
HBO-1
HBO-5
TK-2
TK-7
NSRR/BWR
FK-6
FK-7
FK-9

'W

Bu

OX

Exp. 'H
at failure

'HF
[Eq. (10)]

Fuel type

5
5
5
5

50
44
48
50

~48*
~60*
~35*
~30*

60
77
60
86

67
75
73
73

PWR
PWR
PWR
PWR

5
5
5

61
61
61

~20*
~20*
~20*

70
62
86

59
59
59

BWR
BWR
BWR

* Maximum value.

One factor that might have made the FK-6, FK-7 and FK-9 cladding more brittle is the very low
heat rating (<100 W/cm) of these fuel rods during the last operating cycle. There is a similarity
between these RIA tests as described in Ref. [18] and a test that was run under normal operating
conditions in the Halden reactor [19]. The latter involved a high burn-up fuel rod, which had also been
irradiated in a BWR at very low rating (<100 W/cm) for the last period of time. This test resulted in an
unexpected, dramatic failure during a rather moderate power, at a heat rating between 270-300 W/cm.
The presence of radial hydrides was also noted in the post-irradiation examination of the Halden test
rod >19@, similar to the observations made on the BWR fuel that failed in the NSRR tests.
Analogy between RIA and power ramp failures
The mechanisms that cause PCMI brittle failures are basically the same for RIA and power ramp
conditions. While the fuel radial temperature profile is different in the two cases, the fuel expansion
governs the PCMI in both cases, and in both cases the ability of the cladding to withstand PCMI
depends on the cladding residual ductility. The strain rate is very different in the two cases, however,
as already mentioned, mechanical tests performed on high burn-up cladding have not evidenced an
important effect of strain rate on properties such as UTS. Figure 2 shows that RIA tests and power
ramps can produce a similar cladding cracking fashion.
One would thus expect that a relation exists between the power to failure in power ramps and the
enthalpy to failure in RIA for cases where brittle fracture is the failure mode, i.e. for failures occurring
at enthalpy below ~100 cal/g. This relation is the same as the one derived earlier [for the onset of
PCMI in hot-zero-power (HZP) RIA, as related to previous operating power, Eq. (4)], i.e.:
'HFailure = 0.14  LHRFailure

Applicable for 'HFailure < 100 cal/g
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(4c)

The above would predict that if power ramps exhibit failures at, say, 400-450 W/cm, such as in
Ref. [21], a hot-zero-power RIA for the same fuel would result in failure for 'H = 55-60 cal/g, or
equivalently H = 75-80 cal/g.
Correlation for the RIA failure threshold
A fuel failure correlation has been derived based on an analysis of the CABRI data, in particular
taking into account the strain data published in the open literature [20]. For RIA starting at hot coolant
conditions such as in CABRI, the correlation is as follows
25  10 D
ª
º§ 0.85OX ·
 0.3'W»¨1 
H F « 200 
¸
W ¹
Bu
¬
¼©

2

(9)

where HF is the fuel enthalpy failure limit, cal/g (if HF from Eq. (9) is > 200, set HF = 200 cal/g), Bu is
burn-up in MWd/kg, D is a parameter accounting for cladding ductility [D = 1 for cladding with
residual ductility (at least 1% plastic hoop strain in tests) and D = 0 for brittle cladding], 'W is the
pulse width in ms (d 75 ms, use 75 ms beyond that), OX is the oxide thickness in Pm and W is the
as-fabricated wall thickness in Pm (576 Pm for the REPNa rods).
Details on how D can be expressed as function of cladding oxide thickness and presence of
spalling are given in Ref. [20], which also deals with the consideration that in most practical cases one
does not know a priori if the cladding is spalled or not. (In any case, setting D = 0 would provide a
conservative failure limit.)
For applications to other cases than the hot zero-power conditions, one should consider the
temperature or the power at the start of the transient. For cold, zero-power conditions, such as in the
NSRR tests, the failure threshold should be expressed in terms of enthalpy increase above the initial
value. This is:
2
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(10)

which is equivalent to Eq. (9) except that the failure limit is expressed as enthalpy increment 'HF
instead of total enthalpy HF.6 The ductility parameter D is set D = 0 because of the considerations
expressed earlier concerning coolant temperature effects.
For RIA starting at non-zero power one can provisionally consider the following expression,
based on earlier discussion and on Eq. (5):
2
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(11)

The term 20 cal/g accounts mainly for the enthalpy at start of transient in CABRI, from which the correlation
in Eq. (9) was derived. The enthalpy at start of transient in CABRI was in fact 18 cal/g, but there are other
minor factors linked to temperature dependence of heat capacity and fuel-cladding thermal expansion. They
partly compensate with each other, and when accounted for result in the 20 cal/g term.
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The performance of the correlation in Eq. (9) in predicting failures and non-failures in the CABRI
REPNa test is illustrated in Table 1. One can observe that all cases are rather well predicted except
REPNa-1. When used in the form of Eq. (10) to predict the NSRR tests that resulted in fuel failure, the
outcome is illustrated in Table 2. One can observe that there is also a reasonably good predictability
for the NSRR failures. Details on these predictions are discussed in Ref. [20].
As a final remark, the correlation described above also acknowledges the important effect of
cladding oxidation in that it can influence cladding ductility through hydrogen pick-up [term D in
Eq. (9)]. Burn-up also is an important parameter. On the other hand, the present correlation only
acknowledges a moderate effect of pulse width ('W) in accordance with what discussed earlier in this
paper.
Concluding remarks
The state of the cladding is essential for the fuel ability to withstand RIA transients. In particular,
some ductility must be retained in order to accommodate the PCMI caused by the fuel expansion.
Other parameters such as RIA pulse width and fuel type may have some effect, but the available
information indicates that such an effect should be small compared with cladding brittleness.
The main consideration is on cladding oxidation, as this determines how brittle the cladding can
become. Cladding oxidation is thus of paramount importance for normal operation as well as for the
response to RIA transients.
The reason for BWR fuel to become brittle within a moderate burn-up increment, possibly as
consequence of low power operation in the last cycle, deserves attention in future research.
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Appendix
CONSIDERATIONS ON CLADDING TEMPERATURE

A1. Measured and calculated cladding temperatures
Cladding temperature is measured in the NSRR tests, but not in the CABRI tests performed so far
on LWR fuel. The experimental evidence from the NSRR test is shown in Figure 11 >12@. As one can
observe, there is not substantial cladding overheating as long as the fuel enthalpy increase remains
below ~60 cal/g. That is, clad overheating is absent not only during the pulse, but also in the post-pulse
phase. Since Figure 11 refers to the entire transient, including the long-term post-pulse phase, this
implies that the finding of Figure 11 is applicable for any pulse width, i.e. not only to 5 ms pulses as in
NSRR, but also to wider pulses. (This is because if both the pulse and post-pulse phase are considered,
a wider pulse will result in a lower fuel surface heat flux.)
On the basis of Figure 11 and on the assumption one can trust the NSRR cladding temperature
measurements, one expects no significant temperature increase for 'H < 60 cal/g. For CABRI tests
this means that the clad temperature will remain low as long as H (= Ho + 'H) < ~80 cal/g. Since the
sodium coolant used in the REPNa tests is expected to be a more efficient coolant than the stagnant
water used in NSRR, one would actually conclude that the above could apply to even higher enthalpy
than 80 cal/g.
If this reasoning is correct, there should not be important temperature effects that would influence
the fuel mechanical behaviour or ductility at the OD, where the failures originate, at least for enthalpy
in the range H < 80 cal/g.7
Calculations performed with some of the available codes result in moderate cladding heat-up at
the (metal) OD. Figure 12 shows an example of calculations done with one of such codes >12@, taking
as reference a fuel rod tested in the current OECD-IRSN CABRI programme. The results of Figure 12
refer to 10 ms and 30 ms pulses. All other parameters, including injected energy, were the same in the
two runs. The plots in Figure 12 show that the calculated cladding ID temperature rises very promptly,
following very closely the enthalpy rise and reaching 600qC for enthalpy approaching 70 cal/g (as shown
in the lower plot of Figure 12). The calculated ID temperature versus enthalpy is very similar in the
10 and 30 ms case, the difference being less than 20qC.
The same calculations produced a gradually rising temperature at the metal-oxide interface. Here
the difference between the 10 and 30 ms case was 70qC at end-of-pulse (H = 70 cal/g, Figure 12). The
mid-wall temperature difference was even lower, i.e. 30qC, at mid-wall position.

7

This is obviously true assuming one can trust the temperature measurements. Measuring cladding surface
temperature by means of thermocouples mounted on the outer surface can be difficult and produce misleading
results. However, the authors have no reason to doubt that the temperature measurements made in the NSRR
and shown in Figure 11 can be trusted.
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It is questionable whether these modest temperature differences can produce large effects on
cladding ductility, especially if one considers that they occur in a microscopic period of time, during
which the hydrogen effect on brittleness can hardly be changed. This point is discussed in the next
section.
A2. Transient temperature effects on cladding ductility
For cladding that is made brittle by hydride formation at the periphery, it can take significant time
for temperature to produce beneficial effects on cladding ductility, much longer than the time available
in a RIA transient. An experiment carried out at JAERI >13@ by annealing pre-hydrided cladding
specimens showed that it can take up to 600 s to anneal out an outer hydride rim at 600qC. This
indicates that changes in hydride distribution should be quite negligible in the time interval of several
milliseconds, especially if only a modest cladding heat-up takes place during the transient. The effect on
ductility should thus be very small, especially in terms of the difference between a 10 and 30 ms pulse.
A3. Coolant heat-up
The coolant temperature increases as consequence of the RIA transient. The cladding temperature
measurements made in the NSRR tests show that the heat-up during the pulse is negligible, of the
order of 20-30qC >14@. Even if one takes into account the time constant of the thermocouples, one
would conclude that the cladding temperature heat-up, and hence the coolant temperature heat-up
remained within < 50-60qC during the NSRR pulse.
The CABRI coolant temperature measurements also substantially confirm the NSRR finding
outlined above for pulses of up to 75 ms. In the REPNa-4 test, in fact, the coolant temperature did not
exceed 325qC (from the initial value of 280qC) during the 75 ms pulse >15@. Obviously, it would be
even lower than that during a shorter pulse. From this one can conclude that the coolant temperature
increment during the pulse is small and thus does not affect the fuel behaviour in the RIA pulse.
After the pulse, however, the coolant temperature may rise considerably. In the case of the
REPNa tests, the maximum coolant temperature could rise to ~500qC, depending on the energy
injected during the transient. Figure 13 gives the maximum sodium temperature versus test maximum
enthalpy in those tests >15@. As seen, for H = ~200 cal/g the maximum sodium coolant temperature
was somewhat higher than 500qC. These peak temperatures were registered ~300 ms after the pulse
and thus had no influence on PCMI or on PCMI-induced failures, which at high burn-up occur during
the pulse and not in the post-pulse phase. However, the post-pulse temperature rise may affect the
post-test strain data because part of the elastic strain is converted into residual (plastic) strain, which is
the quantity measured in the post-test examination.
A detailed study conducted here on the REPNa residual strain data has revealed interesting insights
and disclosed an implication on cladding temperature, which can be of interest for test interpretation in
general. This study is reported on below.
The data in Figures 6, 8 and 10 show a small but systematic difference between the PIE strain at
the upper and lower end. That is, the residual strain at the upper end is somewhat larger – for the same
enthalpy level – than the residual strain at the lower end. This is shown for instance in Figure 8, where
the REPNa-2 data are plotted. One can clearly see that moving from the peak enthalpy (210 cal/g)
down towards the upper/lower end after rod (140-150 cal/g) there are data that follow an upper line
and other that follow a lower line. This is evidenced in Figure 14, where the same REPNa-2 data
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shown in Figure 8 have been fitted with the two dashed lines (one for the data from peak power to
upper end, the other for the data from peak power to lower end). The difference in residual strain 'H at
the same enthalpy in upper and lower position was ~0.7% for REPNa-2. The 'H data derived for the
other REPNa tests discussed in this report are shown in Figure 14. As one can observe in Figure 14,
there is a trend for the upper-to-lower end strain difference to disappear for tests in which the maximum
enthalpy is below ~100 cal/g ('H = ~80 cal/g). This corresponds to a maximum sodium temperature
of ~380qC, as the data plot of Figure 13 shows.
This means that for maximum enthalpy below ~100 cal/g the sodium temperature is < ~380qC
compared with an inlet temperature of 280qC. This outlet/inlet temperature difference is not sufficient
to induce appreciable differences in residual strain.
There is another, perhaps more important implication of this analysis. Figure 14 shows that the
difference between the REPNa-2 outlet and inlet residual strain was as large as 0.7%. This must imply
that “almost all” of the elastic component8 in the upper end was converted into plastic strain as the
coolant and cladding become hot, whereas the elastic component at the lower end was preserved
virtually in its entirety as elastic strain. This can only happen if the lower end “mean”9 cladding
temperature did not exceed ~500qC, because beyond that the YS of the cladding and thus the elastic
strain would drop considerably.
If one considers that the fuel enthalpy at the lower end of the REPNa-2 rod reached ~140 cal/g,
and that the conclusion that the “mean” cladding temperature remained below 500qC implies that:
a) The “mean” temperature for a 70 cal/g pulse would remain below ~400qC throughout the
transient. During the pulse the temperature would be appreciably lower than that.
b) The cladding OD temperature should be even less than the “mean” temperature.
Although this is admittedly an approximate evaluation, it tends to indicate that the cladding
temperature during a CABRI RIA pulse might remain relatively low, and possibly lower than predicted
by calculations. The corollary of this would be that temperature effects in a pulse should not be very
important, which is a confirmation of what already concluded earlier based on a different evaluation.
A4.

Conclusion on cladding temperature

The above discussion, based on experimental data and on code calculations, supports the view
that there are no significant differences in the cladding temperature evolution versus enthalpy for
pulses of different width. The view that broader pulses (from 5 to ~70 ms) should be milder because of
increased cladding temperature and ductility finds no support on the evaluation made here. The failures
registered in NSRR and in CABRI occurred at moderate enthalpy, in a range where one would not
expect pulse width to substantially affect the cladding temperature.

8
9

The maximum elastic strain at 280qC is estimated to be ~0.8%.
“Mean” temperature is that which can be used to represent average cladding mechanical properties.
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PHYSICAL MODEL DEVELOPMENT FOR PREDICTION
OF RIM-LAYER FORMATION IN UO2 FUEL

V.V. Likhanskii, O.V. Khoruzhii, A.A. Sorokin
Troitsk Institute for Innovation and Fusion Research, Russia

Abstract
Results of point defects and gas atom behaviour modelling in UO2 fuel are presented for the
temperature conditions for rim-layer formation. The spatial profiles for vacancy and interstitial atom
concentrations in the vicinity of the grain boundaries and near edge dislocations are different. In the
initial stage of irradiation, the peak of vacancy concentration is near the grain boundary. During long
irradiation the vacancy peak vanishes and a peak of interstitial atoms arises. Vacancy concentration
can have a maximum close to the dislocation core. Analysis of gas atom mobility at low temperature
irradiation indicates a reducing dependence of Xe effective diffusion coefficient on vacancy
concentration. The developed physical models enable the proposal of explanations for experimental
facts: grain diameter effect on the threshold for the beginning of fuel restructuring and priority
formation of large bubbles on dislocation intersections.
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Introduction
For LWR rods, significant changes in fuel structure take place in the peripheral zone of the pellets
when the pellet-averaged burn-up exceeds 40 MWd/kgU. The structure modification of the fuel in the
rim zone is attended by a considerable increase of local porosity and a subdivision of the original grains
into fine subgrains. It is accepted [1-4] that the localisation of structural changes at the pellet periphery
is determined by the higher local burn-up, in comparison with the internal part of the pellet, as well as
by low temperature. The higher burn-up is caused by additional 239Pu accumulation due to resonant
epithermal neutron capture by 238U nuclei. It results in both a higher concentration of fission products
and a higher concentration of radiation defects.
The results of numerous measurements [1-16] show that the structural modification of the UO2
fuel irradiated at nominal conditions up to high burn-up consists of several sequential processes:
x

When the local burn-up exceeds a threshold value (~70 MWd/kgU) the Xe concentration in
the fuel matrix is reduced [4-8].

x

Practically at the same burn-up, the increase of local porosity begins [8,14]. Before fuel
restructuring, the large bubbles are mainly located on the grain faces and edges; after
restructuring, bubbles are also observed in the interior parts of the grains. A short delay of the
onset of the porosity growth in comparison with matrix depletion in the Xe stage was
observed [13,14].

x

At the next stage a large amount of fine grains appear; the crystallographic planes of the fine
grains are mutually disoriented by a small angle ~2-7q [9,10,16]. The fine grains are formed
near boundaries of original grains and at the surfaces of micron-size bubbles.

x

An enhancement of UO2 lattice parameter is observed with increasing fuel burn-up. At a
local burn-up of ~70 MWd/kgU the increase of the lattice parameter reaches a maximum of
~2 × 10–3 [2,15]. When the restructuring begins, the lattice parameter decreases down to some
saturation value because of radiation defect recovery during recrystallisation [2,15].

x

After accumulation of a significant amount of restructured areas, the original grain boundaries
disappear and the rim-zone structure is formed. As the burn-up grows, the restructuring zone
propagates into the pellet interior.

x

The porosity in the rim zone increases due to growth of bubble size with increasing burn-up [5].

x

It is found experimentally that rim-zone formation depends on both irradiation conditions and
fuel parameters. Thus, the comparative analysis [2,8,12] of the rim-zone evolution for the
standard fuel and the large-grained fuel shows that the matrix depletion in Xe is essentially
suppressed for larger grain size; consequently the small-grain structure formation is delayed.
The porosity in the rim zone is also a function of mechanical stresses in the fuel. The
fuel-cladding interaction may result in significant decrease of porosity (2-3 times compared
with the unstressed fuel [8]).

The restructuring process depends not only on fuel burn-up but also on other parameters such as
temperature, impurity atom concentration, grain size, fission rate and mechanical stresses. For this
reason, the criteria available at present, which are based on threshold burn-up, are approximate and have
a wide spread. It is important that the mechanical properties of the fuel change during fine grain
structure formation [2,15]. The microstructure changes also result in thermal conductivity changes [1]
and affect the temperature in the central part of pellet.
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In spite of detailed investigations some issues concerning physical modelling of microstructure
changes at low temperature are not yet clarified. First, existing models, which are based on a concept
of threshold burn-up, describe the experimental data over a large spread. Second, the models can not
explain a short delay of the porosity growth in comparison with Xe matrix depletion. Third, there is no
physical explanation for the influence of grain size on the process of Xe release from fuel matrix to
bubbles and formation of fine-grain-structure. Fourth, there is a lack of adequate physical modelling of
rim-zone porosity including the effect of mechanical stresses caused by pellet-cladding interaction
(PCI), gaseous FP release from the rim zone.
Physical modelling is very important for the PCI problem due to the following considerations.
Formation of fine grain structure leads to a noticeable change of micro-hardness in the rim zone of the
fuel pellet. It has an effect on the regime of PCI. Formation of intragranular and intergranular bubbles
in the rim-layer and transition region of the pellet results in gaseous swelling, which is important for the
PCI phenomenon. Release of gas and volatile FP (iodine) from the rim layer is related to the problem
of stress-corrosion cracking. Thermal conductivity of the fuel depends on the concentration of point
defects, the concentration of FP atoms and fuel porosity. All these parameters are sufficiently changed
during irradiation. A decrease of thermal conductivity leads to increasing fuel temperatures and it is
also important for PCI. The kinetics of point defects originating during the fuel irradiation plays a
significant role in the fuel restructuring. This is due to the fact that radiation-induced processes change
the FP migration and point defects concentration in the fuel at low temperature. The purpose of the
present work is the analysis of the point defect and fission gas behaviour in UO2 fuel under low
temperature irradiation corresponding to the conditions of rim-layer formation.
Point defect distributions near grain boundary
The main source of point defects in UO2 fuel is caused by lattice atoms’ displacement as a result
of interaction with fission fragments. It is considered [17] that the mean fragment track length in
uranium dioxide is ~ 8 Pm and one fragment produces about 5 × 104 vacancies and uranium interstitials.
The enhanced point defect concentration, moderated by recombination, leads to secondary defects
(dislocations and bubbles) and grain boundaries in the fuel. For analysis of kinetics of vacancy and
interstitial atom concentrations Cv, Ci the system of dynamic equations [18,19]:
wCi ,v
wt

Dieff,v 'Ci ,v  Qi ,v  ECv Ci 

¦Z

(1)
i ,v

takes into account defect formation, diffusion, mutual recombination and loss on intragranular sinks
(dislocations, bubbles). The following designations are introduced: Dieff,v are effective vacancy and
uranium interstitial diffusion coefficients taking into account radiation-induced transfer, Qi,v are point
defects sources. The third term in Eq. (1) describes mutual vacancy and uranium interstitial
recombination, E | KDi/:2/3, : = 4.1 × 10–23 cm3 is volume of unit UO2 cell, coefficient K = 500 [19].
Usually for modelling of radiation damages caused by neutrons or gamma radiation the sinks of point
defects such as dislocations, bubbles and grain boundaries are of considerable importance. In nuclear
fuel the decrease of vacancy concentration in the grain is also correlated with fission product
accumulation. There are two mechanisms of annihilation of the vacancies on fission products. The first
is due to vacancy annihilation on gas bubbles. The second is due to capture of vacancies by atoms of
fission products, including solid fission products. The last process leads to solid swelling ~1% for the
burn-up 10 MWd/kgU [2]. In Eq. (1) the vacancy losses to fission product atoms in the fuel lattice are
taken into account along with removal to bubbles and dislocations.
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Usually stationary profiles of the point defect concentrations near extensive sinks are similar.
Neglecting intragranular sinks and assuming that vacancy and interstitial atom sources are the same
and the grain boundary is an ideal sink, the ratio between mean concentrations and diffusion coefficient
eff

C i C v b Dveff D i is set. Under high temperature, when the effects of radiation-induced transfer
are not substantial, the diffusion of interstitial atoms and vacancies is a thermally activated process.
In this case the power of intragranular sinks is proportional to the diffusion coefficient for corresponding
point defects and the set of non-linear equations in Eq. (1) has steady-state solutions with similar
spatial profiles. The constant of proportionality is also equal to the inverse ratio of diffusion coefficients
(Ci/Cv) = Dv/Di.

The relations Dv | 10–3 × exp(-27 800/T) cm2/s and Di | 7 × 103 × exp(-22 000/T) cm2/s estimate
the thermal component of diffusion coefficients of uranium interstitials and vacancies in uranium
dioxide [20]. The radiation-induced component of the diffusion coefficient of uranium atoms is
proportional to the fission rate DUir AF , where A ~ 1.2 × 10–29 cm5 [17]. This diffusion coefficient
includes uranium atom displacement under interaction with fission fragments and its diffusion as an
interstitial atom up to recombination with a vacancy, as well as mixing in the spike. Radiation atomic
mixing in the track leads to vacancy diffusion. The radiation component of the vacancy diffusion
coefficient is Dvir ~ 2SFrtr4 ltr , where rtr and ltr are the radius and the length of the track.
Under temperatures of 300-700qC, the thermal component of the interstitial atom diffusion
significantly exceed that of radiation Di !! Diir , but for vacancies the opposite is true, Dvir !! Dv .
Under such conditions, the power of defect sinks, e.g. the grain boundaries, dislocations and bubbles
has different dependences on diffusion coefficients. This difference corresponds to the fact that the
length of atom jump under thermally activated diffusion is equal to the interatomic distance in the
lattice and uranium atom transfer during the passage of a fission fragment is approximately equal to
track radius and exceeds the lattice spacing several times. Different dependencies of the vacancy and
interstitial atom transport to the grain boundary, dislocation and bubble can cause the essential
differences between spatial distributions of the point defect concentrations. For analysis of the
influence of different irradiation factors and the fuel parameters (including temperature, burn-up, grain
size and fission rate) on point defect distribution in the grain, a computer program was developed.
In further calculations the vacancy annihilation on intragranular bubbles and vacancy capture by fission
product atom is considered to be proportional to the fuel burn-up.
For validation of the model parameters the calculations were compared with the experimental
data found in Refs. [21,22] under small radiation doses, at = 150q ZKHQWKHPDLQSURFHVVHVDUH
accumulation and mutual recombination of the point defects (Figure 1). In [21,22] the change of lattice
parameter of dioxide-uranium fuel with radiation dose was measured. It was considered that growth of
the lattice parameter corresponds to accumulation of vacancies and leads to an increase of specific
volume 3'a/a | 'V/V | Cv.
The point defect distributions in uranium dioxide grains were calculated for different temperature
and fission rates on the assumption of constant conditions and constant power of intragranular sinks.
The point defects sink to dislocations and accumulated fission products were taken into account. The
calculations showed (Figure 2) that under a given concentration of intragranular sinks, the initial stage
was for the vacancy and interstitial atom concentrations in the central grain region to increase up to
concentrations at which the point defects recombination process is of considerable importance.
Increase of radiation dose leads to increase of vacancy concentration, but to a decrease of interstitial
atom concentration down to established values. The vacancies distribution with the grain radius has its
maximum near the grain boundary (Figure 3). The maximum vacancy concentration is caused by the
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Figure 1. Comparison of calculated dynamics of vacancy concentration (—) with
experimental data [21,22] on lattice parameter ({,V) as a function of irradiation dose
1.2

'a/a, Cv/3

1.0
0.8
0.6
0.4
0.2
0 14
10

15

16

10

10

Dose, fis/cm3

17

10

Ci

Cv

Figure 2. Dependence of vacancy and interstitial atom concentrations
in the grain centre on time. Dislocation density is 1013 m–2.
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Figure 3. Vacancy and interstitial atom distribution in the grain.
Dislocation density is 1013 m–2. Irradiation time is 104 s (----), 107 s (–––).
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decrease of interstitial atom concentration near the grain boundary as a result of diffusion to sink as
well as a decrease in the vacancy recombination rate in that region at almost the same rate of defects
accumulation. Since the interstitial atom diffusion coefficient is much more than effective coefficient
of vacancy diffusion, interstitial atoms reach the grain boundary quite rapidly. Therefore the burn-up
increase leads to increase and obtain the established value of the vacancy concentration. The interstitial
atom concentration decreases with time. At t > 106 s quasi-steady state concentration profiles establish.
The calculations were carried out at fission rate 1013 cm–3s–1 and fuel temperature 350qC.
When the dislocation density increases with time, the maximum of interstitial atom concentration
arises instead of maximum of vacancy concentration in the vicinity of the grain boundary. The average
values of the point defect concentrations are also changed (Ndis = 1015 m–2, see Figures 4,5).
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Figure 4. The same as in Figure 2, Ndis = 1015 m–2
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Figure 5. The same as in Figure 2, Ndis = 1015 m–2. Irradiation time is 105 s (----), 107 s (–––).
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It is noticeable that at short time (t < 106 s) the vacancy distribution has a maximum near the grain
boundary; a maximum concentration of the interstitial atoms is achieved in the centre of the grain.
With increased burn-up (t > 106 s) the profiles become essentially deformed: near the grain boundary,
the maximum interstitial atom concentration is obtained, the maximum vacancy concentration occurs
in the centre of the grain (Figure 5). The differences in the spatial vacancy and interstitial atom
distributions in the grain of the fuel are caused by the fact that the sink power at the boundary and the
sink power inside the grain volume are not proportional and the mutual point defect recombination is
of importance. At the beginning of irradiation the interstitial atoms rapidly move to the grain boundary
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as a result of high mobility. Therefore the vacancy concentration increases in this region more rapidly
than far from the boundaries, and vacancy concentration maximum arises at the distance determined

>

@

14

by Lm ~ Dieff Dveff EQ . The fact that the ratio between sinks for interstitial atoms and for vacancies
is different at the grain boundary and within the grain volume leads after a long time to a vacancy
concentration maximum near the grain boundary in the case of Z v 2SN dis Dieff ! QDveff EDieff
(Figure 3). If this is not the case, the interstitial atom concentration maximum is set near the grain
boundary (Figure 5). Z v is the volume vacancy sinks (on bubbles and fission products). Interstitial
atoms in the grain volume annihilate on dislocation.
The differences in distributions of the point defect concentrations shown in Figures 3 and 5 at
different dislocation densities could be one of the explanations for grain size influence on the fine
grain structure formation.

Point defect distributions near the core of the edge dislocation
Let us consider interstitial atom drift in a non-uniform field of mechanical stress and the possible
motion of a dislocation line under the imbalance of uranium interstitial and vacancy flows for the
determination of spatial distribution of the point defects near the core of the edge dislocation.
The interstitial atom flow on the dislocation, defined by drift in the stress gradient, is equal to
Di Ci  Ei kT . Ei is the energy of the interstitial atom in the field of mechanical stress produced by
is the temperature. As an order of magnitude for the linear edge dislocation
dislocation,
Ei ~ G:i b 3Sr [23], where G | 7.5 × 1010 Pa is shear modulus [24], :i is dilatation volume
(:I | 4 × 10–23 cm3), b | 2.7 × 10–8 cm is the size of dislocation core. In this approximation, the flow of
interstitial atoms to the length unit of the edge dislocation is Z i ,dis 2SDi Li Ci , where Li G:ib/3SkT.
Vacancy drift in the field of mechanical stress can be neglected because of the small thermal
component of the diffusion coefficient. The vacancy flow to the dislocation is Z v ,dis B u Dvir Cv b 2 rtr2 .
Coefficient B is about 1. The decrease of vacancy flow to the dislocation is approximately b 2 rtr2 times
in comparison with the case when the diffusion jump length is equal to the lattice spacing, relating to
the fact that only such part of vacancies, intermixing in the track, arrives at the region, where vacancy
annihilation on the dislocation takes place. The velocity of the dislocation line due to the arrival of
point defects is determined by the difference between vacancy and uranium interstitial flows
Xdis 2SDi Ci  Z v ,dis :1 3 .
For the conditions of in-pile irradiation of dioxide uranium fuel the main processes are the
generation and mutual recombination of point defects. These two processes practically compensate each
other. Near the core of the edge dislocation the uranium interstitial concentration is inhomogeneous.
Since the uranium interstitials rapidly move to the dislocation (high thermal diffusion coefficient), and
the vacancy concentration decreases due to capture by gas bubbles and fission products, a vacancy
distribution with a maximum concentration near the core of the edge dislocation can be obtained. This
effect takes place when the transition time of the vacancy redistribution at the length of inhomogeneous
interstitial atom distribution is essentially less than the time of displacement of the dislocation line at
the same length. Calculations show that at irradiation times more than 107 s the vacancy concentration
essentially exceeds the interstitial atom concentration and the length, at which interstitial atom
concentration changes near dislocation, is defined with the point defect recombination L
Di ECv .
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Thus the condition for the existence of the vacancy concentration maximum near the core of the edge
dislocation is Dvir Di ! Ci L :1 3 or Dvir Di ! Ci KCv . With the increase of burn-up and dislocation
density, the uranium interstitial concentration decreases and such a condition may be achieved with
excess. For example, at a dislocation density 1014 m–2 the time of the maximum vacancy concentration
occurs at t > 107 s.
Figure 6 shows an example of a calculation of point defect distribution near the core of the edge
dislocation. The concentration of uranium interstitials monotonically drops to the dislocation core,
whilst the vacancy concentration reaches a maximum at the dislocation core.
Figure 6. Distribution of interstitial atoms (a) and vacancies (b)

Ci , 10-

a

Cv ,

b

R, 10-7

The scale factor at the horizontal scales is 10–7 m. A larger scale for vacancy distribution,
corresponding to Figure 6, is shown in Figure 7. One point at the horizontal scale in Figure 7 is 10–9 m.
The spread of minimum close to dislocation core has the size of lattice spacing ~ 3 × 10–10 m, which is
much less than the half width of the distribution peak ~10–8 m.

Cv , 10-4

Figure 7. Vacancy distribution near the edge dislocation

R, 10-9 m
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The ratio of maximum vacancy concentration to the average concentration increases with the
decrease of dislocation density and increase of the density of uranium interstitial sinks. The effect of a
2

non-uniform distribution of the point defects can be considerable, if 4Ci L :1 3 ! Dvir Di , which
takes place for conditions of the fuel irradiation in the periphery pellet region. Thus, condition
2

:1 3 L 4  Ci Di Dvir  :1 3 L has to hold true in order that near dislocation vacancy distribution
peak occurs and maximum concentration considerably exceeds the average one.

The calculations, taking into account the anisotropy by the angle of point defects mechanical
energy in the tension field of edge dislocation, showed that the peaks in point defect distribution and
average concentration values have the similar values, but angle deformation of distributions close to
dislocation core takes place.
Irradiation influence on FP transfer in UO2 grain
The main mechanism of FP atom transfer in the fuel is diffusion. In general, the diffusion
coefficient includes several components.
D = D + Dir, + Dir

(2)

It is considered that under high temperatures (T > 1 200 K) FP atoms diffuse by a vacancy
mechanism with diffusion coefficient D , depending mainly on temperature. Under low temperatures
(T < 1 000 K) it is supposed that the main transfer mechanism is connected with fuel irradiation. Dir is
proportional to the fission rate and is called a radiation-induced diffusion component. The D
component depends on fission rate as well as on the temperature. This is caused by the fact that for the
vacancy mechanism the diffusion coefficient depends on temperature, because the vacancy concentration
is defined by both temperature and fission rate in the fuel. This term plays a significant role in the
intermediate temperature range (800-1 200 K).
LU

Radiation transfer includes various physical mechanisms, which lead to randomised atom
displacements in the fuel interacting with fission fragments. Such mechanisms are: atomic mixing in
the track, interstitial atom “extrusion” from the hot part of the track due to high pressure and atom
knock-out by fission fragments. The radiation-induced component for different atoms in a UO2 fuel
lattice can significantly differ. The results of [25] demonstrate that under low-temperature fuel
irradiation and the same fission rates the diffusion coefficients can significantly differ depending on
the burn-up and the microstructure. These facts indicate that the current values of the point defect
concentrations along with noted transfer mechanisms can play a significant part in Dir.Let us consider
Xe atom transfer for analysis of the possible influence of the point defect concentrations on the
efficient diffusion coefficient under low-temperature irradiation. Xenon atoms will be considered to be
able to be knocked into interstitial sites of the fuel lattice along with the mechanism of atomic mixing
in the track during the fission fragment passage in the fuel. Interstitial Xe atoms can diffuse with
corresponding diffusion coefficient by interstitial sites, which significantly exceeds the diffusion
coefficient by vacancy mechanism at low temperatures. The transfer equations for Xe interstitials and
for Xe atoms coupled with the three-vacancy complex, uranium vacancy and two oxygen ones, are
given by:
C Xe ,i
C

Xe ,v

DXe ,int 'C Xe ,i  BC Xe ,i Cv  A  F  C Xe ,v
D
'C  BC C  A  F  C
Xe ,rad

Xe ,i

Xe ,i
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v

Xe ,v

(3)

The xenon atom diffusion, vacancy annihilation at xenon interstitials and xenon atom knock-out
from a vacancy-coupled complex into an interstitial site are taken into account. This set of equations
for the transfer of xenon atom concentration (CXe = CXe,int + CXe,v) results in a diffusion equation with
efficient diffusion coefficient:
DXe ,eff
W an
W rad

DXe ,rad  W rad  DXe ,int  W an
W rad  W an
B  DXe ,int  b  Cv
A  F

(4)

1

1

For temperature, corresponding to the cold region of the pellet DXe,rad << DXe,int and in the case
when Wan << Wrad, the efficient diffusion coefficient of the Xe atom increases with the decrease of the
vacancy concentration and proportional to the fission rate in the fuel. This is related to the fact that
until the vacancy captures the Xe atom, the interstitial Xe rapidly diffuses with an interstitial diffusion
coefficient. Once captured, the Xe atom becomes immobile for the time Wrad until the following
knock-out during fission fragment pass.
The dependence can be important for the description of fission gas release from high burn-up fuel
under low temperature conditions. At average burn-ups more than 40 MWd/kgU the formation of
fine-grain structure in the cold region of the pellet, rim-zone formation, occurs. At the same time the
“cleaning” of the crystal UO2 matrix from the point defects takes place and this fact results in an
increase of the diffusion coefficient of Xe atoms and to increase its release rate from the fuel, as was
shown above. In the present system the effect of radiation-induced drift of the fission gas atoms in the
presence of vacancy concentration gradient appear along with the effect of essential dependence of
radiation-induced diffusion coefficient of the gas atoms in the fuel on the vacancy concentration. The
transfer equation for the gas atom concentration CXe = CXe,int + CXe,v in the fuel is:
wC Xe
wt

DXe ,rad  W rad  DXe ,int  W an
W rad  W an
'C Xe  DXe ,rad  DXe ,int
W rad  W an
W rad  W an

2

Cv
C Xe
Cv

(5)

The first term of Eq. (5) describes the Xe atom transfer by the diffusion way with effective
diffusion coefficient of Eq. (4). The second term of Eq. (5) describes the effect of fission gas
redistribution at the presence of non-uniform vacancy concentration in the crystal lattice. The present
effect is in many aspects like the effects of atom drift in crystals in temperature gradients
(thermo-diffusion effect), drift in tension gradient, etc. However in this case this drift is not bounded
up with the realisation of thermodynamic equilibrium in the system and does not appear in the absence
of fissions in the fuel.
As an example, Figure 8 shows the time evolution of the concentration profile of Xe atoms in the
fuel. The vacancy concentration at 10–7 m is approximately a linear function of the distance C v = 10–4
at x = 0 and C v = 10–5 at x = 10–7 m (the concentration is in the units per the volume of the UO2
lattice). At initial time the Xe atom distribution is homogeneous to the length, but in due course the
essential redistribution of xenon atoms take place due to the effect of radiation-induced Xe drift in
vacancy gradient. Xenon concentration has a maximum in the region with maximum vacancy
concentration.
The effect of radiation-induced drift in vacancy gradient may by significant from the point of
view of the formation and development of the intragranular and intergranular bubbles in the UO2 fuel.
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Figure 8. Redistribution of Xe atoms in UO2 fuel at the presence of vacancy gradient
The blue line shows the initial Xe atom distribution, the red line shows the distribution at
time t = 2 × 106 sec, green line t = 4 × 106 sec, violet line t = 6 × 106 sec, black line t = 8 × 106 sec
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Discussion
Two opposite standpoints currently exist to explain rim-layer development. The first supposes
that the grain subdivision arises as a result of radiation damage, with large bubbles and dislocation net
formation following the grain subdivision. The second believes that the bubbles and dislocation net are
formed before the grain subdivision. Several self-consistent physical models were proposed to predict
a beginning of the high burn-up structure formation. Here, attention is only directed toward two
models [19,26].
In Ref. [19], the rim structure formation was proposed as a result of an instability in the
development in the coupled system of vacancies, interstitial uranium atoms, dislocations and fission
gas atoms. Numerical investigation of the equations indicates the possibility of the spatial instability
development in this system. But in the paper the diffusion coefficient of the interstitial uranium atoms
between spatial segments was increased by a factor of 2 in the process of numerical analysis.
We carried out a stability analysis of the equations of [19]. This analysis shows that spatial instability
can occur when diffusion coefficients for spatial transfer of the point defects are different from the
diffusion coefficients, which are used in other physical processes (defects recombination, annihilation
of the point defects on dislocation, etc). The following question emerges: What physical process can
change the effective diffusion coefficients? An answer may lie with spatial non-uniform point defect
distributions inside the fuel grain.
It was proposed in [26] that the rim structure formation is initiated by the cascade of atomic
movements of the fission fragments when the gas atom concentration exceeds some critical value
inside the grain. But calculations of the critical gas concentration and its dependence on different
parameters (temperature, fission rate, grain diameter) indicated that the model can not explain the
grain size influence on threshold burn-up for rim-layer formation. Point defects and gas atoms
behaviour in the grain may eliminate this imperfection.
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Presented models of the individual physical processes for point defects and gas atoms behaviour
under low temperature irradiation conditions are able to describe the order of events during rim-layer
formation. Let us consider the consequences of the models as the fuel burn-up increases.
In the initial stage of the fuel irradiation the concentrations of the vacancies and uranium
interstitials increase at the same rate up to values, which result in the defects recombination, restricting
the further combined growth of the defect concentrations. Thereafter the concentration of uranium
interstitials decreases due to losses on intragranular and grain boundary sinks. The fast departure of the
uranium interstitials to the sinks is on account of their high diffusion coefficient. Vacancy losses are
defined by vacancy annihilation at gas bubbles, on dislocations, on grain boundaries and due to capture
of vacancies by atoms of fission products. The diffusion coefficient of interstitial uranium atoms is
substantially high in comparison with the vacancy diffusion coefficient. With increasing burn-up the
vacancy concentration increases and concentration of uranium interstitials decreases.
In accordance with the dependence of the point defect concentrations on irradiation time, the edge
dislocation motion is subject to retardation. When the concentration of interstitials falls to a critical
value, a maximum vacancy concentration appears in the vicinity of the edge dislocation core. This
non-uniform distribution of vacancy concentration leads to redistribution of fission gas atoms.
The concentration of gas atoms increases near the dislocation core inside the grain volume. Thus
super-saturated gas atom regions arise.
It is known that intragranular bubbles are formed along the track of fission fragments. Bubbles of
small radius are broken when the next fission fragment passes through the bubble. When the bubble
has a sufficiently large radius, the fission fragment can not destroy the bubble. In displacement spikes,
formed along the track, a cascade of atomic displacement arises. The size of the bubble nucleated from
the spike increases with gas atom concentration. When the gas atom concentration in the super-saturated
region exceeds a threshold value, the bubbles unbroken by fission fragment will be formed.
The appearance of an unbroken bubble population increases the intragranular porosity and
decreases the vacancy concentration. Large stable bubbles can result in pinning of dislocations and the
formation of a dislocation net. Decreasing the vacancy concentration initiates the rate of the gas atom
diffusion and leads to Xe depression in the fuel matrix. As a result the gas pressure inside large
intra- and intergranular bubbles increases. The pressurised bubbles can initiate fine grain formation.
Conclusion
The analysis has shown that point defects distribution close to the grain boundaries and in the
vicinity of the edge dislocation core could be essentially non-uniform with different spatial distributions
of vacancies and interstitial uranium atoms. An increase in dislocation density can cause the qualitative
change of the distributions at high burn-up.
Such behaviour of point defects can be one of the explanations of the grain size influence on the
bubble growth kinetics, and, as a consequence, on the process of small grain formation in the periphery
region of the fuel pellets. On the assumption that the main dislocation source is grain boundaries, the
dislocation density in the grain volume is inversely proportional to its radius. Then the dislocation
density in small grains becomes greater than in large ones. Therefore the intragranular gas bubbles
have to grow more efficiently in the fuel with small grains and the matrix cleaning from the gaseous
fission products occurs earlier, which corresponds to the experiments.
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A new model of diffusion transfer for low temperatures takes into account the fission product
interaction with the tracks, atom diffusion through interstitial sites in the lattice and the fission product
atom capture by the vacancies. The model explains the significant differences in diffusion coefficients
for different chemical elements at temperatures below 1 000qC, which are experimentally observed.
The atom diffusion coefficient is shown to depend on vacancy concentration at the temperatures of
rim-zone formation, and the vacancy concentration increase can cause the decrease of effective
diffusion coefficients for gaseous fission products.
Under UO2 fuel irradiation the effect of radiation-induced drift in the vacancy gradient can take
place. The present effect is important for the modelling of the dynamics of the intragranular and
intergranular gas bubble growth in the fuel, as well as for the modelling of edge dislocation dynamics.
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Abstract
Quantitative scanning and transmission microscopy studies have been performed on high burn-up fuel
specimens retrieved from (a) fuel discs irradiated isothermally in the Halden BWR and (b) commercial
BWR and PWR fuel rod segments after base irradiation and power ramping in the R2 test reactor.
Comparative microstructure evolution in the as-irradiated condition and subsequent to various out-of-pile
annealing [for (a) specimens] and in-pile power ramping [for (b) specimens] will be reported. The study
focuses on precipitate, intra and intergranular bubble distributions, and dislocation densities as a function
of the fuel temperature history. It is demonstrated that irradiation temperature and estimated maximum
temperatures reached at the positional origin of the specimens are important factors in defining their
microstructure.
The highest burn-up specimens examined contained a fuel structure usually found in the rim region of
LWR fuel pellets discharged at high burn-up. The behaviour of these samples during periods of
increased temperature deviated from that of lower burn-up specimens. This response is presented and
discussed in the context of its possible impact on LOCA and RIA at high burn-up.
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Introduction
A comprehensive programme [1-3] to measure thermal conductivity and associated properties
of irradiated urania and gadolinia-doped urania as a function of burn-up and temperature has been
completed in order to underpin the empirical correlations used within the nuclear industry in support
of high burn-up fuel operations. Some of the programme results relating to the study of thermal
conductivity have already been published [4]. The purpose of the present paper is to describe the
observations relating to the evolution of microstructure as a function of: burn-up, out-of-pile heat
treatment and in-pile power ramps [5]. Since changes in microstructure with irradiation have a direct
impact on fuel rod performance, e.g. through fuel swelling and densification, the results are of interest
both quantitatively and qualitatively in understanding PCI phenomenon. In addition, the results provide
insight into the distribution and kinetics of irradiation damage and the disposition of solid and gaseous
fission products within the grains and on grain boundaries under various operating conditions.
The irradiated fuel specimens retrieved for microstructure investigations had two separate origins:
(a) fuel discs irradiated isothermally in the Halden BWR and (b) commercial fuel rod segments base
irradiated and power ramped. Fuel type (a) was extensively pre-characterised as well as examined by
various PIE techniques in as-irradiated condition and subsequent to various out-of-pile anneals. Many
of these anneals were integral parts of test matrices for measuring other properties of the programme
such as thermal diffusivity (TD) by the laser flash technique or fission gas release (FGR) with the 85Kr
method. The temperature-time histories of various disc specimens were thus experimentally known.
For type (b) fuel, available detailed power histories of base irradiation and power ramping were used
in estimating irradiation temperatures of the specimens retrieved for PIE.
Thus by evaluating the microstructure data in the context of burn-up and the temperature-time
history “seen” by the specimen, it has been possible to draw certain related conclusions concerning
high burn-up fuel behaviour in general and FGR and PCI in particular.
Experimental
PIE techniques
Several techniques were employed for the examination of the microstructure of the materials
studied. In particular, optical microscopy, scanning electron microscopy (SEM) and transmission electron
microscopy (TEM) were employed to examine the specimens at different levels of magnification to
discern a wide range of bubble and precipitate sizes and concentrations. Optical microscopy was
performed on polished and etched surfaces. SEM was performed on fractured surfaces, which revealed
both inter- and transgranular fracture whilst TEM was employed to examine carbon replicas and
sections thinned to electron transparency. From these it was possible to examine the grain boundary
and intragranular bubble populations, respectively.
Fuel discs
The fuel discs were especially fabricated [1] and irradiated to obtain uniform burn-up samples [2].
They were obtained from pellets of UO2 and (U,Gd)O2 with 10% gadolinia content and 19.7 wt.% 235U
for rapid burn-up accumulation during irradiation. The discs were 9.5 mm in diameter and 1 mm thick.
Both materials had a grain size ~25 Pm and were ~96.6% theoretical density; consequently there was
very little densification in the standard 1 700qC for 24 hr re-sintering test.
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During irradiation in HBWR [2], the fissile discs were stacked individually between molybdenum
discs in specially designed rodlets. This design ensured a radially uniform temperature across each disc
with most of the generated heat transported through the molybdenum discs. The design also ensured
a radially uniform power and burn-up distribution. A high burn-up of ~80 MWd/kg was achieved after
~2.5 years irradiation. Lower burn-up material was obtained by unloading rodlets from the assembly
at stages throughout the irradiation. Average heat rates for the UO2 discs ranged from ~120 kW/m
(180 W/g) at the start of the irradiation, reducing gradually to ~80 kW/m (120 W/g) at the end due to
depletion. The corresponding values for the (U,Gd)O2 discs were ~30 kW/m at the start rising to
~100 kW/m at the end as the gadolinium burnt out. At these powers, the average irradiation temperature
was in the range 500-800qC, with discharge temperatures typically in the range 500-700qC for all discs.
At these power levels, the estimated maximum temperature gradient between the centre of a fissile
disc and its outer surface was ~25qC in the axial direction and 50qC radially. Table 1 summarises the
fuel discs specimens.
Table 1. Sample identification, composition and burn-up of fuel disc specimens
Specimen

Composition

U0
U2
U4
U6
U8
G0
G4
G6

UO2
UO2
UO2
UO2
UO2
(U,Gd)O2
(U,Gd)O2
(U,Gd)O2

Burn-up
MWd/kgU
0
26.8
38.8
63.6
80
0
23
45.9

Commercial fuel
Three samples originated from an ABB rod base irradiated to an average burn-up of 58.5 MWd/kgU
in Ringhals between 1980-1992. A part of the rod was re-fabricated for ramp testing in Studsvik R2.
This was subjected to a slow rise in power to 33 kW/m and held for 3 hrs before being down-ramped
at a rate of 2 kW/m/min. A second rod G11 was supplied by Fragema, base irradiated for four cycles
in Cruas 3 to a rod average burn-up of 52.4 MWd/kgU. A section G11/5 was re-fabricated and ramped in
the Studsvik R2 reactor where it experienced 16 hrs at 16.5 kW/m before being ramped at 9 kW/m/min
to 41.3 kW/m, held for 12 hrs then down-ramped at 0.9 kW/m/min.
Smaller sections from ramp tested fuel segments were shipped to a hot cell laboratory at which
specimens were cut from cross-sections to provide samples used for TD measurements and microstructure
studies. These specimens are listed in Table 2.
Test series
The programme consisted of three separate series of tests. During the TD measurements [4], each
fuel disc sample was subjected to stepped temperature ramps between 300 and 1 500qC with laser
flash measurements being made during the 10-15 min hold periods at 100qC intervals. A typical test
sequence was as follows, all in steps of 100qC: (i) 300 – 700 – 300qC, (ii) 300 – 1 100 – 500qC,
(iii) 500 – 1 500 – 300qC, (iv) 300 – 1 600 – 300qC.
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Table 2. Commercial fuel samples and their estimated temperatures

Specimen
ID

Local power
in ramp

Location of
specimen across
pellet

ABB/E4
ABB23
ABB32
G11/5

Un-ramped
23 kW/m
32 kW/m
41.3 kW/m

Mid-radius
3/4 radius
1/4 radius
Near pellet centre

Estimated irradiation
temperatures qC
Pellet
Specimen
centre
position
00575
00400
1 130
00650
1 500
1 450
1 900
1 850

Maximum in-pile
temperature qC
during power ramps
00950
1 130
1 106
1 717

One of the findings of this test series was that TD values at the end of a test were significantly
higher than at the start of a test indicative of a progressive recovery of the thermal conductivity with
increasing test temperature. This so-call thermal conductivity recovery of as-irradiated fuel specimens
during out-of-pile anneals has been reported by the NFIR Program [4] and elsewhere [6,7].
In order to elucidate the mechanism and kinetics of such thermal conductivity recovery, a second
series of tests was performed (see Table 3) on disc samples of U4 (the UO2 was irradiated to
38.8 MWd/kgU) [5].
Table 3. Out-of-pile annealing in the second test series
IT test
1
2
3
4
5
6
7
8
9

Form of test
Anneal for 4 hours at 700qC
Anneal for 4 hours at 800qC
Two anneals for 4 hours at 900qC
A multi-stage temperature history with three periods of 1 hour at 600qC
As per IT1 with 16 hours at 700qC
A four-day test comprising holds of 10, 5, 5 and 10 hours at 800qC
Conducted over three days with stepped temperature ramps to 1 200qC held
for 5 min, 30 min and finally 4 hours
A single rapid temperature rise to 1 200qC followed immediately by a
temperature reduction
Annealed for 100 hours at 1 200qC

In the third series of tests specimens cut from fuel type (b), i.e. commercially irradiated rods
power ramped in the Studsvik R2 reactor, were subjected to thermal diffusivity measurements as well
as pre- and post-test PIE.
In the remainder of this paper we report microstructure observations on the as-irradiated specimens
and following the annealing performed in the three test series described above.
Microstructure of as-irradiated fuel materials
Fuel discs
Examination by optical microscopy revealed little change in microstructure for specimens U2 and
U4, although the latter did show the start of some inter-granular porosity at the centre of the disc.
U6 exhibited some circumferential cracking characteristic of a brittle material. Intragranular porosity
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was observed close to but not on grain boundaries and these extended towards the grain interior at the
rim of the disc (Figure 1). After etching small intergranular bubbles were seen near the centre of the
disc. There was no discernible grain structure apparent in the high burn-up U8, but there was evidence of
a high level of porosity and intergranular cracking.
Figure 1. SEM of U6 at 0.6 mm from disc rim

SEM examination of U2 showed the disappearance of sub-micron porosity, but no change in
overall pore volume. In U4, there were few pores smaller than 1 Pm except at grain boundary triple
points, where there was evidence for the start of tunnel formation. Grains were free of intragranular
porosity except at the rim where intragranular pores < 1Pm were evident. In U6 the intragranular
porosity observed by optical microscopy was better resolved as ~1 Pm bubbles concentrated on either
side and in the general vicinity of grain boundaries.
TEM was carried out on replicas taken from small radial matchstick samples. There was no
evidence of any grain boundary network of porosity in any of the specimens U2-U6. Intragranular
bubbles ~7 nm diameter and precipitates ~5 nm diameter were seen in U2; similar observations were
made for U4 and U6 but with increased density and size.
In conclusion the observations showed that at these irradiation temperatures, irrespective of
burn-up, there was no large accumulation of gas at grain boundaries nor was there significant
intergranular porosity. The structure at low burn-up, U2 and U4 was similar to that for un-irradiated
material. At higher burn-up, the observations are consistent with the start of a High Burn-up Structure
(HBS), possibly near grain boundaries in U6 and with greater coverage of HBS in the 80 MWd/kg
specimen U8 (Figure 2).
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Figure 2. Backscattered SEM image of U8 at 1.44 mm from disc rim

Commercial fuel
ABB/E4 was taken from an un-ramped section of fuel. When examined by SEM the structure was
typical for high burn-up and low irradiation temperature. The fractured surface was predominantly
transgranular with no evidence for inter- or intragranular porosity. TEM revealed a high concentration
of 5 nm solid fission product precipitates and intragranular bubbles with a mean diameter of 1.1 nm
and concentration 2.2 × 1024m–3; this corresponded to an intragranular swelling of 0.15% (Figure 3).
The dislocation density was 5.9 × 1013m–2. It was noticed that for all ramped specimens examined the
dislocation density was slightly lower and in the region of 2.4-2.6 × 1013m–2.
Figure 3. TEM of specimen ABB/E4 showing uniformly nucleated fission gas bubbles
of ~ 1 nm diameter. Solid fission product precipitates can be seen under focus.
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Effect of temperature history on microstructure
First test series – TD and FGR tests
With the exception of U8, all TD specimens experienced a temperature ramp up to a maximum
of 1 600qC and all FGR specimens up to a maximum of 1 800qC. While the temperature history during
laser flash TD measurements was not prescribed by the test procedure per se, it was known precisely
for the FGR tests [3]. In both cases, however, the anneal time above 1 500qC can be summarised as in
Table 4.
Table 4. Time exposure above 1 500qC for TD and FGR samples
Specimen
U2
U4
U6
G4
G6

Annealing time spent t 1 500qC
TD samples (approximate)
FGR samples (exact)
33 min
–
53 min
8 hrs 15 min
80 min
8 hrs 15 min
51 min
–
39 min
8 hrs 15 min

Optical microscopy showed the presence of micro-cracks in all specimens whose severity increased
with burn-up. The degree of grain boundary decoration also increased noticeably with burn-up. In U2,
the intergranular porosity appeared as isolated bubbles 0.2-0.8 Pm in diameter along all grain boundaries.
The lack of interconnectivity was confirmed by TEM of replicas taken from areas of intergranular
fracture. SEM also resolved intragranular porosity ~0.1 Pm diameter whilst TEM resolved an increase
in the as-irradiated 7 nm bubbles to 20-30 nm and precipitates from 5-10 nm.
Figure 4. Intergranular porosity in U4 post-TD anneal
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The intergranular porosity of U4 was larger ~1 Pm diameter and more interconnected than for U2
(Figure 4). There was also an extensive concentration of 0.1 Pm intragranular bubbles (Figure 5),
TEM resolved 70 nm intragranular bubbles, which increased in size to 100 nm near the rim of the disc.
Compared to U2, the precipitate diameter had also increased to 30 nm.
Figure 5. Grain boundary interlinkage and intragranular porosity in post-TD anneal U4

Centre
U6 was severely cracked after testing with local de-cohesion of grain boundaries. SEM showed
that grain boundaries were now well defined with 1-2 Pm diameter interconnected bubbles. There was
a low concentration of large intragranular bubbles ~2 Pm in diameter. TEM revealed 60 nm intragranular
bubbles and 30 nm precipitates.
The discussion on U8 is presented in a later section.
After the FGR tests, the amount of fission gases remaining in the samples was less than 25%. The
U4 sample showed an increase in grain size of a factor of two. The grain boundaries contained a
highly developed interconnected porosity of 5-10 Pm bubbles; there were acicular 3 Pm intragranular
bubbles as well as a sub-micron population. G6 also had a highly interlinked grain boundary structure,
within the grains was a variety of bubbles with the largest ones adjacent to grain boundaries, very like
the TD tested material but of larger size (Figure 6).
It was clear that the heat treatment received by each specimen had affected the microstructure to
differing degrees. Each specimen went through a thorough image analysis with data being obtained on
pore size and density; a summary of the total porosity is given in Table 5.
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Figure 6. Interlinked bubbles in G6 at disc rim post-FGR anneal

Table 5. Image analysis results
Specimen
U2
U4
U6
G4
G6

As-irradiated %
2.0-3.0
3.1
2.5
3.0-4.2
2.8-4.1

After TD test %
1.5-5.0
4.1 at rim
2.0-2.3
3.5-4.0
4.3-5.5

After FGR test %
–
8.1
5.7-16
–
14.1

Second test series – IT tests
These tests were conducted on U4 specimens at a burn-up of 38.8 Mwd/kgU. The first six tests
were at temperatures between 600-900qC. Although significant recovery was measured in the TD,
there was no significant change in the microstructure as observed by either SEM or TEM. Intragranular
bubbles in the as-irradiated U4, and in specimens annealed to 600, 800 and 900qC were < 1 nm with
number densities in the range 2.2-4.5 × 1024 m–3. Dislocation densities were in the range 1-4 × 1013m–2.
The ramp to 1 200qC produced a slight increase in matrix bubble diameter (maximum 2 nm) and
number density, although the latter may have resulted from a better visibility, rather than nucleation
effect (Figure 7). The four-hour anneal at 1 200qC increased the bubble diameter further (maximum
5 nm) and reduced the number density, indicating that coarsening was occurring.
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Figure 7. Growth of matrix bubbles after 1 200qC ramp in IT8 specimen

The findings may be compared with those of Baker [8] and those in Ref. [5], which examined
LWR fuel irradiated to a burn-up of 38 GWd/tU and subsequently annealed at temperatures between
1 250-1 660qC. In as-irradiated material, matrix bubbles were ~1 nm in diameter, at a number density
>1024 m–3. After 24 hours at 1 250qC the mean diameter had increased to 6.5 nm, while the number
density was estimated as ~1023 m–3 (each bubble also contained a solid fission product precipitate).
Anneals at higher temperatures resulted in further coarsening of the population. The 24 hour/1 250qC
anneal also produced fine intergranular bubbles, ~0.2 Pm in size, on all grain boundaries, with small
solid fission product precipitates visible in the larger ones; at higher temperatures these bubbles grew
and interlinked.
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The above observations and the present results indicate that 1 200qC is the lowest annealing
temperature at which microstructural changes occur which are observable by electron microscopy.
At short anneal times of the IT7 samples (up to four hours), growth of intragranular bubbles was barely
measurable using TEM, while SEM failed to reveal conclusive evidence of intergranular bubbles. The
sample annealed for 100 hrs at 1 200qC showed considerably more bubble growth to a size of 4.9 nm
compared to ~1 nm when ramped to 1 200qC and ~2 nm after four hours at 1 200qC. Grain faces
showed a well-developed population of intergranular bubbles ~100 nm in diameter (Figure 8). The aerial
coverage varied from 14.8-17.8% with a mean of 15.7%. Solid fission product precipitates were in the
range 20-60 nm. Intragranular bubbles of 4.8 nm diameter were present at a density of 0.2 × 1024 m–3
giving rise to a calculated swelling of 1.5%.
Figure 8. Intergranular bubbles in IT9

Third test series – ramped commercial fuel
The IT series of tests suggested that heat treatments below 1 200qC had no observable influence
on the microstructure as observed by SEM and TEM. For this reason, it is assumed that the
observations reported in this section relate to the end of irradiation conditions and are not influenced
by the measurement of TD.
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ABB specimens
During preparation, the specimen ABB23 fractured in a predominantly transgranular manner.
Limited grain boundary porosity was visible ~0.1 Pm diameter mostly associated with solid fission
products with a small degree of interconnection. At the resolution of the SEM, there was no evidence
of intragranular porosity. TEM revealed precipitates and intragranular bubbles larger than for ABB/E4.
The precipitates had grown to 5-10 nm whilst the mean bubble diameter increased to 3.2 nm but at a
reduced concentration of 0.8 × 1024 m–3; the intragranular swelling contribution was estimated to be
2.4% (Figure 9).
Figure 9. TEM image of fission gas bubbles in sample ABB23

ABB32 had a greater proportion of intergranular fracture which showed substantial areas of
interconnected grain boundary porosity with a diameter ~0.25 Pm (Figure 10). Transgranular faces
showed evidence of intragranular porosity 20-50 nm diameter. At the higher magnification of TEM,
there was evidence for further growth of precipitates to > 10 nm and larger but fewer intragranular
bubbles, 4.9 nm in diameter at a concentration of 0.2 × 1024 m–3, contributing to 1.4% swelling, as
shown in Figure 11.
The observations of grain boundary interlinkage are in accord with the estimated irradiation
temperature and FGR threshold at the burn-up of 58.5 MWd/kgU. From Halden experiments [10] it is
suggested that the FGR threshold temperature should be in the region of 800-900qC. The local
temperatures of ABB/E4 and ABB23 were estimated to be 400qC and 650qC respectively, whereas for
ABB32 the temperature was 1 450qC. This explains the lack of intergranular porosity for ABB/E4, the
limited intergranular porosity in ABB23 and the substantial areas in ABB32.
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Figure 10. Intragranular bubbles in specimen ABB32
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Figure 11. TEM view of bubbles and precipitates in specimen ABB32
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Fragema specimens
Specimen preparation of G11/5 produced a mostly transgranular fracture showing a high but
variable density of pores ~0.45 Pm in diameter; they were generally faceted and accounted for a volume
swelling of ~3.7%. Isolated but large intergranular porosity appeared to be tunnels associated with
grain edges (Figure 12). The large intragranular pores made for difficult TEM specimen preparation;
the resulting foils had a lace-like structure. In electron transparent areas, between large precipitates,
~1 nm diameter bubbles were visible, mostly in short lines and at a density of ~2.4 × 1024 m–3
(Figure 13). Intragranular volume swelling was estimated at 3.7% from the large pores and 0.11%
from the lines of small bubbles.
Figure 12. Fracture surface of G11/5

Figure 13. TEM image of bubbles in specimen G11/5 appeared to have nucleated in lines
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At the local end of ramp temperature of 1 730qC, it is clear that much of the fission gas was
released through the highly developed grain boundary tunnel structure, or resident in the large diameter
intragranular pores. The small diameter bubbles in lines are identical to those seen at lower burn-up, or
low gas concentrations, and result from the formation of bubbles in the wake of fission fragments [9].
Response to increased temperature of material containing HBS
The as-irradiated microstructure of U8 was a development of that observed in U6 and there was
evidence of extensive intergranular micro-cracking. Near the centre of the disc, micron-sized porosity
existed in a network of high concentration bands in the vicinity of grain boundaries. High magnification
examination of the porosity revealed that the pore surfaces had a “lumpy” appearance on a scale of
~0.2 Pm. This was consistent with the surface of the pores being formed from re-structured grains of
the HBS (Figure 14). Towards the specimen rim, the width of the bands increased until the original
grain structure became obscured. An examination of the pore size distribution showed that within the
observed size range, 0.1-3.6 Pm, the density of pores decreased linearly with increasing size. The
variation in porosity as a function of position showed a high value of ~8% within 0.5 mm of the disc
rim, falling to 3-4% a distance 1 mm from the rim and ~1.5% at the centre.
Figure 14. Faceted cavities in U8 fragments heated to 800°C

During TD and specific heat measurements on U8, it was found that the specimens explosively
fragmented, sometimes with sufficient impulse as to displace the cover to the crucible in which they
were contained. Because of this, special heating tests were conducted specifically to observe the
specimen response. On heating specimens to temperatures of 800qC and 1 500qC, i.e. above the
irradiation temperature, they fragmented energetically as before. The resulting fragment size was
variable within the range of several hundred microns down to several microns and smaller. The average
fragment size after the 1 500qC heating was smaller than that at 800qC.
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The microstructure of the fragments appeared very little different from the as-irradiated state.
However, a detailed image analysis of the pore distribution indicated that the heating induced a
decreasing density of the very smallest pores, ~1 Pm, also pores in the range 1-2 Pm and an increase in
density of 0.3-0.6 Pm and pores >2 Pm (Figure 15). In the size range up to 3.75 Pm there was an
estimated total increase in swelling from 2.9% to 3.4%.
Figure 15. Pore size distribution in U8 in as-irradiated condition and after TD anneal

The implication of these observations is that heating fuel containing HBS or partially developed
HBS above its previous temperature can lead to energetic fragmentation and dispersal. As such, it has
the potential to enhance PCMI in a rapid power transient. This is particularly the case for RIAs as in
these cases, the rim of the pellet, where such restructuring is likely to exist, experiences a significant
increase in temperature. It must be pointed out that in the observations on U8, the material was not
under any external stress, unlike the situation in an operating fuel rod, where at high burn-up the
cladding is in intimate contact with the fuel. Thus in practice, the outcome is likely to be significantly
less onerous. However, experiments have shown that the energy for failure for high burn-up fuel in a
simulated RIA is significantly depressed compared to fresh fuel. One contribution to this is known to
be the enhanced brittle nature of the cladding due to waterside oxidation and hydrogen uptake. The
observations presented here are clearly an additional feature of high burn-up and as a consequence will
act together with embrittled cladding to decrease the failure enthalpy. For this reason there is a
compelling incentive to explore this fragmentation further and to quantify the energy released as a
function of restraint.
Conclusions
This paper has reported results from quantitative studies of microstructural evolution, performed
on high burn-up fuel specimens, both isothermally irradiated as discs, and commercially irradiated and
subsequently ramped samples. Key observations/conclusions are as follows.
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At irradiation temperatures 500-700qC, irrespective of burn-up, there was no large accumulation
of gas at grain boundaries nor was there significant intragranular porosity. The structure at low burn-up
(< 40 MWd/kg) was similar to that for un-irradiated material. At higher burn-ups, the observations
were consistent with the start of a High Burn-up Structure (HBS), occurring near grain boundaries in
fuel irradiated to ~60 MWd/kg, but with greater coverage of the HBS in fuel irradiated to 80 MWd/kg.
Results from a series of tests employing isothermal anneals have indicated that 1 200qC is the
lowest annealing temperature at which microstructural changes occur which are observable by electron
microscopy. At short anneal times (up to 4 hours), growth of intragranular bubbles was barely
measurable via TEM, while SEM failed to reveal conclusive evidence of intergranular bubbles. A sample
annealed for 100 hours at 1 200qC showed considerably more bubble growth to a size of 4.9 nm
compared to ~1 nm when ramped to 1 200qC and ~2 nm after 4 hours at 1 200qC. Grain faces showed
a well-developed population of intergranular bubbles ~100 nm in diameter. The aerial coverage varied
from 14.8-17.8% with a mean of 15.7%. Solid fission product precipitates were in the range 20-60 nm.
Intragranular bubbles of 4.8 nm diameter were present at a density of 0.2 × 1024 m–3 giving rise to a
calculated swelling of 1.5%.
Observations of grain boundary interlinkage were in accord with the estimated irradiation
temperature and FGR threshold at the burn-up of 58.5 MWd/kgU, which in-pile data from the Halden
Joint Program suggest should be in the region of 800-900qC. Observations of intergranular porosity in
commercially irradiated samples were in accord with estimated local temperatures. For ABB/E4
(estimated temperature 400°C) no such porosity was observed, whilst there was limited porosity for
ABB23 (650°C), but substantial porosity in ABB32 (1450°C).
In unrestrained conditions, fuel containing HBS or partially developed HBS can disperse if heated
rapidly above the peak temperature previously attained. As such, it has the potential to enhance PCMI
in a rapid power transient. However, the situation in an operating fuel rod, where at high burn-up the
cladding is in intimate contact with the fuel, is quite different from our tests. Thus such energetic fuel
dispersal as we observed is unlikely in LWR rods. Nevertheless, there is a compelling incentive to
explore fuel dispersal phenomenon further to quantify the energy released as a function of burn-up,
restraint level and heating rates.
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Abstract
The material properties of DUPIC fuel, such as thermal conductivity, thermal expansion, creep rate,
Young’s modulus and hot hardness were measured using simulated DUPIC fuel to evaluate their
effects on the irradiation behaviour such as the pellet-cladding mechanical interaction (PCMI).
Experimentally characterised properties of the DUPIC fuel were employed in the performance
evaluation code and the finite element analysis to estimate the ridge height, plastic strain of the
cladding, and the hoop stress of the pellet and the cladding. Some fuel fabrication parameters were
suggested for optimisation for a decrease in the PCMI of the DUPIC fuel as a result of a statistical
sensitivity analysis.
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Introduction
A dry re-fabrication process was developed under the auspices of an international co-operation in
order to re-use fissile elements in the spent fuels of pressurised light water reactors (LWR) without the
aqueous separation or extraction of sensitive nuclear materials [1]. The benefits of the dry re-fabrication
process are the saving of uranium resources and the reduction of accumulated spent fuel while
maintaining proliferation resistance during the process [2]. The dry re-fabrication technology is known
as DUPIC (Direct Use of spent PWR fuel In CANDU reactors).
In the fabrication of the DUPIC fuel, spent fuel pellets separated from the claddings of spent
LWR fuel are oxidised from UO2 to U3O8 at 450-500qC in an oxidising atmosphere and reduced into
UO2 at 650-700qC in a reducing atmosphere [3]. Spent fuel pellets are then pulverised during repeated
oxidation and reduction, which is called the OREOX(Oxidation and REduction of OXide fuel) process,
due to the phase transformation and volume change between cubic UO2 (10.96 g/cm3) and orthorhombic
U3O8 (8.3 g/cm3). Using the spent fuel powder prepared from the OREOX process, fresh DUPIC fuels
for CANDU reactors are fabricated after compaction and sintering processes in a shielded hot cell.
Fission gas species and volatile fission products are removed during the OREOX and sintering
processes [4].
The mini-elements of the DUPIC fuel fabricated in a hot cell using a spent fuel discharged from
the Gori-1 nuclear power plant in 1986 after an average burn-up of 27 300 MWd/MTU are undergoing
a series of irradiation tests in the HANARO research reactor for the performance evaluation of the
re-fabricated fuel pellets. Post-irradiation examination of the irradiated fuel showed that the
microstructural evolution and fission gas release behaviour of the DUPIC fuel are similar to the UO2
fuel [4].
The DUPIC fuel has a different chemical composition due to the solid fission products and the
resulting material properties vary from those of the fresh UO2 fuel [5]. The DUPIC fuel also differs
from the high burn-up oxide fuel because it does not contain fission gas elements or volatile fission
products. Therefore, it is necessary to characterise the material properties such as thermal conductivity,
thermal expansion coefficient, creep rate, Young’s modulus and hot hardness to evaluate the performance
of the DUPIC fuel. In this study, the thermal and mechanical properties of the DUPIC fuel were
characterised using simulated DUPIC fuel to analyse the effect of the material properties of the
DUPIC fuel on the pellet-cladding mechanical interaction.
Experimental procedures
Because the experiments with spent fuel are very complicated due to a high radioactivity,
characterisation of the material properties was performed using simulated fuel consisting of natural
UO2 powder blended with stable chemical additives simulating the composition of the spent fuel.
In the OREOX process, the sintered pellets were heated to 450qC in air to oxidise the UO2 into U3O8
and then heated to 650qC in H2 to be reduced into UO2 again. After three cycles of oxidation and
reduction, attrition milling of the OREOX treated powder was carried out to enhance the sinterability.
The milled powder was compacted into cylindrical pellets and sintered at 1 700qC for four hours in a
H2 atmosphere. Thermal conductivity and thermal expansion of the simulated DUPIC fuel was measured
by the laser flash method and by a push rod type dilatometer (DIL402C, Netzsch), respectively. Creep
rate was measured by a compressive creep test at 1 500, 1 600, 1 700qC in a H2 atmosphere. Young’s
modulus of the simulated DUPIC fuel was measured by a resonance ultrasound spectroscopy (RUS)
and hot hardness and fracture toughness were measured by a high temperature micro-Vickers hardness
tester (QM-2, Nikon). Scanning electron microscopy was employed to observe the microstructure of
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the simulated DUPIC fuel after milling, sintering and hot hardness test, respectively. The material
models in the performance evaluation code and the finite element analysis were modified according to
the measured data of the simulated DUPIC fuel. ELESTRES (ver. M11K) and ANSYS (ver. 7.0) were
used for the performance evaluation and the finite element analysis, respectively.
Results and discussion
The OREOX process of the UO2-based sintered pellet simulating a spent fuel with a burn-up of
27 300 MWd/tU produced pulverised powder as shown in Figure 1. As the cycle of the OREOX
process is repeated, the average particle size decreases and the specific surface area increases because
of the cracking by the transformational volume change between UO2 and U3O8. Figure 1(c) shows the
refined powder of the simulated DUPIC fuel after dry milling in an attritor. Sintered density of the
simulated DUPIC fuel was increased with the milling time. In this study the theoretical density was
calculated as 10.789 g/cm3 according to the content of the additives and the average relative density of
the simulated DUPIC fuel was about 95% after sintering at 1 700qC for four hours in a flowing H2
atmosphere [6,7]. A scanning electron micrograph of the sintered microstructure of the simulated
DUPIC fuel is exhibited in Figure 2. Except for some metallic precipitates found in the grain boundary
region, the microstructural features are almost similar to the typical UO2 fuel.
Figure 1. Scanning electron micrographs of (a) 1 cycle OREOX treated powder, (b) 3 cycle
OREOX treated powder and (c) attrition milled powder for 15 min after OREOX treatment

(a)

(b)

(c)

Figure 2. Scanning electron micrograph of the simulated DUPIC fuel
after sintering at 1 700qC for four hours in a flowing hydrogen atmosphere
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The thermal properties and mechanical properties of the simulated DUPIC fuel were measured to
modify the material models in the performance evaluation codes such as ELESTRES for the CANDU
fuel element. The changed material properties result in important changes in the irradiation behaviour
such as centreline temperature, fission gas release (FGR) and pellet-cladding mechanical interaction
(PCMI). Figure 3(a) shows that the thermal conductivity of the simulated DUPIC fuel was lower than
UO2 due to the presence of the solid solution elements such as Zr, Nd, Ce, etc. in the fuel [8]. It has
been reported that the thermal conductivity decreased as the target burn-up of the simulated fuel
increased [6,7]. Thermal conductivity of the DUPIC fuel was fitted with the Harding-Martin equation
and modelled as follows [9]:
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The coefficient of the thermal expansion of the simulated DUPIC fuel is larger than that of UO2
as plotted in Figure 3(b) [10]. Thermal expansion of the DUPIC fuel is modelled as follows:
dL/L = 11.8 u 10–6T + 3.97 u 10–10T2
The decrease in thermal conductivity and the increase in thermal expansion are not desirable
changes for the fuel performance.
Figure 3. (a) Thermal conductivity and (b) thermal expansion
of UO2 and the simulated DUPIC fuel with temperature
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As for the view of the pellet-cladding mechanical interaction, soft fuel is a desirable concept for
preventing the cladding from severe deformation. But Figures 4 and 5 show that the simulated DUPIC
fuel is not a softer fuel than UO2. Time-dependent plastic deformation and time-independent elastic
and plastic deformation are more difficult in the simulated DUPIC fuel. Solid solution hardening and
precipitation hardening occur in the simulated DUPIC fuel. From the hot hardness test as shown in
Figure 5, the high temperature yield strength of the simulated DUPIC fuel can be calculated by the
empirical relationship between the hardness and yield strength. Fracture toughness can also be calculated
from a hot hardness test by the indentation crack length method. Figure 6(a) exhibits indentation
cracks at the corners of the indent after a hot hardness test. For brittle materials, fracture toughness is
formulated as a function of the crack length, Young’s modulus and hardness as follows [11]:
KC = 0.028 (H/E)–1/2·Ha1/2(c/a)–3/2
where H is the hardness, E is the Young’s modulus, a is indent diagonal distance, and c is the crack
length. The simulated DUPIC fuel has comparable fracture toughness to UO2, as shown in Figure 6(b).
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Figure 4. (a) Creep rate and (b) Young’s modulus of UO2 and the simulated DUPIC fuel
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Figure 5. Hot hardness of UO2 and the simulated DUPIC fuel
measured by the high temperature micro-Vickers hardness test
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Figure 6. (a) Scanning electron micrograph showing an indentation crack after the hot
hardness test of the simulated DUPIC fuel at 100qC and (b) the fracture toughness of
UO2 and the simulated DUPIC fuel obtained by the indentation crack length method
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Because the DUPIC fuel is designed to be utilised in existing CANDU reactors, the ELESTRES
code has been used for the fuel element performance evaluation of the DUPIC fuel [12,13]. Some
important material models adopted in the ELESTRES code were modified one by one to measure their
contribution to the fuel performance. Figure 7 shows the calculated results of the centreline temperature
and sheath plastic strain by the modified ELESTRES code when one of the material models such as
thermal conductivity and thermal expansion are changed for the DUPIC fuel. The change in thermal
conductivity resulted in the most remarkable changes of the centreline temperature and sheath plastic
strain, while the other factors did not exhibit quite such an influencing deviation. This preliminary
sensitivity analysis shows that the pellet-cladding mechanical interaction of the DUPIC fuel was found
to be greatly affected by the thermal conductivity of the fuel and the resulting centreline temperature
of the fuel. A higher centreline temperature of the DUPIC fuel also increases the internal pressure of
the fuel element due to the increased fission gas release. Initial rise of the sheath plastic strain as
shown in Figure 7(b) is originated from the thermal expansion of the fuel pellet and the second rise of
the sheath plastic strain at an increased burn-up results from the increased internal pressure by the
fission gas release.
Figure 7. The effect of the performance variables on (a) the centreline temperature and
(b) plastic strain of the sheath of the DUPIC fuel with burn-up at a linear heat rate of 40 kW/m
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Finite element analysis (FEA) software can be used as another tool for the comprehensive
evaluation of the pellet-cladding mechanical interaction of the DUPIC fuel due to the adaptive
calculation of the thermal and mechanical behaviour [14,15]. The modification of the existing
performance code can be verified by a comparison with the results of the calculation by the FEA
software. An FEA study was carried out using ANSYS 7.0 to verify the modified performance
evaluation code and to understand the detailed thermal and mechanical behaviour of the DUPIC
fuel [16]. Distribution of the hoop stress of the DUPIC fuel at an initial burn-up with a linear heat rate
of 40 kW/m is shown in Figure 8. Compressive hoop stress forms in the inner region of the pellet
while tensile hoop stress occurs in the outer region of the pellet and the cladding. The maximum
tensile hoop stress is found at the corner of pellet end.
Table 1. Fuel design variables and boundary conditions for the finite element analysis
Fuel design variables
Value
Boundary conditions
Value
Pellet radius
6.075 mm
Gap conductance
75.1 × 103 W/m2K
Pellet height
16.0 mm
Film coefficient
46.1 × 103 W/m2K
Cladding thickness
0.39 mm
Coolant temperature
561 K
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Figure 8. (a) Hoop stress contour plot of the upper half pellet and
radial variation of the hoop stress at (b) UO2 pellet end, (c) DUPIC fuel
mid-pellet and (d) DUPIC fuel pellet end with a linear heat rate of 40 kW/m
(a)

(b)

(c)

(d)

Parametric sensitivity analysis was carried out using modified ELESTRES codes to suggest the
optimum fabrication variables within the ranges of the fuel specifications. Statistical sensitivity was
analysed by employing the orthogonal array design (OAD) involving three fabrication factors with
three levels as shown in Table 2 [17]. Fuel density, gap clearance and grain size were selected as the
major fabrication variables influencing the performance of the DUPIC fuel. As shown in Figure 9, the
fuel density was the most controlling factor for the increase of the hoop strain due to the strong PCMI.
It is recommended to decrease the fuel density and to increase the gap clearance to reduce the PCMI of
the DUPIC fuel. Although the decrease in the fuel density may result in a rise of the centreline
temperature of the DUPIC fuel, Figure 9(b) shows that the effect of the recommended change of the
fabrication parameter within the fuel specification is acceptable compared to the melting point of the
DUPIC fuel.
Table 2. Fabrication factors and their levels used in the orthogonal array design
Fabrication factors
Level 1
Level 2
Level 3
3
3
Fuel density
10.30 g/cm 10.45 g/cm 10.60 g/cm3
Gap clearance
40 Pm
80 Pm
120 Pm
Grain size
5 Pm
15 Pm
25 Pm
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Figure 9. Statistical variation of the (a) total strain at pellet end and (b) centreline
temperature of the DUPIC fuel with the levels in orthogonal array design
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Conclusions
The thermal properties and mechanical properties of DUPIC fuel were measured using simulated
DUPIC fuel for the performance evaluation. Among many variations of the material properties, the
decrease in the thermal conductivity resulted in the largest change of the fuel performance of the
DUPIC fuel. The pellet-cladding mechanical interaction resulting in a large ridge height and plastic
strain of the cladding also increased when the material models in the performance evaluation code and
finite element analysis were modified for the DUPIC fuel. Statistical sensitivity analysis showed that
the fabrication parameters such as fuel density, initial gap and grain size should be optimised to reduce
the PCMI of the DUPIC fuel.
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OUT-OF-PILE AND IN-PILE VISCOPLASTIC BEHAVIOUR OF MIXED-OXIDE FUELS

L. Caillot, C. Nonon, V. Basini
CEA Cadarache

Abstract
MOX fuel tested under transient conditions behaves particularly well from the pellet-cladding interaction
point of view and can undergo power variations above the current standard UO2 threshold.
So as to complete understanding of the specific mechanical properties of MOX fuel, experimental
programmes have been undertaken within the framework of a co-operation between EDF,
FRAMATOME ANP and CEA. Since the MOX benefit is attributed to its higher fuel creep, analytical
tests were performed to attempt to characterise the specific in-pile thermo-mechanical behaviour of
MOX fuels and to compare it to that of UO2.
In-pile diameter measurements with the DECOR device in the SILOE reactor on fuel rodlets were
performed under transient conditions. A small increase of creep rates was observed on fresh MOX fuel
compared to UO2 at the same power, mainly due to the effect of the lower conductivity on the fuel
temperature. On a two-cycle PWR fuel, in-pile and PIE observations evidenced a significant increase
of creep properties compared to those observed at beginning of life. Another evidence of the higher
viscoplasticity of MOX fuel is provided through a comparative examination of two-cycle MOX and
UO2 fuel rods after power ramping in the OSIRIS reactor with zero holding time at ramp terminal
power level.
The correlation between creep studies by compression experiments at intermediate temperature on
as-fabricated MOX MIMAS pellets and irradiation results are discussed, especially as concerns the
impact of the differential thermal behaviour of MOX and UO2 on the thermal creep.
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Background
Since the first reload in 1987 in the Saint-Laurent B1 unit, MOX fuel utilisation in EDF PWRs
has been widely developed [1]. The “MOX parity” project was launched to achieve parity between
MOX and UO2 fuel performances up to an assembly discharge burn-up of 52.0 MWd/tM. The huge
experience feedback, completed by experimental programmes, has been used in order to improve the
understanding of MOX fuel behaviour under nominal and transient conditions. Concerning mechanical
properties, ramp tests proved that MOX fuel behaves particularly well from the pellet-cladding
interaction point of view [2]. Indeed, none of the power ramps carried out on the MIMAS-type MOX
fuel rods irradiated for two and three cycles in PWR conditions resulted in cladding failure. All the
rods tested survived transients with conditions above the UO2 threshold (up to 490 W/cm). Similar
conclusions are reported in open literature [3].
This better behaviour is always attributed to higher creep properties of MOX fuels compared to
UO2, but only few (or old) data on this topic are available. The objective of this paper is to provide an
overview of an analytical programme aiming at understanding the specific behaviour of MOX fuels in
PCI conditions and to highlight some new results about the higher MOX pellet creep during power
transients. This programme has been undertaken within the framework of a co-operation between
EDF, FRAMATOME ANP and CEA. It includes three sections:
x

Instrumented irradiations.

x

Analytical power ramps.

x

Compression tests on non-irradiated pellets.

Instrumented irradiations on MOX fuel rodlets
The two experiments described in this section (DEFORMOX 1 and 2) aimed at characterising the
specific in-pile thermo-mechanical behaviour of MOX fuels. To this end, the cladding deformation
was measured at different power levels using the DECOR irradiation device in the SILOE experimental
reactor.
The DECOR device [4], which is a part of the GRIFFON rig operating in boiling conditions
(water pressure is 130 bars), is a device designed to perform a complete diametral profilometry of a
short rodlet during the irradiation. The fuel pellet stack is about 20 cm long, and the rod total length is
about 30 cm. The technology of the measure is based on strain gauges. A calibration is performed for
every measurement thanks to diameter standards screwed at each extremity of the rodlet. The accuracy
of measurements with this device is r3 microns; nevertheless relative evolutions of the order of the
micron are expected to be significant.
The DEFORMOX 1 experiment was performed on fresh MOX and UO2 fuels, while the
DEFORMOX 2 experiment aimed at characterising a two-cycle MOX MIMAS PWR fuel rod.
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DEFORMOX 1 experiment
This beginning-of-life (BOL) experiment was undertaken:
x

To compare the thermo-mechanical behaviour of different types of MOX fuels (MIMAS
ADU and MIMAS AUC) and UO2.

x

To attempt to evaluate the effect of burn-up by comparing DEFORMOX 1 (BOL) and
DEFORMOX 2 (after two PWR cycles).

In order to allow a direct comparison of results, the three different types of pellets were irradiated
in a single experimental rod. The fuel stack is made of six pellets of each fuel type. Most of the
parameters were chosen in order to make the direct comparison as easy as possible. The pellets’
characteristics are given in Table 1.
Table 1. Fabrication and irradiation characteristics of the three experimental programmes
DEFORMOX 1
Geometry
Clad
Fuel
UO2 powder
fabrication route
Pu or U content
(mass)
Density (g.cm-3)
Rodlet burn up

DEFORMOX 2

ZHT ramp

MOX MIMAS

MOX MIMAS

MOX MIMAS

UO2

17 × 17
Zy4
MOX MIMAS

ADU

–

AUC

AUC

ADU

U/U
7.0%
10.46
0

PuO2/MOX
6.7%
10.52
0

Pu/(U+Pu)
6.6%
10.47
28.5 GWd/t. hm

Pu/(U+Pu)
6.6%
10.40
28.1 GWd/t. hm

PuO2/MOX
6.6%
10.50
0

235

The power history of the fuel rod is given in Figure 1. The power of MOX and UO2 fuels are not
exactly the same because of isotopic composition differences. The MOX pellets were submitted to
increasing power steps ranging from 200 W/cm to 400 W/cm, while the UO2 pellets were irradiated up
to 430 W/cm. The ramp rises were performed at 40 W/cm/min. During each power plateau, several
diameter measurements were performed. The date of acquisitions is pointed out with dots in Figure 1.
Figure 1. DEFORMOX 1 power history
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During the first long power plateau at 200 W/cm, the evolution of profilometries evidenced the
densification of the pellets. Taking into consideration the duration of the following power plateau, this
phenomenon can be neglected during the rest of the sequence.
Thanks to the profilometries measured after each power step, it was observed that the deformation
tends to be more homogeneous in the case of MOX pellets when the power increases. Primary ridges
are smaller than those of UO2, with a slightly better behaviour of the MOX ADU compared to MOX
AUC. At the end of the irradiation, differences between the three fuel batches are highlighted through
the out-of-pile cladding diameter measurement (Figure 2).
Signs of creep of the MOX fuel start to be seen at 350 W/cm, as shown in Figure 3, with a slight
decrease of the difference between inter-pellet and mid-pellet diameters (a few microns). This
evolution, which continues during the next power plateau, is not observed for UO2.
The deformation of MOX pellets, and in particular of MIMAS ADU pellets, evidences a relative
decrease of primary ridges compared to UO2. This is due to a higher fuel creep accumulated during the
time of the different power plateaus, in spite of a lower linear rating for the MOX pellets.
Figure 2. Comparison of out-of-pile cladding diameter measurements before and after the test
UO2

MIMAS AUC

MIMAS ADU

Diameter (mm) .

9,50

9,45
80

130

180

230

280

axial position (mm)

Figure 3. Time and power dependence of difference between inter-pellet and mid-pellet diameters
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The temperature in the centre of the UO2 pellets can be estimated to be approximately 1 400qC
during the higher power plateau (435 W/cm). The temperature differences between MOX and UO2
pellets can be as large as 200qC at the same power. Under the DEFORMOX 1 experiment conditions,
however, the power of the MOX pellet is lower due to isotopic composition. Consequently, the MOX
pellet temperature is higher by 100qC. Higher fuel creep for MOX fuel can thus be partly explained by
the higher level of temperature in the pellet. Nevertheless, it should be noted that no filling of pellet
extremity dishings was observed on longitudinal post-irradiation ceramographies.
DEFORMOX 2 experiment
The DEFORMOX 2 experiment was performed under similar conditions as DEFORMOX 1, using
the DECOR device in the SILOE reactor just before its definitive shutdown at the end of 1997.
This experiment was performed on a MOX fuel rod irradiated in a French EDF reactor during two
cycles and refabricated by the FABRICE process. Fabrication and irradiation characteristics are
provided in Table 1. The power history of the DEFORMOX 2 experiment is given in Figure 4.
Figure 4. Power history of the DEFORMOX 2 experiment
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This power history is similar to that of the DEFORMOX 1 experiment: after a conditioning plateau
at 170 W/cm, the power was increased by steps at 50 W/cm/min, and diameter measurements were
performed during each power plateau so as to characterise the evolution of the cladding deformation at
constant power. These profilometries exhibit a slight increase of primary ridges height up to 345 W/cm.
Thereafter, primary ridges do not increase whereas secondary ridges grow at the mid-pellet planes.
Cladding deformation tends to become more homogeneous.
The creep behaviour of MOX pellets was analysed through the evolution of the cladding
deformation when held at constant power (Figures 5 and 6).
At 300 and 345 W/cm, the difference between inter-pellets and mid-pellet diameters decreases
with time. During the first plateau, the primary ridges’ height diminishes and secondary ridges begin
to appear, while mean diameter does not evolve. This is a clear evidence of creep-type phenomenon.
This means that fuel creep in the MOX case, can be activated as soon as the temperature reaches
1 300qC (estimated temperature at the centre of the pellet at 300 W/cm). Later, from 345 W/cm, the fuel
gaseous swelling contribution begins to be significant, leading to the increase of the mean diameter
during the hour of holding time.
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Figure 5. Fuel rod profilometry evolution during holding time at 300 and 345 W/cm
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Figure 6. Evolution of difference between diameter at inter-pellet plane and
diameter at mid-pellet plane during holding time (mean measurements of four pellets)
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Figure 7 compares permanent cladding deformations induced by DEFORMOX 2 (maximum
power = 390 W/cm) and a power ramp on a two-cycle UO2 at a comparable maximum power level
(395 W/cm – 12 hours of holding time).
In spite of the shorter time at full power, the MOX fuel exhibits a higher mean deformation due to
swelling, and a complete fading of primary ridges at inter-pellet.
Such observations have been reported in other experiments. For example, Figure 8 compares
similar results obtained on a two-cycle MOX ramped in R2 and a two-cycle UO2 ramped in OSIRIS
under very similar conditions (|430 W/cm – 12 hours of holding time). The higher the power, the
more the primary ridges are flattened.
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Figure 7. Comparison of fuel rod profilometry evolution between
DEFORMOX 2 and a two-cycle UO2 submitted to a similar ramp test power history
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Figure 8. Comparison of fuel rod profilometry evolution (before and after ramp)
between MOX and UO2 submitted to a similar ramp test power history
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The primary ridges’ evolution provides the evidence of the higher creep of MOX pellets. This is
confirmed by the analysis of longitudinal ceramographies. Filling of dishings of DEFORMOX 2
pellets is complete, while there is still free volume in the UO2 case (Figure 9). Both effects – fuel creep
and gas swelling – contribute to the larger filling of MOX dishings as compared to UO2.
Comparative analysis of DEFORMOX 1 and 2
The DEFORMOX 1 and 2 experiments have revealed signs of creep occurring at lower power for
MOX fuels as compared to UO2, leading to a more homogeneous deformation of the cladding,
probably due to a combination of intrinsic properties and temperature effects. The latter has been
estimated to be around 100qC in the DEFORMOX 1 experiment.
159

Figure 9. Longitudinal sections from DEFORMOX 2 experiment (left) and from a
two-cycle UO2 (right) submitted to a power ramp test (395 W/cm – 12 hours holding time)

In the DEFORMOX 2 experiment, signs of MOX fuel creep have been highlighted for temperatures
as low as 1 300qC, while such features were not as manifest for UO2 after operation up to 1 600qC
(corresponding to a power level of 395 W/cm).
Furthermore, it is obvious that the differences between MOX and UO2 are smaller at beginning of
life than at higher burn-up: after two cycles of PWR irradiation, the primary ridges’ evolution is much
higher (tens of microns compared to a few microns) and filling of dishings is significant.
Nevertheless, due to the holding time at different powers in this type of experiments, creep
phenomena can not be clearly separated from gaseous swelling, which is the reason why zero holding
time power ramps were performed.
Zero holding time (ZHT) power ramp
This type of irradiation is performed in the OSIRIS reactor located in CEA Saclay. The analytical
ramp tests were performed in the ISABELLE 1 irradiation loop [5]. This loop, used for standard PCI
ramps, allows reproducing PWR thermo-hydraulic conditions.
The test scheme applied is a conditioning power plateau followed by a transient at approximately
100 W/cm/min, and zero holding time at the terminal power level. The conditioning is operated at an
appropriate power level to re-establish the thermo-mechanical and chemical state of the rod achieved
at the end of the base irradiation.
The aim of this type of ramp test is to provide new data for understanding the main mechanisms
involved during the transient and to observe the rod thermo-mechanical state at the end of the power
increase phase. The absence of holding time allows reducing the risk of screening major PCI features
by various time-dependent parasitic effects such as gaseous swelling.
Three experiments were conducted on a two-cycle UO2, a four-cycle UO2 and a two-cycle MOX
respectively. The final power at the end of each transient has been specified to be the same value,
about 450 W/cm, in order to make comparisons among the three rods behaviour easier.
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The results of these three zero holding time ramp tests are detailed in [6]. Fabrication and irradiation
characteristics of the two-cycle MOX rod are given in Table 1. Conclusions related to post-irradiation
examinations and post-calculations for the MOX ramp test, in comparison with those obtained for UO2
are reported hereafter:
x

No cladding failure occurred, as expected.

x

The permanent cladding deformation is slight (< 15 Pm), due to the absence of holding at
high power and the absence of fuel swelling (Figure 10).

x

The permanent deformation of the MOX rod is 1.5 times higher than that of the UO2 rod in
the central part of the rod where power level is maximum. This is fully explained by the
computed difference of thermal loading: thermal conductivity of MOX fuel induces an average
temperature increase of 125qC at the centre of the pellet (1 840qC against 1 715qC at the
maximum power level).

x

No evolution of primary ridges was measured, while an increase is observed for UO2 under
similar conditions (Figure 11).

x

The partial filling (25%) of pellet extremity dishings has been quantified through axial
ceramographies (Figure 12). This result has been compared to examinations on UO2 after
ZHT ramp. Dishings filling was very slight (only 7%). In addition, closer examinations in the
vicinity of the partially filled MOX pellet dishings revealed oriented intergranular fractures,
typical of fuel creep mechanism. This feature was not observed in the UO2 case.

x

Differences in crack patterns were highlighted on longitudinal sections: a smaller crack
volume in the MOX pellet, compared to two-cycle UO2 where large fractures can be observed
(Figure 12).

MOX fuel exhibits a higher gaseous swelling at equivalent power for burn-up in the range of
two-cycle irradiation. Since fission gas swelling and fuel creep both contribute to ridges’ evolution
and dimples’ filling, results of the ZHT ramp test for which fission gas swelling is reduced, provide
crucial features as concerns the difference of creep behaviour between MOX and UO2.
Figure 10. Comparison of cladding deformation after a ZHT
ramp test between a two-cycle UO2 and a two-cycle MOX
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Figure 11. Primary ridges’ height evolution versus local power
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Figure 12. Longitudinal sections from two-cycle UO2 and
two-cycle MOX fuel rodlets after zero holding time ramp test
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Indeed, post-calculations of the ZHT experiment allowed concluding on the absence of gaseous
swelling during the transient. Moreover, they lead to the conclusion that evolution of primary ridges,
(as well as dishings filling and crack pattern) can be explained by the higher fuel creep rate for MOX
than for UO2 during the short time scale of the transient (several minutes). In this way, the results
complement those obtained in the DEFORMOX 1 and 2 experiments, showing that creep occurs at
lower power levels compared to UO2.
This higher creep rate can be explained by:
x

The higher temperature of MOX fuel due to the lower thermal conductivity. In the range of
power of PCI ramp, the difference in central temperature between MOX and UO2 is about
100-150qC (1 840qC against 1 715qC at 450 W/cm in the ZHT experiment). This difference in
temperature has of course a direct consequence on the thermal creep.

x

A difference in intrinsic creep properties of the materials, as reported in the past on FBR
fuels [7,8].

In order to improve our knowledge on these two points, mechanical testings on non-irradiated
MOX and UO2 fuel were performed.
Compression tests on non-irradiated fuels
A series of compression tests were performed on as-fabricated pellets in the LEFCA facility of
CEA Cadarache. All compression tests were conducted in a suitable adapted furnace on a screw-type
Instron machine mounted in a glove-box because of the radiotoxicity of plutonium. Creep tests were
performed from 30-100 MPa and temperature tests varying from 1 300qC to 1 700qC were performed
under a vacuum atmosphere so as not to modify the O/M ratio during the test.
Tested pellets were fabricated by the MIMAS process using ADU UO2 powder. Table 2 presents
the specimen characteristics.
Table 2. Specimen characteristics
Name
MIM0
MIM6
MIM10

Plutonium Cluster size Porosity
Grain size (Pm)
content (%)
(%)
(Pm)
(U,Pu)O2 zones UO2 zones
0
–
5
–
7.3
6
4.6
9
4.4
< 150 Pm
10
4.2
8
<2
< 150 Pm

Average
7.3
5.5
5.5

Figure 13 presents stationary creep rates obtained on different MOX MIMAS-type pellets
(laboratory fabrications) at 1 535qC in the range of stresses from 30-80 MPa. Three levels of Pu
content were tested: 0, 6 and 10% (“MIMAS 0%” is in fact a UO2 prepared as MOX pellets by the
MIMAS process, through dilution of a master blend made of UO2 in UO2, so as to avoid microstructure
unlikable effects in the comparison).
The presented results show an increase of the secondary creep rates on MOX fuels compared to
UO2, mainly at low stresses (< 60 MPa); at higher stresses the creep rates of UO2 and MOX fuels are
of the same order of magnitude. The effect of Pu is not significant, whatever the stress.
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Figure 13. Compressive test results at 1 535qC
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A series of compression tests performed on pellets at different temperatures (range of stresses:
30-100 MPa) allowed to conclude that the activation energy of creep is higher for MOX fuels: the
mean values are 501 kJ/mol and 402 kJ/mol for MOX and UO2, respectively. These values are coherent
with literature data [9].
Both results – higher rates at low and intermediate stresses and higher activation energy – are
consistent with improved creep behaviour of MOX pellets as compared to UO2.
In addition, Figure 14 compares creep test results of MOX and UO2 (industrial fabrications) under
the following conditions:
x

Applied stress = 40 MPa.

x

UO2 temperatures are 1 468qC and 1 360qC.

x

MOX temperatures are 1 533qC and 1 683qC, i.e. 70qC, 170qC and 300qC more than UO2.

These temperature levels are near those tested in the DEFORMOX 2 experiment during the
345 and 375 W/cm power plateaus. The differences in temperature between MOX and UO2 surround
those expected in the central volume of the pellets in PCI conditions for power levels in the range of
two-cycle UO2 threshold, as reported in the previous section.
This graph evidences the presence of a longer and higher primary creep in the case of the MOX
fuel in spite of lower temperature and grain size. A comparison at similar temperature (1 533qC and
1 574qC for MOX and UO2, respectively) of creep deformation during the first 30 minutes of tests
shows a MOX deformation higher than that of UO2 (for example, after 3 minutes, MOX deformation
is higher by about a factor 2).
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Figure 14. Comparison of creep test results on MOX and UO2
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This temperature level corresponds to the range encountered by the MOX pellets in the
DEFORMOX 1 experiment, for which enhanced fuel creep was noticed. In addition, this phenomenon
can play a role during the power rise under ramp conditions.
Indeed, temperature in the centre of the pellet becomes higher than 1 500qC for power superior to
350 W/cm. The volume of the pellet whose temperature is higher than 1 500qC, represents around
25% of the total volume, at the final power tested during the ZHT ramp test (450 W/cm).
Conclusion
This set of in-pile experiments performed under different conditions, tends to prove that MOX
fuel creeps more than UO2, and that the difference increases between beginning of life and two-cycle
irradiation.
The difference at low burn-up is partly explained by the intrinsic properties of the material, even
if the observed differences are slight:
x

Existence of a larger primary creep stage.

x

Higher creep rate at low and intermediate stresses (× 3.5 at 40 MPa).

It is also partly explained by the temperature dependence of the creep phenomenon:
x

Due to the lower thermal conductivity of the material, in the typical range of power of PCI
conditions, the central volume of MOX pellet temperature is higher by 100qC.

x

Due to a higher activation energy for MOX fuels as indicated by compression tests.
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As concerns the amplification at higher burn-up of the differences between MOX and UO2, two
possible explanations can be proposed:
x

The microstructural evolution of the MOX material with the restructuring of the Pu-rich areas,
which leads to the apparition of porous aggregates. One can wonder if these areas act like big
pores as assumed by some authors [10].

x

The chemical evolution of the MOX material, due to the fact that Pu fissions are more
oxidising, with a direct consequence on diffusion driven phenomena such as creep. However,
even if the potential of oxygen of (U,Pu)O2 is higher than those of UO2, buffering by the
fission product Mo and by the Zr clad [11] can impede the overall oxidising environment.

At the present time it is impossible to conclude as to the respective weights of the different
mechanisms responsible for the amplification of MOX creep rates by burn-up, due to the lack of
experimental data.
As-fabricated features of MOX, such as grain size, porosity or area fraction of the different phases
are still studied through out-of-pile mechanical testing on calibrated microstructures. Identification of
the parameters governing the fuel creep law is necessary to evaluate the influence of the respective
mechanical properties of the matrix and the Pu clusters, and to quantify the effect of cluster shape,
size or porosity evolution in each phase [12]. To this end, a very detailed characterisation of the Pu
distribution in the matrix is required before as well as after irradiation. The development of specific
microanalysis techniques [13] is promising to improve the knowledge of the impact of the fabrication
process on the microstructure and thereafter, to understand the link between fresh fuel microstructure
and its in-pile behaviour.

Acknowledgements
The authors would like to thank EDF and FRAMATOME ANP for their support of these research
and development programmes, and especially S. Beguin, P. Blanpain and B. Julien for their
contributions to this work. This paper is published by their kind permission. We also acknowledge all
our colleagues involved in the fabrication, irradiation and examinations, who contributed to the
success of these experimental programmes.

166

REFERENCES

[1]

Blanpain, P., et al., “MOX Fuel Performance in the French PWRs: Status and Development”,
ANS International Topical Meeting on LWRF, Park City (2000).

[2]

Blanpain, P., X. Thibault, J.P. Pages, “Recent Results from In-reactor MOX Fuel – Performance
in France and Improvement Program”, Proceedings of the ANS International Topical Meeting
on LWR Fuel Performance, Portland, Oregon (1997).

[3]

Brown, C., et al., “Overview on MOX Fuel for LWRs: Design, Performances and Testing”,
IAEA Symposium on MOX Fuel Cycle Technologies for Medium and Long Term Deployment,
Vienna, Austria (1999).

[4]

Caillot, L., et al., “Analytical Experiment on PWR Fuel Rods Carried Out in SILOE Reactor at
CEA Grenoble”, IAEA TCM on In-core Instrumentation in Connection with Fuel Behaviour,
Petten, Netherlands, October 1992.

[5]

Alberman, A., et al., “Technique for Power Ramp Tests in the ISABELLE 1 Loop of the
OSIRIS Reactor”, Nuclear Engineering and Design, 168, 293-303 (1997).

[6]

Nonon, C., et al., “Impact of Fuel Microstructure on PCI Behaviour”, Proceedings of the IAEA
TCM on Improved Fuel Materials and Designs, Brussels, Belgium (2003).

[7]

Bohaboy, P.E., S.K. Evans, “Compressive Creep Properties of UO2-PuO2 Compounds”,
Plutonium and Other Actinides (1970).

[8]

Routbort, J.L., N.A. Javed, “Compressive Creep of Mixed Oxide Fuel Pellets”, Journal of
Nuclear Materials, 44, 247-259 (1972).

[9]

Huet, F., “Contribution à l’étude du frittage des oxides mixtes d’Uranium et de Plutonium
surtoechiométriques (U1-y,Puy)O2+x”, Thesis.

[10] Dienst, W., “Irradiation Induced Creep of Ceramic Nuclear Fuels”, Journal of Nuclear Materials,
Vol. 65 (1977).
[11] Matzke, Hj., “Oxygen Potential Measurements in High Burn-up LWR UO2 Fuel”, Journal of
Nuclear Materials, 223, 1-5 (1995).
[12] Roussette, S., et al., “Computational Analysis of Non-linear Structures – Application to MOX
Fuel”, International Seminar on Pellet-clad Interaction in Water Reactor Fuels, March 2004.
[13] Oudinet, G., et al., “On the Characterization of Plutonium Distribution in MIMAS MOX by
Image Analysis”, Proceedings of the IAEA TCM on Improved Fuel Materials and Designs,
Brussels, Belgium (2003).

167

MECHANICAL CHARACTERISATION OF IRRADIATED
FUEL MATERIALS WITH LOCAL ULTRASONIC METHODS

1

D. Baron,1 D. Laux,2 G. Despaux2
EDF/DER, Division Recherches et Développement, 77250 Moret/Loing, France
2
LAIN, Université Montpellier 2, 34095 Montpellier Cedex 05, France

Abstract
Simulation codes used to predict the nuclear fuel rods’ thermo-mechanical behaviour in PWR at base
irradiation or under transient operating conditions must be provided with the correct local elastic
properties of the fuel. As for the other material properties, the elastic constants are evolving as well
with the local burn-up and the physico-chemical material evolution. Therefore, the challenge over the
last six years was to find the means to experimentally assess these characteristics on irradiated fuel
samples. If classical mechanical testing methods are available for non-irradiated fuel, they become
inoperative on irradiated materials because of the pellet cracking and the steep radial temperature
gradient and fission density gradient, which lead to a radial gradient in the evolution of the material
properties. Since 1996, part of our activity has been focused on the local assessment of mechanical
properties with micro-acoustic and micro-indentation methods [1-4]. In this paper, the state of the art
of the micro-acoustic methods will be presented.
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Introduction
The nuclear fuel evolves in-pile on many scales and its physico-chemical state is modified (fission
products in substitution, evolution of oxygen sub-lattice, creation of metallic or ceramic precipitates,
lattice defects, porosity, fractures…). If, for non-irradiated pellets, ultrasonic waves are only sensitive
to the porosity volume fraction, it is different for irradiated fuel as all the parameters previously
enumerated are expected to have an influence of more or less importance. Consequently, the effect of
each parameter on ultrasonic waves should be quantified. As such a study would not be realistic, we
have simplified the process by dividing the effects into five major groups: porosity, grain size, O/M
ratio, dissolved fission products, metallic and ceramic precipitates.
A device easy to operate is now functional in the ITU hot cells; preliminary data has been acquired
on irradiated fuel samples at different burn-ups. Recent improvements allow identifying the specific
behaviour of the thin rim region in the pellet. Acoustic signatures are performed with ceramographic
sampling, and acoustic images can also provide accurate indications of the sub-surface state (cracks
and pores).
Assessment of the elastic constants from ultrasonic wave propagation velocities
Elastic moduli (Young’s and shear modulus) and Poisson’s ratio of an isotropic sample such as a
sintered UO2 body can be calculated from the knowledge of two measured ultrasonic velocities, using
the following Eqs. (1) and (2) [5]:
3Vl  4Vt
2

E U.Vt

2

Vl  Vt
2

V

2

2

UVt

; G

E  2G
2G

2

(1)

(2)

In these expressions U (Kg.m–3) is the density, E (GPa) the Young modulus, G (GPa) the shear
modulus, V the Poisson’s ratio and Vt and Vl the transverse and longitudinal velocities of the
ultrasonic waves in the material.
In addition to the longitudinal and transverse bulk waves, the theory of elastic sound propagation
in solids shows that surface waves can also propagate under some special conditions. The most well
known of these surface waves is the Rayleigh wave. Its velocity (Vr) is related to Vl and Vt with the
following Eq. (3) called Viktorov’s formula [6]:
2

Vr

§V ·
0.715  0.995.¨ t ¸
© Vl ¹ V
t
2
§ Vt ·
0.75  ¨ ¸
© Vl ¹

(3)

Vl and Vr are determined experimentally and Vt is derived from Eq. (3). The traditional and new
acoustic methods employed to measure Vl and Vr are described below. The experimental device now
introduced in ITU-Hot Cell in Karlsruhe is also presented.
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Ultrasonic techniques
Acoustic microscopy (acoustic signature mode)
Different information can be obtained by this technique from the mechanical properties of the
sample [7]. Acoustical pictures are acquired with an x-y scan performed on the sample with a spherical
focused ultrasonic transducer. They give the variations of the coefficient of reflection, which is a
function of the density and the ultrasonic waves’ velocity. If the sensor is defocused, i.e. focused at
given plane below the sample surface, sub-surface structures such as, micro-cracks pores, precipitates,
etc, can be visualised. An example of this kind of acoustic image is presented in Figure 1. Although
acoustical pictures provide only qualitative information, quantitative results can be obtained with the
acoustic signature called V(z). In this operating mode, the spherical ultrasonic transducer is gradually
defocused towards the sample surface. Interferences between surface waves and the specular ray
create the pseudo-periodic signal V(z). From the theoretical point of view, three pseudo periods exist
in the acoustic signature: the first is created by the longitudinal surface wave, the second by the
transverse surface wave and the third by the Rayleigh wave. But, in most cases and especially in UO2
only the periodicity ('z) due to the Rayleigh wave is discernible. Then the Rayleigh wave velocity is
calculated with the relation:
Vr

(4)

Vcf
V ·
§
1  ¨1  cf ¸
© 2F' z ¹

2

where Vcf is the velocity in the coupling fluid present between the sample and the sensor and F (MHz)
is the ultrasonic wave frequency. The latter governs the size of the investigated area on the sample;
the higher the frequency, the smaller the zone size. In this work two frequencies were used: 15 and
140 MHz. The sizes of the zones analysed are 1 × 1 mm2 and 150 × 150 Pm2, respectively. For
irradiated UO2, because of attenuation, 200 MHz seems to be the highest utilisable frequency, leading
to minimum probe size of approximately 30 × 30 Pm2.
Figure 1. Acoustical visualisation of cracks on a 195 GWd/tM SIMFUEL
Size (1 cm u 1 cm)
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Echography in reflexion/transmission mode
Difficulties to measure the longitudinal wave velocity can be overcome with micro-echography.
Even if echography is well known in non-destructive testing, it is usually performed on a large zone,
in reflection mode. In this configuration, the time interval ('t) between echoes reflected on the two
parallel faces of the sample is measured. Then, if the thickness of the sample (d) is known, the
longitudinal velocity can be calculated with the relation:
Vl

(5)

2d
't

On irradiated UO2 samples, operating in this mode is difficult because the ultrasonic waves have to
propagate a distance “2d” through the sample, and due to interaction with porosity and irradiation
defects the signal becomes very attenuated. Furthermore, knowing precisely “d” is almost impossible
in fractured pellets. Nevertheless, using the method of micro-echography in transmission-reflection
mode [3], where measurements with two opposed sensors on plane-parallel cut samples are performed,
the distance “d” can be accurately measured as the ultrasonic waves can only propagate on a length
“d” across the sample. A scheme of the experimental device used for this purpose is given in Figure 2.
Calling 1 the ultrasonic wave that travels through the water, 2 the ultrasonic wave that travels through
the sample, and 3 and 4 the signals that are reflected from the sample surface toward the sensors, d and
Vl are calculated as follows, where 'tij is the time interval between signals i and j:
d

Vl

Vcf ('t 13  't 14 )
2

(6)

d.Vcf
d  't 12 .Vcf
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The operating frequency in this kind of experiment is about 40 MHz and the analysed zone size on the
sample is 500 × 500 Pm².
Figure 2. Micro-echography in transmission/reflection mode

As using micro-echography is quite difficult in hot cell, we have recently demonstrated [8] that
the elastic moduli could be measured with VR only as follows, with a rather good approximation:
E | 3UVR

(8)

2

G | 1.162UVR

2

(9)

These relations are very important when the samples are embedded. Indeed, in this case, performing
micro-echographic experiments is impossible.
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Experimental device introduced in hot cell
The acoustic microscope introduced in an ITU hot cell is able to work both in acoustic
microscopy and in micro-echographic mode. All the mechanical parts have been designed to be remote
controlled by manipulators. A photograph of the device operating in the acoustic signature mode
(acoustic microscope) is presented in Figure 3.
Figure 3. Experimental device introduced in hot cell

UO2 physico-chemical parameters investigation by acoustic waves
Effect of porosity on the elastic properties of UO2 in the range 1-20%
The laws already developed by ROQUE for elastic wave propagation (Vl) in UO2 in the porosity
range 1-7% [2-3] have been extended here to cover the range 10-20%. Such an extension was required
for the study of highly porous zones in restructured high burn-up fuels, as for instance the so-called
“rim”. Five batches of samples were especially manufactured with relative porosity volumes of 10.1%,
12.08%, 12.33%, 14.81% and 20.04%. The porosity was determined by immersion density performed
by SICN who manufactured the samples, with an accuracy of 0.1%. For each batch, twenty (Vl,Vr)
measurements were performed on five different pellets. Moreover, in acoustic signature mode, three
ultrasonic frequencies (15, 50, 140 MHz) were used. However, no significant variation was observed on
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the Rayleigh wave velocity as a function of frequency. Furthermore, as mentioned in the introduction,
no important attenuation occurred, even on highly porous samples. That is the reason why an increase
in operating frequency should be possible on irradiated fuel, e.g. 200 MHz in V(z) and 100 MHz in
micro-echography mode, in order to assess more local characterisations. According to Mukhopadhyay
and Phani [9] the longitudinal wave velocity can be fitted by laws such as Vl = Vlo(1 – ap)b where a, b
and Vlo have to be tuned on experimental data. Hence, for the evolution of the longitudinal velocity
versus porosity, we propose the following laws in Eqs. (9a) and (9b), where p is the porosity volume
fraction, which resulted from the fitting of the experimental values plotted in Figure 4(a):
2

Vl

5465.(1  2.05p) 3

or Vl | 5465.(1  1.37 p  0.47p 2 ) for small values of p
Figure 4(a). V1 measurements on high porous UO2

Figure 4(b). Vr measurements on high porous UO2
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(9a)
(9b)

Concerning the Rayleigh wave velocity measurements, presented in Figure 4(b), the best fit is
given by the polynomial expression:
Vr

2593.(1  0.91p  0.68p 2 )

(10)

Then, according to the evolution of the density given by U = 10960(1-p),* E, G and Q can be calculated
via Eqs. (1) and (2). Depending on material, many formulas can be proposed to fit the experimental
data [10]. On our porous UO2, the best polynomial fits are given by the following relations in Eqs. (11),
(12) and (13):
E

225.(1  2.94p  1.79p 2 )

(11)

G

84.9.(1  2.76p  1.62p 2 )

(12)

Q

0.325.(1  0.64p  2.39p 2 )

(13)

Figure 5 shows the evolution of the elastic modulus with the average porosity volume.
Figure 5. Porosity effect on the fuel elastic modulus at room temperature

Young modulus of UO2

However, it should be kept in mind that this kind of relation with porosity is also a function of the
pore shape and pressurisation. In the present case, the relation obtained is consistent with a low
pressurised lenticular porosity with a b/a ratio around 0.3. For high burn-up fuel, in the rim region one
should have to account eventually for more spherically shaped and pressurised pores. In order to account
for different kinds of pore shapes, a theoretical approach based on a multi-scaled homogenisation
* Remark 1: The samples have been manufactured with depleted UO2 powders with 0.3% 235U enrichment. The
theoretical density is then 10 960kg/m3. Obviously, this value depends upon the 235U enrichment. Remark 2:
For irradiated UO2, the theoretical density evolves; the right value must be then used.
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methodology can be employed [16]. In the pellet centre, it is again different because most of the
porosity is likely to be at grain boundaries, low pressurised and mainly lenticular shaped. Therefore
the theoretical approach is necessary in order to adapt these correlations for each local condition.
Effect of fission products (SIMFUEL)
In order to analyse out-of-pile the effect of high burn-up rates on the elastic properties of UO2,
simulated fuels manufactured at ITU and AECL (SIMFUEL) have been investigated. The simulated
fuel samples prepared at ITU were produced by mixing solid “fission product” species with an UO2
powder followed by pressing and sintering, for contents representative of burn-ups ranging from 30 to
215 GWd/tM. Such samples allow isolating the effect of the fission products in solution from the other
burn-up effects (densification, swelling, irradiation damage, evolution of the oxygen potential, etc).
The AECL (SIMFUEL) sample corresponded to a burn-up of 3% (~25 GWd/tM). It belonged to a
SIMFUEL fabrication series utilised at ITU for physico-chemical measurements, particularly for thermal
conductivity determinations (courtesy Hj. Matzke). Its preparation details and characterisation can be
found in [11]. The simulated fuel samples were stochiometric, with a relative porosity volume ranging
between 2-4%. The values Eo (extrapolated to 0% porosity) are reported in Figure 6. This trend
indicates a quick variation of Eo due to the addition of fission products in low content and then a kind
of stabilisation for higher content likely due to formation of precipitates which are known to act more
on the attenuation of the wave than on the velocity itself. However, discrepancy is observed certainly
related to non-homogeneity of the samples used and also a large network of micro-cracks. Nevertheless,
thanks to the high spatial resolution of our methods, it has been possible to focus the characterisation
on the non-cracked areas (Figure 1). We plan to manufacture improved SIMFUEL samples in the near
future in order to obtain more accuracy on this calibration.
Figure 6. Young’s modulus (GPa) reduced to 0% porosity on SIMFUEL provided by TUI
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In conclusion, from SIMFUEL acquisitions, it appears that the effects of burn-up on the Young’s
modulus is concentrated in the small and mean burn-up range, i.e. for values d 50 GWd/tM. In this
range, a decrease in E of 20-30 GPa (i.e. 10-15% relative) would be taken into account. Above this
burn-up range, the extra decrease appears very small (or even negligible) compared to the effect of a
porosity change presented previously in this paper.
Study of irradiated pellets
In order to evaluate the capability of the technique on irradiated materials, the device has been
installed by ITU in the hot cells and measurements have been performed on two kinds of samples:
x

Two pellet samples extracted from a BR3 standard CEA-FRAMATOME fuel rod, irradiated
up to 56.1 GWd/tM rod average burn-up with two average pellet burn-ups, 68 and 30 GWd/tM,
respectively. No extensive rim formation has been observed on the highest burn-up pellet.

x

Fuel discs pieces kindly provided by the HBRP (High Burn-up Rim Project [17-22]) members
with burn-up ranging from 35 to 100 GWd/tM. These fuel wafers experienced different
temperatures, representative of different radial locations in a standard pellet. Samples
irradiated at the lowest temperature have experienced an extensive fuel transformation with a
well established rim structure.

BR3 fuel rod
We present here the measurements performed on the samples extracted from the N118 fuel rod
irradiated in the BR3 reactor, similar to a standard PWR design, but one meter long. Initial enrichment
was 8.6% 235U and the average radial burn-up of the cross-section used was 68 and 30 GWd/tU.
Average initial grain size is 20 Pm. The maximum burn-up at the pellet edge was evaluated around
110 GWd/tU. During the first irradiation period the maximum linear rate was nearly 300 W/cm. For
the second half of life, the average linear power rate was representative of a standard PWR rod, not
higher than 200 W/cm. Even if xenon depletion was observed in the very periphery of the fuel and
pores started to build up in the rim region, very little fuel restructuring was observed. This was
previously reported by Spino, et al. [12] in the JNM. The fuel average density at this burn-up was
measured, giving a value of 9.907 g/cm3 r 0.2%.
x

This sample prepared for ceramography observations in the ITU hot cells was studied both by
acoustic and optical microscopy. A large 140 MHz picture of the whole pellet is presented in
Figure 7. This picture reveals three concentric zones corresponding to three zones where the
pores’ morphology is different (Figure 7).

Cross-acoustic measurements were performed on fuel pellets, and corresponding elastic moduli
deduced from the acoustic wave velocities were recorded. A porosity correction was applied, accounting
for the different pore shapes depending upon the origin of the pores (fabrication or pore gas build-up).
For the pore shape effect, simplified correlations were obtained from theoretical calculations [16].
Plotting this data reduced to 0% porosity on Figure 8, consistent with the SIMFUEL data previously
presented. We evaluated the overall uncertainties, accounting mainly for the uncertainties on local fuel
density and porosity. The larger discrepancy is due to the difficulty to assess the local characterisation
of the density. However, it will be shown hereafter that there is also a local temperature effect.
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Figure 7. Acoustical picture of a N118 BR3 pellet
Porosity evaluation

Figure 8. Young’s modulus (GPa) extrapolated to 0% porosity
measured on SIMFUEL and data from a BR3 N118 fuel rod

HBRP samples
We then performed acoustic measurements on HBRP samples provided by the HBRP members
and available in the ITU hot cells. The interest of these samples is that they have been irradiated
at relatively constant temperature and with a limited temperature gradient. They are thus more
representative of the different radius positions in a standard fuel pellet:
About 450 (rod 1), 750 (rod 2), 950 (rod 3) and 1150 °C (rod 4)
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Moreover, the density and porosity characterisations are for these samples very accurate, reducing
the overall uncertainties as well. This data set is also consistent with the SIMFUEL data. However,
some plots depart from the overall trends. At this stage, it seems that a restoration is obtained for samples
having experienced a fuel restructuring, or for samples having experienced the highest temperatures
thus allowing the restoration of the irradiation defects. This particular data set is not presented in
Figure 8, but will be published at a later date.
The overall trend of the data presented here can be approached by the following formulation:
E 1 (BU)

E Bu 0 (0.89  0.10 * Tanh (0.04 * BU  2.0))

(14)

Conclusions
The acoustic methods developed and presented here already allow a quite accurate assessment of
the local elastic properties in an irradiated fuel pellet, as long as the local density is well characterised.
The volume of the zone analysed is related to the wave frequency (wave length) used. At present,
140 MHz sensors are used, which gives a wave length around 10 Pm.
In order to further improve the methodology, and use it as an alternative device for local porosity
measurements, the influence of the main parameters evolving in the fuel matrix during irradiation
must be more accurately determined. To this end, a collaboration is underway among ITU, Montpelier
University, CEA and EDF/R&D division.
To date, the influence of physical-chemical parameters on the elastic constants of pure UO2 and
simulated fuels has been partly investigated with local acoustic methods. It is planned to enlarge the
reference database. The state of the art is as follows:
x

The effect of the porosity is well established up to 20% for as-manufactured standard porosity.
The slopes obtained are consistent with lenticular shaped pores with a a/b ratio of around 0.3.
Theoretical support will allow accounting for an evolution of the pore shape during irradiation.
The laws established in Eqs. (11) and (12) with our local ultrasonic method are in good
agreement with the evolution of the elastic constants obtained with classic global methods [14].
Furthermore, the values obtained for E and G at 0% porosity are similar to those recommended
by Martin [15]: respectively 225 (vs. 223 GPa in [15]) and 84.9 (vs. 84 GPa in [15]).

x

The effect of a modification of the oxygen sublattice combined with the effect of additives in
solution has also been analysed. The overall burn-up effect can be roughly represented by the
following formulation:
E 1 (BU)

E Bu 0 (0.89  0.10 * Tanh (0.04 * BU  2.0))

Nevertheless, recovering effects due to local operating temperature or local fuel restructuring
have also been observed. The database has to be enlarged to improve comprehension.
As concerns the overall trend, however, some controversies have appeared, depending on the
methodology used. Pujol, et al. [23] using synchrotron diffraction under high pressure, has obtained a
different conclusion about the burn-up effect, showing an overall increase of the elastic modulus.
Analysing more accurately the equivalent samples, it looks like a translation of the data with amplitude
increasing with the burn-up. This discrepancy must be clarified. Acoustic is performed with a minimum
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perturbation of the material. For the other methodologies, a very high perturbation is induced. For a
high physical and chemical material modification, inducing high residual stresses it seems that notions
of elasticity and rigidity have to be clarified, mainly when performing under disproportional compressive
stresses regarding the standard operating conditions in an industrial fuel (lower than 1 GPa).
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FUEL SWELLING IMPORTANCE IN PCI MECHANISTIC MODELLING
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Abstract
Under certain conditions, fuel pellet swelling is the most important factor in determining the intensity
of the pellet-to-cladding mechanical interaction (PCMI). This is especially true during power ramps,
which lead to a temperature increase to a higher terminal plateau that is maintained for hours. The
time-dependent gaseous swelling is proportional to temperature and is also enhanced by the increased
gas atom migration to the grain boundary during the power ramp.
On the other hand, gaseous swelling is inhibited by a compressive hydrostatic stress in the pellet.
Therefore, PCMI is the net result of combining gaseous swelling and pellet thermal expansion with the
opposing feedback from the cladding mechanical reaction.
The coupling of the thermal and mechanical processes, mentioned above, with various feedback loops
is best simulated by a mechanistic fuel code. This paper discusses a mechanistic swelling model that is
coupled with a fission gas release model as well as a mechanical model of the fuel pellet. The role of
fuel swelling is demonstrated for typical power ramps at different burn-ups. Also, fuel swelling plays a
significant role in avoiding the thermal instability for larger gap fuel rods, by limiting the potentially
exponentially increasing gap due to the positive feedback loop effect of increasing fission gas release
and the associated over-pressure inside the cladding.
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Introduction
Analysis of fuel behaviour during normal operating conditions in the reactor is only possible
through the use of computer models. This is due to the complexity of the fuel rod system, characterised
by a non-linear response and the multitude of first-order phenomena taking place simultaneously and
interacting with each other through several important feedback loops. It is impossible to decouple the
different thermal and mechanical processes to describe the thermal-mechanical behaviour of the fuel
rod. Neglecting the positive or negative feedback loops would considerably limit the range of
applicability of the overall code. Also, it is highly desirable to develop mechanistic models of various
processes so that with adequate calibration/validation the code can be confidently applied both within
and outside the calibration domain.
The focus of the present paper is one of the important generic fuel processes, namely gaseous
swelling of fuels of any type. As will become clear from the description of the modelling below, fuel
gaseous swelling is at the core of the thermal-mechanical feedback loops. It is affected by temperature
and grain growth, fission gas atom diffusion inside the grain and by the pellet stress state as dictated
by the pellet-to-cladding mechanical interaction (PCMI). In turn, fuel gaseous swelling influences PCMI
by causing pellet outward deformation and fuel temperature by changing fuel porosity and the venting
of fission gas atoms to the open voidage.
The mechanistic gaseous swelling model described here is part of a best-estimate, mechanistic
fuel behaviour code, RODEX4, which was recently developed in-house. RODEX4 includes detailed
mechanistic models for both mechanical (developed in SIERRA [1]) and thermal fuel analyses. The
fuel pellet mechanical model calculates the stress/strain patterns in the fuel pellet taking into account
pellet creep and swelling/densification alongside elastic-thermal deformation in a modified quasi 3-D
axisymmetric model. Dish filling and radial cracking are modelled both as instantaneous and permanent
deformations. The thermal behaviour is modelled using a thermal conductivity model, which accounts
for burn-up degradation and porosity effects as dependent on temperature, based on the most recent
data and analyses. The gaseous swelling model is an integral part of the fission gas release model,
which was developed and implemented in RODEX4 by the author.
Fuel gaseous swelling model
According to the majority of experimental and theoretical studies, the main contribution to gaseous
swelling during irradiation comes from the intergranular bubbles. This is because the grain boundary
fission gas bubbles are larger than the submicronic intragranular bubbles.
The grain boundary bubbles are lenticular (i.e. spherical caps, as a result of the difference between
free surface and grain boundary surface energies) with an average radius in the grain boundary plane,
rb, and thus their volume can be calculated as:
Vbub

C lent 4S rb3 3

(1)

with Clent ~ 0.31, to account for the lenticular shape of the grain boundary bubbles.
The gas pressure inside the bubbles is equilibrated by surface tension, J, and the hydrostatic stress,
V, in the matrix. However, there are indications that the bubbles are over-pressurised, such that an
allowance is made for this, as described in the following relation:
pgas = 2J/rb + V + pext
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(2)

The model simplifies the size distribution of the intergranular bubbles and the initial nucleation
process by assuming a given surface density of grain boundary bubbles, Ngb. Then the intergranular
gaseous swelling, GBSWELL, can be calculated as:
GBSWELL = Ngb Vbub (areaGB/volGB) = Ngb Vbub (3/dgr)

(3)

where dgr is the grain diameter.
The grain boundary bubbles will grow until an effective coverage, fcov, of the grain boundary
surface is achieved. This is assumed to occur in a lattice where each bubble is associated with a square
with the side equal to maximum bubble diameter, so that the relation linking the intergranular bubble
surface density and bubble maximum radius is:
N gb 4rb2max

f cov

(4)

Then, the calculation of the current grain boundary swelling is dependent on the current grain
boundary bubble radius as can be seen from Eq. (1). The grain boundary bubble radius is estimated by
calculating the fission gas atom inventory of all grain boundary bubbles and equating it to the given
gas atom flux from the grain interior by all transport mechanisms, as calculated in the fission gas
release model:
Number of fission gas atoms arrived at the grain boundary = Ngb Vbub pgas/(kT)

(5)

After replacing in the above relation Vbub from Eq. (1), pgas from Eq. (2), this Eq. (5) becomes a
third-order equation in rb which can be solved analytically. Once rb is calculated, the grain boundary
swelling can be obtained from Eq. (5).
The feedback to the fission gas release model is achieved through the saturation fission gas atom
concentration on the grain boundary. This is the value of the grain boundary inventory when rb reaches
the maximum value rbmax:
Csat = Ngb Vbubmax pgas/(kT)

(6)

This is used in the fission gas release model as a condition for venting to the grain edge tunnels and
the ensuing venting to the internal rod volume.
Example of gaseous swelling during power ramps at high burn-up
The MARK-BEB power ramp programme [2] offers a perfect illustration of the importance and
effects of gaseous swelling in establishing PCMI during a power ramp. The three rodlets that were
subjected to power ramps from a conditioning power level of ~ 27 kW/m to peak power levels of 39.5,
42 and 44 kW/m in the Studsvik reactor had accumulated a burn-up slightly greater than 62 MWd/kgU
in four cycles in the Arkansas Unit 1 power reactor.
Because the Studsvik research reactor has a reduced core length, only the lower two-thirds of the
rodlets were exposed to a significant power level and within this active length a significant axial power
profile created a strong dependency of mechanical and thermal outputs on the axial position. This
allows a detailed verification of the temperature effects on various processes as modelled in the code.
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The phenomenological aspects related to gaseous swelling were confirmed by the PIE performed
on sections cut from the peak power position of the rodlets. It indicated increased total porosity towards
the centre and gas bubbles were visible from about 65% of the pellet radius inward. Two of the rods
were punctured and the fission gas collected and analysed.
Fission gas release values (Xe values) of 9.3% and 11.2% were measured in two of the ramped
rodlets to be compared with the 1.3% measured in a companion rodlet which was not ramped. Thus,
the vast majority of the fission gas release occurred during the power ramp and the 12-hour plateau at
the terminal power level. The code predictions agree with the measurements, namely, 9% and 11.5%
for the ramped rods and 1% for the non-ramped rod, respectively. Therefore the gas atom transport to
the grain boundary by diffusion (small component due to grain growth is also captured) is adequately
modelled both in terms of kinetics and the level of grain boundary saturation.
There was moderate equiaxed grain growth detected in the central part of the pellet, predicted by
the code (approximately by a factor of two in the centre of the peak power section). Thus, these
prerequisites for calculating gaseous swelling were well predicted by the code. The gaseous swelling
kinetics is the result of gas atom diffusion to the grain boundary. The vacancy and grain boundary gas
atom diffusion rates are much higher and are not rate limiting for grain boundary gaseous swelling.
The main effect of gaseous swelling was evidenced as cladding permanent deformation measured
along the rodlet by performing a detailed profilometry. Both the axial profile and the magnitude of the
cladding permanent strain were very well predicted. This shows that gaseous swelling was properly
calculated in the model and also that its interaction with PCMI was adequately represented. To illustrate
the importance of gaseous swelling in establishing PCMI and causing important outward cladding
strain, Figures 1-3 compares the excellent agreement between calculation and measurement and the
considerable lack thereof when simulating the three rodlets with the gaseous swelling model on and
turned off, respectively.
Figure 1. Rod R1 deformation differential
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Figure 2. Rod R2 deformation differential
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Figure 3. Rod R3 deformation differential
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The evolution of gaseous swelling and fission gas release is presented in Figure 4 for the final
power ramp portion of the rodlet R3 irradiation. The fast kinetics of gaseous swelling is noted, as the
gas bubble growth responds to the temperature increase and increased flux of gas atoms to the grain
boundary. Also, the feedback from PCMI is evidenced by the small decrease during the plateau at the
terminal power level, as the contact pressure increases and then stabilises to a value consistent with the
increased power level.
From the simulations of the three rodlets, it can be concluded that gaseous swelling is responsible
for about half of the strain imposed on the cladding by the expanding fuel pellet during the extended
power ramp. Therefore, thermal expansion alone cannot explain cladding strain achieved at the ramp
terminal level and gaseous swelling is critical in both a correct simulation and estimation of cladding
deformation.
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Figure 4. Gaseous swelling, FGR and LHGR during R3 power ramp
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MODELLING OF A PELLET-CLAD MECHANICAL INTERACTION
IN LWR FUEL BY CONSIDERING GASEOUS SWELLING
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Abstract
This paper describes a finite element model in order to evaluate the fuel rod behaviour due to PCMI
during power transients. A connection with KAERI’s fuel performance code COSMOS has been
pursued for the developed model that is based on a commercial FE code, ABAQUS. Clad deformation is
calculated through a coupled temperature-displacement analysis where half of a pellet is modelled
axisymmetrically. The effect of the gaseous swelling on clad deformation is investigated. A preliminary
parametric study for the PCMI model is performed, and verification of the centreline temperature and
clad deformation is conducted using recent in-pile data.
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Introduction
As the discharged burn-up of a nuclear fuel increases, several phenomena are of interest. Pellet-clad
mechanical interaction (PCMI) is one of the high burn-up related concerns. The possibility of PCMI
during power transients increases due to the narrowing gap between the pellet and clad following pellet
and clad deformation. PCMI is basically induced by a temperature gradient present in the pellet with a
higher thermal expansion and lower thermal conductivity relative to the clad. Axial and radial deformation
of the clad could develop. The clad deformation is enhanced by increasing the power of the fuel rod and
the hold time at high power. These cladding deformations are brought about by yielding and/or creep of
cladding material. The increased clad deformation at high power is further raised as a result of gaseous
swelling that is caused by the fission gas atoms accumulated on grain boundaries during base irradiation.
A considerable amount of the fission gases would be subsequently released during power reduction after
high power hold. The extent of clad deformation is known to be dependent upon residual gap between
pellet and clad, differential thermal expansion, pellet crack and bubble swelling [1].
Once PCMI develops and hence external restraint exerts a compressive force on the fuel during
power transients, the amount of gas retention on grain boundaries increases while delaying and reducing
gas release depending on the magnitude of the restraint. Koo, et al. [2] developed a fission gas release
model considering the effect of external restraint on the behaviour of gas bubbles in the grain boundaries.
The model, however, needs to be improved not only by accounting for the growth of a grain boundary
bubble which occurs by the diffusion of vacancies induced by the over-pressure of the bubble [3-5], but
also by incorporating the relationship of number density of grain face bubbles with bubble area that is a
consequence of bubble coalescence [4-6].
The simulation of PCMI in the presence of gaseous swelling is rather complicated since gas release,
bubble growth and PCMI should be modelled in an integrated manner [4,5]. Moreover, a detailed
analysis of cladding deformation related to PCMI can be attained by carrying out a finite element (FE)
analysis [7,8].
In the present paper, an extension module has been developed by considering the gaseous swelling
in order to provide the function of PCMI modelling for the fuel performance code COSMOS [9]. It is
based on a commercial FE code, ABAQUS [10]. Detailed modelling works are described. In-pile data is
used to compare the calculations with the measurements.
PCMI model description for thermo-mechanical interaction
PCMI model description
A fuel performance code is required to analyse the status of a fuel rod before power transient occurs.
The gap width between the pellet and clad is most critical among the parameters obtained from the code,
and determines whether or not the evaluation of the PCMI is acceptable. The PCMI due to power
transients was simulated by the ABAQUS code based on the results of the COSMOS code. User
subroutines in FORTRAN for the ABAQUS code were prepared to describe the material, heat transfer,
contact and gaseous swelling models. A script program was developed to directly control the PYTHON
object corresponding to the ABAQUS keyword and post-processing command. An axisymmetric FE
model is applied to the part of the fuel rod as high as a half pellet in the program. Radial power depression
in the pellet is considered by dividing the pellet into four equal-sized rings.
A thermal conductivity model of MOX used in this study is similar to the one developed by
Wiesenack [11]. The model for the secondary creep rate includes the thermal and irradiation effect. The
enhanced irradiation creep rate of MOX is accounted for by the third term of the UO2 creep equation.
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A coupled temperature-displacement analysis is used in this work. Figure 1 displays the boundary
conditions for FE analysis. Symmetries at z = 0 and r = 0 impose the fixed boundary conditions. Axial
displacement is coupled on the pellet land and upper clad surface at half the pellet height, H. The
boundary condition of the coupled axial displacement on the pellet land is set up since the clad extension
is driven by the axial fuel thermal expansion in the pellet land. Hard contact is used for transmission of
the contact pressure. The contact problem is solved using a penalty method.
Figure 1. Boundary conditions for PCMI modelling
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Parametric study
The validity of the thermo-mechanical modelling of the PCMI program is examined by a
parametric study. Clad deformation is calculated as a function of the friction factor, creep rate of the
pellet and axial compressive force.
The dimensions of a dished pellet for the parametric study are selected to represent a typical PWR
fuel rod: diameter of 8.27 mm, height of 11.9 mm and clad thickness of 0.56 mm. The diametric gap of
20 Pm at room temperature is assumed by considering pellet swelling and clad creep-down at a high
burn-up. The power history shown in Figure 2 is used with a maximum linear power of 29 kW/m. The
burn-up of the pellet is about 25 MWd/kgMOX. Table 1 shows the calculation conditions.
Friction factor between the pellet and clad has been reported in the range of 0.47 to 0.6 [12]. In the
fuel rod, however, the pellet might experience a friction force higher than the product of the normal
contact force and friction factor due to the interaction between the pellets. An effective friction factor
describes the effect of the neighbouring pellets. The parametric study is performed for the effective
friction factor of 0.5, 0.75, 1 and f. The effect of the axial compressive force over the pellet land is also
examined. It is assumed that the thermal conductivity for UO2 and MOX is identical for comparing the
calculated results at the same temperature distribution.
Figure 3 shows the clad elongation for the 1/2 pellet model when the variation of power is given as
in Figure 2. As shown in Figure 3(a), the clad elongation increases further and the PCMI occurs earlier
in proportion to the friction factor. The assumption, Peff = f, seems to be too severe since the clad
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Figure 2. Power history for parametric study
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Table 1. Calculation matrix and changes in clad length during power hold
No.
1
2
3
4
5
6

Effective friction
factor (Peff)
0.5
0.75
0.75
1
1
f

Axial force per unit
area of pellet land
–
–
50 MPa
–
–
–

Change in clad
length, Pm
0.35
0.33
0.82
1.29
0.34
0.71

Pellet
UO2
UO2
UO2
MOX
UO2
UO2

Figure 3. Clad elongation per half pellet obtained by the parametric study. The explanation
on the legend is given in the Table 1, (a) during power increase, (b) during power hold.
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elongates with the pellet deformation by completely sticking between them even if there is a slight
contact. In the case of Peff = 0.5, the contact of the pellet with the clad does not sustain but is released at
once. This analysis is valid in that the clad elongation is almost equal to the thermal expansion of the
clad. It is established that for the case where Peff = 1, it exhibits clad elongation closer to the PCMI
experimental result.
The tendency of relaxation during a power hold of 20 hours is well represented by the decrease of
clad elongation in Figure 3(b). Table 1 summarises the magnitude of clad elongations. The clad elongation
for the UO2 pellet is around 0.34 Pm if axial compressive force is not applied, and except for Peff = f for
which even a slight contact might cause severe clad deformation. Axial compressive force causes higher
clad relaxation due to the enhanced creep of the pellet. The higher creep rate of MOX than that of UO2
results in about a four times larger variation of clad deformation relative to the UO2. As shown above,
the clad elongation could be evaluated during power increase and hold by reflecting the effect of the
friction factor, the creep rate of the pellet, etc. on the PCMI.
Fission gas release and gaseous swelling model
It is assumed that all of the fission gas on the grain boundaries is retained in the bubbles. The
intergranular bubbles are treated as lenticular bubbles of circular projection with a semi-dihedral angle
of 50q. Fission gas atoms in the grain boundaries are balanced by the transport from grain interior,
fission-induced resolution from grain boundaries and gas flow to the free volume. The conservation of
the gas atoms in the grain boundaries is given by:
wmD
wt

J1  J 2  J 3

(1)

where mD is the number density of the gas atoms in the grain boundaries (m–3) per unit volume of fuel
with a grain size of “a”.
J1 is the gas flow rate from grain interior to the grain boundary per unit volume of fuel (m–3sec–1),
which is calculated under the assumption of a perfect sink boundary condition by using the Forsberg and
Massih algorithm [13]. The coefficients in the approximate kernel are newly determined by Hermansson
and Massih [14]. Trapping and resolution due to the intragranular bubbles are considered with an effective
diffusion coefficient. The volume diffusion coefficient by Turnbull, et al. [15] is used in this calculation.
J2 is the irradiation-induced resolution flux from grain boundaries. The resolution flux is proportional
to the fission density and the instantaneous number of gas atoms in the intergranular bubbles.
J3 is the gas flow rate through interconnected tunnel network to free volume. The gas flow is
modelled by the atomic diffusion mechanisms. On the other hand, the gas release is suppressed with a
linear manner in the time-dependence of the release during high-power hold, while taking place mostly
at power reduction [16]. The linearity suggests that the on-power gas release is caused by the slow
percolation process through the porous fuel. The gas released on the power reduction is understood not
only by the decrease in the magnitude of hydrostatic pressure but also by the improvement of in-rod
communication. In the case of the diffusion-governed case, the vented fraction, Fvent of the grain boundary
gas is a ratio of gas released to the sum of gas released and gas retained in the grain boundaries at a point
in time [5]. Fvent is also expressed by:
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ª § F ·m º
Fvent 1  exp «  ¨ c ¸ »
«¬ © Fc 0 ¹ »¼

(2)

where Fc is the fractional coverage of grain face by porosity, and Fc0 and m are fitting constants [4]. The
same relationship can be deduced by treating the data published by White [5] with a minor difference in
the fitting constants. Fc is the product of number density of intergranular bubble, Nbl and average bubble
projected area, Ap. In the case of suppressed release case, such a phenomenon was modelled using
Poiseuille’s law by which the gas flow rate is described by the pressure difference between bubble and
free volume, and gas flow conductance through the porous fuel matrix [1,4,17]. Following the same
approaches, J3 is given by:
J3

Vt 0 Fvent
N P
Pbl bl bl
K
kTa

(3)

where the pressure difference is simply represented by bubble pressure, and the flow conductance is
given by Vt 0 Fvent K . The flow conductance consists of gas viscosity, K, venting fraction, Fvent, and Vt 0
which corresponds to the volume of hypothetical flow channel when Fvent is equal to 1. The rest of the
gases which would be released in the absence of PCMI-induced stress are assumed to be vented in
proportion to the vented fraction to the free volume at power decrease.
Intergranular bubble growth occurs due to absorption of vacancies generated on the grain boundaries,
and the driving force is the balance among hydrostatic pressure, V, bubble pressure, Pbl, and surface
tension force, 2J/Ubl where J is the surface tension of the fuel and Ubl is the radius of curvature of the
bubble [3]. The bubble growth rate is given by:
wU bl
wt

Dg G g : §
2J ·
¨ V  Pbl 
¸k f Fc
4 f T U bl2 kT ¨©
U bl ¸¹

(4)

where Dg is the grain boundary diffusion coefficient, Gg is the grain boundary thickness, : is the atomic
volume, f(T) = 1 – 3cosT/2 + cosT3/2, k is the Boltzmann constant, T is the absolute temperature and
kf(Fc) is given by:
k f Fc

8 1  Fc
Fc  1 3  Fc  2lnFc

(5)

The coefficients of Dg proposed by White [5] are applied in this study.
Bubble coalescence is represented by the model [5] which expresses the correlation between the
bubble density and average bubble projected area. Nbl is given by:
N bl

N bl 0
1  2 N bl 0 Ap  Ap 0

(6)

where Nbl0 and Ap0 are the initial values of Nbl and Ap. Nbl0 and Ap0 are assumed to be 40 Pm–2 and
0.001 Pm2, respectively.
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The pellet swelling due to the intergranular bubbles is written as:
'V
V

1
2SN bl f T U 3bl
a

(7)

The bubble swelling becomes proportional to Ubl after the fractional coverage saturated at a value of 0.5.
Verification of the PCMI modelling
Recent MOX experimental data is used to verify the developed PCMI modelling. A fuel rod for
modelling verification was manufactured by the MIMAS process and irradiated up to middle burn-up at
a PWR nuclear power plant. It was irradiated at an average linear power of 20 kW/m and up to a burn-up
of about 25 MWd/kgMOX. The purpose of the irradiation test was to investigate the thermal performance,
the fission gas release and PCMI of the MOX fuel rod. The fuel rod contained 32 pellets. Rod power was
controlled by regulating the pressure of 3He in the coil installed in the irradiation rig. Power ramp took
place five times during an irradiation of eight days, designated as Phase 1 to 5.
From the parametric study (as displayed in Figure 3), Peff = 1 was chosen to take into account
pellet-to-pellet interactions. Thermal conductivity of the MOX pellet accounts for the burn-up effect.
Based on the irradiation test results, the pellet-to-clad gap width was estimated for the model input. The
combination of a reduction of 8% for the MOX thermal conductivity relative to that of UO2 and a gap
width = 20 Pm was used for PCMI modelling. Radial power depression in the pellet due to the
self-shielding of the thermal neutron is reflected in the modelling.
For the term Vt0/K in Eq. (3), it was revealed that the value of around 10–33 provided reasonable
calculation results through a parametric study. Hydrostatic pressure is a function of stresses that are
substantially affected by the decrease in the elastic modulus of the pellet due to crack formation. It is
assumed that the hydrostatic pressure to be used in the bubble growth equation is zero if the hydrostatic
pressure from the coupled thermo-mechanical analysis is greater than zero (tensile), and is reduced by
50% if it is less than zero (compressive) in the present modelling. For power condensation during a
power decrease, linear power is decreased down to zero and again increases up to the power hold level
due to imposed boundary condition at z = 0 as shown in Figure 4. Linear power at Phase 0 is simply
condensed. Total clad elongation of the fuel rod is estimated by the product of the clad elongation of the
1/2 pellet model, a factor of 2 due to symmetry and the number of pellets.
The calculated centreline temperature is compared with the measured one in Figure 4. Figure 4 also
shows that the estimated temperature is close to that measured by means of a thermocouple embedded in
the annular pellet. For the solid pellet, a comparison is made in Figure 4 in which the estimated centreline
temperature reaches more than 1 600qC.
Clad elongation of the fuel rod is shown in Figure 5 for Phases 1 and 5. Five cases are investigated:
(1) the gas flow from the grain boundary is suppressed and occurs only through a percolation process
(Vt0/K = 1 u 10–33), (2) gas flow is suppressed (Vt0/K = 1 u 10–33) during high-power hold and most of the
gases vent on power reduction, (3) the same condition as in the second case except for Vt0/K = 5 u 10–33,
(4) gas from grain boundary is released freely, depending on the vented fraction, and (5) without
considering the fission gas release and swelling model. The initial elongation of 0.02 mm at hot stand-by
is added up to all of the calculated elongations. The onset of significant fission gas release was expected
to be around 1 200qC. The centreline temperature is calculated to be 1 280qC and 1 650qC for Phase 1 and
Phase 5, respectively. The estimated clad elongation, as a whole, is similar to that of the measured one.
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Figure 4. Calculation of the fuel centre temperature during power changes
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Figure 5. Variation of the clad elongation during power transient
1 – Suppressed release (Vt0/K = 1 u 10–33), 2 – Suppressed release + vent on power reduction Vt0/K = 1 u 10–33,
3 – Suppressed release + vent on power reduction Vt0/K = 5 u 10–33,
4 – Diffusional release depending on the vented fraction, 5 – Without fission gas release model
0.6

0.6

Phase 1

Phase 5
0.5

Clad elongation, mm

Clad elongation, mm

0.5

0.4

0.3

0.2

measured
1
2
3
4
5

0.1

0.4

0.3

0.2

measured
1
2
3
4
5

0.1

0.0

0.0
0

4

8

12

16

20

24

Time, hours

0

4

8

12
Time, hours

198

16

20

24

Figure 6 shows the calculated results for fission gas release and average pellet swelling when
considering the delay of the gas release (Vt0/K = 1 u 10–33). The delayed gas release during high-power
hold and abrupt increase in the fission gas release at power reduction are well simulated. It is calculated
that the fission gas release is below 5% and the average pellet swelling is less than 0.4% for the four
investigated cases.
Figure 6. Calculated fission gas release and average pellet
swelling in the case of delayed fission gas release (Vt0/K = 1 u 10–33)
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Variation of clad elongation with linear power is shown in Figure 7, in which the effect of gaseous
swelling on the clad elongation is compared. The clad elongation predicted for the power levels between
high-power holds is excluded in the plot. The initial elongation of 0.02 mm is also taken into account.
The general agreement of the calculated clad elongation with the measurement is shown. The slope during
the power ramp and the magnitude of relaxation during the power hold are similar for both the
measurement and the prediction. It is evident that the present consideration of the gaseous swelling
model enables us to predict the clad deformation more precisely.
Figure 7. Clad elongation versus linear power
The clad elongation under the consideration of gaseous swelling is calculated at Vt0/K = 1 u 10–33.
The initial elongation, 0.02 mm at hot stand-by, is added up to all of the calculated results.
0.6
measured
calculated w/o gaseous swelling
calculated with gaseous swelling
thermal expansion

Clad elongation, mm

0.5

0.4

0.3

0.2

0.1

0.0
0

5

10

15

20

25

Linear power, kW/m

199

30

35

40

Conclusions
PCMI is modelled by a FE method to extend the functions of a fuel performance code, COSMOS.
Thermo-mechanical behaviours, contact and interaction of the pellet and clad are represented by the FE
model. In particular, the fission gas release and gaseous swelling model is provided for the FE model.
Verification of the PCMI model was undertaken using recent MOX experimental data.
The FE model is able to simulate the variation of clad elongation as a function of the factors
affecting PCMI. Introducing a simplified model for describing the gas release and swelling makes it
possible to more precisely predict the phenomena due to PCMI at higher power. The scope of the
modelling includes the observations that the clad deformation increases with suppressing the gas release
during high-power hold, and most of the gas release occurs at power reduction. The calculated clad
elongation is in reasonable agreement with the measured one.
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THE REDUCTION OF FISSION GAS SWELLING
THROUGH IRRADIATION-INDUCED RE-SOLUTION

Rodney J. White
BNFL, Sellafield, UK

Abstract
The principal driving strain for pellet-clad interaction (PCI) is provided by closed fission gas porosity,
that is, porosity bounded by an unbroken fuel interface. Two types of porosity meet this requirement;
these are intragranular bubbles and closed grain boundary or intergranular bubbles. Over short periods,
during high rating and temperature transients, significant levels of intragranular swelling may occur
while for extended transients, grain boundary bubbles begin to develop. For extreme levels of total
swelling, fuel failure often occurs; however, in the event that the cladding survives the transient, the
swelling levels may subside through irradiation-induced re-solution on return to normal operating
conditions thereby mitigating the intensity of future PCI events. This paper compares the swelling
behaviour of two ramped rods; in one, the rod was discharged immediately after the transient while in
the other, the rod was maintained at low powers for 28 days before discharge.
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Introduction
Although differential thermal expansion between fuel pellets and cladding can give rise to
pellet-clad interactions (PCI), fuel failures usually arise only through the additional strains produced b
fuel swelling. The important components of fuel swelling for PCI are from closed porosity, that is,
bubbles with an unbroken boundary, since only these types of bubbles can exert a stress on the cladding.
Two types of pore satisfy this requirement, intragranular bubbles and closed grain-face bubbles.
Intragranular pores are formed during steady-state operation and are thought to nucleate in the wake of
energetic fission fragments [1]. They are also destroyed by the passage of other fission fragments and
in this way a dynamic equilibrium population is established with concentrations of around 1024 m–3 and
diameters of the order of nanometres or less. The contribution to swelling under these conditions is
negligible.
During transients to higher powers and temperatures, a sub-population of these bubbles – typically
~31020 m–3 – act as fission gas and vacancy sinks and grow by diffusion controlled growth: in some
cases the bubble diameters exceed several hundred nanometres, giving rise to swellings of 5-10% [2].
The growth process is constrained by the combined effects of irradiation-induced re-solution, which
reduces bubble sizes and concentrations, and the effects of compressive stresses in the fuel. At some
stage the diffusional growth rates will be exceeded by the re-solution rates, and the swelling will decline.
However, by this stage, fission gas atoms will have migrated to the grain boundaries and established a
network of small lenticular pores of circular projection. The initial bubble densities are typically in the
range of 20-50 Pm–2 and this value will be maintained until the bubbles cover about 20% of the grain
faces after which coalescence will begin to occur [3] and the bubble density decreases. This process
gives rise to elongated bubbles and to an increased chance that the bubbles will be vented to the grain
edges and will no longer contribute to the PCI process.
The development of intragranular swelling depends critically on the relative rates of diffusional
growth and irradiation-induced re-solution. Although both processes are temperature dependent, the
diffusional growth process is likely to be more sensitive to changes in temperature and it is clear that
the swelling process could reverse following return to lower temperatures where the re-solution rate
exceeds the growth rate. This is also true for the closed grain-face bubbles from which re-solution also
occurs, so, although large swellings may have been induced by a transient event, the swelling may
decrease markedly on return to lower powers. Of course, this is only of any benefit if the rod remains
intact following the first PCI event, but accurate assessment of the possible benefits of low temperature
re-solution in mitigation of future PCI events is essential for proper predictive fuel modelling.
Recently, the swelling data obtained from the British Energy ramp experiments conducted on
AGR fuel in the Halden Reactor has been compiled [2] and released into the public domain through
the NEA Databank. This database contained extensive scanning electron microscopy (SEM) from
ramps conducted on AGR fuel of modest burn-ups – typically 9-22 GWd/tU. Of interest with respect
to irradiation-induced re-solution are two slow-ramp tests, one of which was discharged immediately
and a second which was maintained at low powers for a further 28 days before discharge.
Test conditions
The rods were base-irradiated to burn-ups of 12-15 GWd/tU under benign conditions and tested
in the Halden Reactor using a zircaloy shroud surrounding the cladding in order to simulate CAGR
cladding conditions [2]. Both rods were subjected to slow ramps in which the power increased over a
period of 45 minutes. In addition, test 4135E was also subjected to two fast ramps in which the power
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increased over a period of around 40 seconds. In these ramps the peak power was maintained for
80 seconds. Following the tests, rod 4162E was discharged immediately while 4135E was maintained
at low powers for an additional 28 days prior to discharge. The idealised ramp is shown in Figure 1.
Figure 1. Idealised power ramp for the Halden tests. The powers
and durations for the various stages are given in Table 1.

P2

W2a W2b W2c

Rod power

W

W

W

P1
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Time
Table 1. Conditions for the ramp tests (with reference to Figure 1)
SEM
Burn-up Ramp Power 1
identifier (GWd/tU) no.
kW/m
4135E
15.0
1
18.5
2
13.0
3
13.0
4162E
12.6
1
18.0

W1

W2a

1 wk
8.0 m
0.0 m
3 wk

65 m
40 s
40 s
45 m

Power 2
W2b
kW/m
36.9
0.0
36.9
80 s
36.9
80 s
40.0
0.0

W2c
40 s
40 s
40 s
40 s

Power 3
W3
kW/m
–
–
16.0
28 d
18.0
6m

W4

6 hr
–

Initial PIE
The fuel was returned to Berkeley Centre in the UK where extensive PIE was performed. This
included clad profilometry, puncturing, gas analysis, fuel metallography and scanning electron
microscopy (SEM). The immediate-discharge rod (4162E) survived the ramp test and a clad diametral
strain of ~0.4% was measured at the peak rated position. In contrast, the extended-dwell rod failed
with a peak diametral strain of ~0.8%. Metallographic examination revealed very little evidence of
fission gas swelling, an observation subsequently confirmed by SEM.
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SEM analysis
The SEM was performed on newly cracked radial sections of the fuel. Images were obtained from
five or six locations on a radius working out from the pellet inner-bore. At least six grain-face areas
were examined at magnifications ranging from ×3k to ×8k. Higher magnifications were required for
the analysis of intragranular bubbles – typically in the range ×20k-×40k – and three full trans-granular
fractures were examined, often requiring around 20 images to cover the whole area. The temperature
histories appropriate to the radial locations of each of the SEM specimens were obtained from ENIGMA
calculations [2]. These indicated that the peak temperature experienced by the immediate-discharge
fuel (4162E) was 1 798qC while the extended-dwell fuel (4135E) reached 1 782qC; however, this
slightly lower temperature was maintained for 160 seconds.
Typical examples of the grain-face porosity are displayed in Figure 2 and a comparison of the
measured swelling parameters for the two tests is given in Table 2.
Figure 2. Grain-face images of fuel ramped in the 4162E and 4135E tests
The 4162E test (left) was discharged immediately after ramping while the fuel in 4135E (right) was held at low powers for an
additional 28 days prior to discharge. Note the extensive denudation of the porosity in the extended-dwell test on the right.

Table 2. Measured grain-face swelling parameters for the two tests
Section
4135e-a
4135e-b
4135e-c
4162e-a
4162e-b
4162e-c
4162e-d

Peak/parked
Bubbles/
Temperatures (qC) GBs
1 782/982
1 766/976
1 725/962
1 798/819
1 788/817
1 760/811
1 698/794

937/7
1 555/7
172/1
3 046/14
3 545/12
3 786/14
1 654/7

Nb/Agb
(Pm–2)

Fc (%)

RP (Pm)

LP (Pm)

'V/V (%)

1.03 r 0.51
1.52 r 0.25
1.78
3.15 r 0.78
3.98 r 1.27
4.92 r 1.50
5.38 r 1.39

22.8 r 8.6
11.5 r 2.6
8.96
37.1 ± 9.0
28.1 ± 7.7
30.4 ± 7.9
27.7 ± 5.6

0.16 r 0.03
0.12 r 0.03
0.09
0.15 ± 0.02
0.12 ± 0.02
0.13 ± 0.03
0.11 ± 0.01

0.47 r 0.27
0.15 r 0.08
0.13
0.15 ± 0.13
0.13 ± 0.33
0.12 ± 0.38
0.06 ± 0.08

0.42 r 0.19
0.16 r 0.08
0.09
0.70 ± 0.26
0.46 ± 0.17
0.43 ± 0.18
0.43 ± 0.22

The third column gives the number of bubbles measured and the number of grain boundaries
examined. The remaining columns are the bubble density, the fractional coverage, the bubble projected
radius and length, and the volumetric swelling. A brief examination shows that the swellings are
generally less in the extended-dwell case than in the immediate-discharge fuel. An analysis of the
intragranular bubbles is given in Table 3 and also indicates reduced swelling in the extended-dwell fuel.
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Table 3. Measured intragranular swelling parameters for the two tests
Section

Peak/parked
Bubbles/
Temperatures (qC) images

4135e-a
4135e-b
4135e-c
4162e-a
4162e-b
4162e-c
4162e-d

1 782/982
1 766/976
1 725/962
1 798/819
1 788/817
1 760/811
1 698/794

676/20
414/14
458/13
2 279/28
2 172/25
1 408/19
1 121/15

CB
(m–3)

<RB>
(nm)

'V/V (%)

4.091019
3.571019
5.391019
7.321019
1.201020
1.661020
3.011020

27.5
25.2
21.8
35.2
24.0
21.4
17.9

0.37
0.25
0.25
1.34
0.69
0.68
0.72

The measured diametral strain was 0.8% [4] and this is equivalent to an average volumetric
swelling across the rod of 2.4%. The initial porosity in the fuel was ~2% but about 1% was removed
by in-pile densification [4] so the required level of fission gas swelling to provide the measured
diametral strain was about 3.4%. This is a factor of four greater than the peak measured swelling in the
extended-dwell rod, so it must be assumed that the swelling was much greater immediately following
the ramp but decreased during the dwell.
Evidence for swelling reduction
Intergranular swelling
Because of the differences in surface energy of the UO2/UO2 interface and the UO2/gas interface,
the grain-face bubbles nucleate as lenticular pores of circular projection with a semi-dihedral angle of
around 50q [5]. These bubbles grow by collecting gas atoms that have migrated to the grain boundaries
from within the grains and the presence of gas creates an over-pressure in the cavities such that the
pressure is in excess of the bubble capillarity. Equilibrium can be restored if the cavities act as vacancy
sinks and this serves to increase the volume and projected area of the cavity.
For a random distribution of bubbles on a planar surface it can be demonstrated that circular bubbles
will begin to interact with each other when the fractional coverage exceeds 19.6% [3]. This interaction
will result in two bubbles coalescing into a single elongated bubble. This coalescence process introduces
an additional state of non-equilibrium in that the surface energy will not be minimised with respect
to the volume contained and the bubble will seek to minimise this by changing shape so that it
again occupies a circular projection on the grain boundary. Under conditions where bubble growth and
coalescence proceed at a faster rate than the shape-change process (morphological relaxation), very
long bubbles can be produced but this process should only start when the coverage exceeds the critical
value of 19.6%. The variation of the aspect ratio (length/radius) with fractional coverage on the
boundary is shown in Figure 3.
The data from the immediate-discharge case (4162E) follows the expected trend with the onset of
bubble elongation occurring for fractional coverages of around 19%. Examples of very elongated
bubbles with Lp/Rp | 10 are observed for large fractional coverages. In distinct contrast are the data
from the extended dwell case where bubble elongation is observed for fractional coverage as low as 6%.
On a statistical basis, this should not occur, so it is possible that the fractional coverages immediately
after the ramp were much greater than those measured during PIE.
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Figure 3. Variation of the bubble aspect ratio (length/radius)
as a function of fractional coverage of the grain boundaries
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The onset of coalescence leads to a reduction in bubble density and the rate of loss of bubble
density, N, as the bubble projected area, Ap, increases is given by:
dN
dA p

2N 2

The variation of the measured bubble densities with bubble-projected area is shown in Figure 4.
The lines drawn in Figure 4 are solutions to the coalescence equation with different initial bubble
densities. The data from the extended-dwell case appear to be consistent with a lower initial bubble
density, but taken in conjunction with Figure 3, the more likely scenario is that bubble volume, and
hence, bubble projected area has been lost during the extended-dwell, leading to a leftward shift of the
data. It is proposed that the mechanism for this reduction arises from the irradiation-induced re-solution
of fission gas atoms from the grain-face bubble back into the grains.
Figure 4. Variation of the measured bubble density
with mean bubble projected area for the two tests
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The re-solution rate of fission gas atoms from grain boundary bubbles was initially calculated by
Speight [6] who assigned a probability that a fission gas atom would be knocked back into the grain.
Under steady-state conditions a dynamic balance between the re-solution rate and the diffusion rate
back to the boundary would be established thereby modifying the boundary condition for the diffusion
process. These arguments have recently been re-examined in the context that the re-solution process
takes place following impact from passing fission fragments. Since the range of a fission fragment is
of the same order as the grain size, each fission fragment can interact with only a single bubble. Under
these conditions the probability of re-solution is inversely proportional to the gas atom concentration
on the boundary and the Speight formalism becomes invalid. The collision process will actually remove
vacancies as well as fission gas atoms from a cavity although the process of removing vacancies is
equivalent to knocking matrix atoms back into the cavity. Since energy transfers are involved it makes
more sense to consider the re-solution process as removing a “chip” comprising Nc vacancies and gas
atoms in such a way that:
dV
dt

§ b  :H gf
2l f FFc N c  ¨¨
© 1  H gf

·
¸
¸
¹

In this equation, dV is volume removed from the bubble in time dt. F is the fission rate, Fc is the
fractional coverage of the grain boundary. The Van der Waal’s volume of a fission gas atom is b and
: is the vacancy volume. The number of vacancies per fission gas atom is Hgf.
Calculations using the ENIGMA stand-alone fission gas release model for case 4135E as well as
a number of other extended-dwell cases indicate an optimum chip number of 683r325 vacancies and
gas atoms ejected per fission fragment collision. Using this value, the results in Figure 5 are obtained.
The calculations indicate a leftward shift in both plots consistent with the observations. The full
calculations are provided in Table 4.
Figure 5. Calculated bubble parameters assuming irradiation-induced re-solution
of fission gas atoms from grain-face bubbles during the 28 day extended-dwell
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Table 4. Measured and predicted swellings at end of extended-dwell in 4135E
Spec.
4135-a
4135-b
4135-c

P or M
M
P
M
P
M
P

Nb/Agb (Pm–2)
1.03r0.51
1.18
1.52r0.25
1.37
1.78
2.01

'V/V (%)
0.42r0.19
0.50
0.16r0.08
0.46
0.09
0.34
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Rp (nm)
160r30
211
120r30
198
90
163

Lp (nm)
470r270
169
150r80
143
130
88

Fc (%)
22.8r8.6
24.7
11.5r2.6
24.6
9.0
22.5

Intragranular swelling
The volumetric swellings in the extended-dwell test are much lower than in the immediate-discharge
case (see Table 2) and this appears to be a result of a reduction in total bubble concentration rather
than a reduction in the average radius. Figure 6 shows that the bubbles with radii less than 20 nm have
almost disappeared. It is known that irradiation-induced re-solution is only capable of destroying small
bubbles and that volumetric reduction occurs mainly through a whittling-down process whereby bubbles
gradually lose volume until small enough to be destroyed. The differential bubble-size distributions for
two comparable fuel locations in the two tests are shown in Figure 6.
Figure 6. Differential bubble-size distributions
for the two tests at comparable peak temperatures
Note that the total bubble concentration is equal to the area under each curve and that the vertical scale is logarithmic
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The re-solution process from intragranular bubbles is modelled by assuming that a chip of
vacancies and gas atoms is removed from bubbles by each fission fragment. Although it is known that
large bubbles are not destroyed directly, the damage process is apportioned in such a way as to give both
reductions in bubble size and concentrations with the apportioning factor depending on the mean bubble
size. The model has previously been optimised over the temperature range from 1 250qC to 1 920qC
using data from the BE tests [2]. The present data and two other tests (not reported here) have enabled
the optimisation to be extended to temperatures down to 860qC. The intragranular swelling observed at
the end of the 28-day dwell is consistent with a chip size of between 40 and 100 vacancies and gas atoms
being removed from a bubble by each fission fragment collision, but the chip size increases strongly
with temperature. Using the revised chip size, Table 5 gives the predictions of the intragranular swelling.
Table 5. Measured and predicted value of intragranular swelling for the extended-dwell case
Spec.
4135-a
4135-b
4135-c

Predicted/measured
M
P
M
P
M
P

CB (m–3)
4.091019
5.271019
3.571019
5.691019
5.391019
6.501019
210

RB (nm)
27.5
21.7
25.2
22.4
21.8
23.6

'V/V (%)
0.37
0.23
0.25
0.27
0.25
0.36

Predicted total swelling
By tuning the swelling model to provide good estimates of the measured swellings, it is then
possible to estimate the swellings immediately following the ramp and before the onset of the
extended-dwell. It is this swelling that gives rise to the diametral strain and the values are given in
Table 6.
Table 6. Predicted and measured swellings for the extended-dwell case

Spec.

4135-a
4135-b
4135-c

Intragranular swelling
'V/V (%)
Measured
Calculated
post-dwell
pre-dwell
0.37
5.13
0.25
5.12
0.25
4.72

Grain-face swelling
'V/V (%)
Measured
Calculated
post-dwell
pre-dwell
0.42
1.31
0.16
1.21
0.09
0.97

Total swelling
'V/V (%)
Measured
Calculated
post-dwell
pre-dwell
0.79
6.44
0.41
6.33
0.34
5.69

Although the post-dwell swellings are quite small, these are consistent with much larger values
immediately following the ramps. The total calculated pre-dwell swelling is around 6% for the three
sections measured and are consistent with the measured diametral strains indicating the effectiveness
of irradiation-induced re-solution in reducing the overall swelling during low power periods following
transients.
Conclusions
Examination of data from the British Energy CAGR ramp tests reveals that rod failure occurred
through large diametral strains. In one case, very little evidence of large swellings was observed in the
fuel but detailed examination of the SEM data revealed vestigial evidence of swelling. Analysis was
performed on the assumption that the swelling decreased during the extended-dwell period following
the transient by a process of irradiation-induced re-solution from intra- and intergranular porosity.
Using these assumptions it was possible to estimate that the swelling immediately following the
transient was sufficient to provide the observed failure strain.
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Abstract
In the first part of the paper we review and discuss some of the experimental evidence underlining the
effect of the stress distribution on the fission gas release and swelling in oxide fuels. We consider both
instrumented tests in a reactor as well as out-of-pile annealing experiments.
The stress distribution in the fuel is generally accounted for in the fission gas release and swelling
models via the so-called hydrostatic stress. Various approaches have been applied to determine the
hydrostatic stress in fuel performance codes. It is indicated that either the applied approaches cannot
satisfactorily reproduce the experimental observations, or that they are based on erroneous assumptions.
The imperfect modelling of the stress distribution in the fuel rod is related to the high complexity of
the phenomenon as well as to the limited amount of experimental data. In view of this, the Institute for
Transuranium Elements (ITU) is developing a new experimental device: POLARIS (Power Laser
Apparatus for Reactor-Irradiated Samples). One of the proposed experiments consists of analysing the
effect of hydrostatic stress via a variable He gas pressure, in combination with a variable temperature
level in a high burn-up fuel rod segment.
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Introduction
In order to ensure the safe and economic operation of the fuel rods, it is necessary to be able to
predict their behaviour and life-time. An accurate description of the fuel rod’s behaviour, however,
involves various disciplines ranging from chemistry, nuclear and solid state physics, metallurgy,
ceramics and applied mechanics. The strong interrelationship between these disciplines calls for the
development of computer codes describing the general fuel behaviour.
A well known example of the interrelationship is the interplay of the mechanical performance
with the fission gas release and swelling phenomena. On one hand, the gaseous fission product
swelling promotes gap closure and the subsequent pellet-cladding mechanical interaction, while their
release from the pellets increases the internal gas pressure, which in turn drives the cladding creep.
On the other hand, almost all gas behaviour models make use of the so-called hydrostatic pressure to
describe the state and evolution of gas-filled bubbles, while sudden stress variations may lead to an
abrupt fractional release of retained gases, e.g. via cracking.
Despite the common use of the hydrostatic stress in the fission gas behaviour models, there is still
debate about the extent to which the stress state affects the fission gas behaviour, about the way in
which the hydrostatic should be accounted for in the fission gas behaviour models, as well as about the
actual evaluation of the hydrostatic stress itself. The latter is related to the high complexity of the
phenomenon as well as to the limited amount of experimental data. In view of this, the present paper
intends to shed some light on the debate and to propose a new experimental technique that is under
development at ITU.
In the following section of the paper we review and discuss some of the experimental evidence
underlining the effect of the stress distribution on the fission gas release and swelling in oxide fuels.
We consider both instrumented tests in a reactor as well as out-of-pile annealing experiments. In the
third section of the paper, we will summarise and discuss the main theoretical approaches adopted to
account for the stress in the fission gas behaviour models, as well as the models used to compute the
hydrostatic stresses in the pellets during irradiation. In a subsequent section, the new experimental
technique, POLARIS, will be outlined and we will explain how it could contribute to the studies
mentioned above. Finally, in the last section we draw the conclusions of our analysis and describe the
perspectives of our ongoing research activities in this area.
Experimental evidence
There are data, both from in-pile and out-of-pile experiments, indicating an important effect of
the hydrostatic stress on the release of fission gas in nuclear fuel [1-13].
In-pile evidence
Zimmerman [1] revealed that mechanical restraint (compressive load up to 50 MPa) due to a
piston reduced the fission gas swelling in isothermal irradiation tests by a factor 2 in comparison with
unrestrained swelling in a temperature range between 1 600 and 1 900 K, and a burn-up range up to
10 at.%.
Later on, Kogai, et al. [2] also analysed the effect of pellet-cladding interaction on fission gas
release (FGR) in fuel with a burn-up range between 12 and 42 GWd/tM under load following conditions.
The distinct FGR behaviour of the fuel rods with different initial gap size and pellet geometry (dished
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versus undished) was attributed to the different extent of pellet-cladding mechanical interaction (PCMI)
or hydrostatic stress. A model for release through a fine tube has therefore been proposed, in order to
account for the different release kinetics with the hydrostatic stress that was estimated to vary between
30 and 150 MPa. Likewise, Møgensen, et al. [3,4] also emphasised the importance of mechanical
restraint pressure in fission gas release behaviour during power bump tests. Specifically, they indicated
that enhanced release at the end of the test was due to grain boundary opening by micro-cracking.
More recently, Nakamura, et al. [5] re-instrumented pre-irradiated medium burn-up fuel with a
large initial diametrical gap of 310 Pm. They concluded that fission gas release (FGR) increased
suddenly when the hydrostatic stress was reduced during a reduction of the linear heat rate between
40 and 20 kW/m. This reduction of hydrostatic stress was attributed to the variation of the thermal
stress in the pellet. PCMI was supposed to be absent in view of the large initial gap and the applied
burn-up. This assumption was supported by the observation that diffusion-controlled FGR was clearly
observed during the high-power operation (Figure 1). Release due to cracking of the fuel during power
changes has also been ruled out since the sudden increase of FGR only appeared during a reduction of
the power level and not over the course of a power increase.
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Figure 1. Rod inner pressure change during power variations [5]
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K. Une, et al. [6] observed the effect of the grain size and the PCMI restraint on the rim structure
formation in UO2 fuel coming from pellets and from isothermally irradiated fuel discs. Significant
differences in porosity and size distribution of rim bubbles were detected between a standard grain size
pellet of 96 GWd/t with severe PCMI restraint and the fuel discs of 86-90 GWd/t without any restraint
pressure, although the extent of the rim structure formation was almost identical for both types of
samples (cf. Figure 2).
Finally, the observations of Tempest, et al. [7] were taken as evidence for the absence of any
delaying effect on interlinkage from internally pressurising the rods to 40 bar. Nevertheless, their
conclusion is likely due to the range of the hydrostatic pressure applied in their experiments, which is
more than one order of magnitude smaller in comparison with the range of the hydrostatic pressure
considered in the other experiments.
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Figure 2. Relationship between local porosity and local burn-up, showing
the effect of restraint on the porosity development in the rim region [6]
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Out-of-pile evidence
P. Bailey, et al. [8] investigated gas release from UO2 and UN out of pressurised closed pores
produced by autoclave anneals. The sintered UO2 was annealed in Ar at 1 000 bar and 1 500qC. The
thermal desorption spectrometry revealed that release occurred during both heating and cooling and
was attributed to mechanical effects, i.e. fuel fracture connecting grain boundary gas bubbles with the
surface.
Kashibe and Une [9,10] extensively assessed the effect of restraint on bubble growth in unirradiated
UO2 fuels by using a high temperature (up to 2 000qC) and a high pressure (up to 200 MPa) furnace.
The powder compacts of UO2 were sintered at 1 800qC in a high pressure Ar/0.2%H2 mixed gas of
50 or 100 MPa. As a result the bubbles were overpressurised, entailing bubble growth with the pressure
difference as driving force. The sintered pellets were then annealed at temperatures ranging from
1 300 to 1 800qC and pressures about 10 to 80 MPa lower than the sintering temperature and pressure.
The pressure in the pellets was thus very well controlled and purely hydrostatic. They verified the
bubble growth model of Hull and Rimmer [11], which is a simplified version of our model [12] and that
of Kogai, et al. [13] (cf. below). In addition, they have observed fractional release rates of 85Kr during
annealing tests of UO2 fuel with a burn-up of 37 GWd/t, which appeared to be completely suppressed
by strong external restraint pressures of 100-150 MPa in the temperature range 1 500-1 800qC. The
critical pressure for the onset of burst release due to rapid bubble growth and tunnel formation
(cf. Figure 3) was found to be in the range of 40-60 MPa at 1 500qC [14].
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Figure 3. Cumulative fractional release of 85Kr at ramp and isothermal annealing
temperature of 1 500qC for rapid descending restraint pressure from 150 to 30 MPa [14]
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Theoretical approaches
Implementation of hydrostatic stress in fission gas behaviour models
The hydrostatic stress is defined in a solid as the average normal stress [15,16]:
Ph

V rr  V TT  V zz
3

(1)

and affects the mechanical equilibrium of gas-filled bubbles in nuclear fuel:
Pbl  Ph 

2J
U bl

(2)

where Pbl is the pressure of the gas in the bubble (tensile), Ph is the hydrostatic pressure in the matrix
surrounding the bubble (compressive), J corresponds to the surface tension of the bubble and Ubl
represents its radius of curvature.
In most FGR models [17-27], the hydrostatic stress is only accounted for in the saturation limit of
the grain boundary:
N sat

A f § 2J
·
 Ph ¸
¨
T © U bl
¹

(3)

where Nsat is the saturation density of fission gas atoms on the grain boundary and Af is a function
depending on the bubble shape. Consequently, Ph will only affect the onset of release and not the
release kinetics once the saturation is reached.
217

According to Kogai, et al. [2] there is also a clear effect of the hydrostatic stress on the release
kinetics, as illustrated in Figures 4 and 5. Kogai [13] has therefore accounted for the effect of hydrostatic
stress in two complementary ways. First of all, he applies a refinement of the model of Hull and
Rimmer [11] for the bubble growth and shrinkage via grain boundary diffusion of vacancies. The driving
force for bubble growth/shrinkage consists of the pressure difference between the gas internal pressure,
the surface tension and any externally applied (hydrostatic) pressure:
dUbl
dt

:G gb Dmv §
2J ·
P  Ph 
¸k I
2 ¨ bl
4 f T k TUbl ©
U bl ¹

(4)

Figure 4. Internal gas pressures, fission gas release fractions and bump power histories
of rod M23-1-17R illustrating the influence of PCMI on the kinetics of release [2]
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Figure 5. Internal gas pressures, fission gas release fractions and bump power histories
of rod STR017-3R illustrating the influence of PCMI on the kinetics of release [2]
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Secondly, as the grain boundary bubbles grow, those which are close enough to the grain edges
may vent their content to the free volume of the rod. This gaseous flow through the tunnel network is
derived from the Poiseuille equation in a thin cylindrical tube, connecting the average bubble with the
free volume as illustrated in Figure 6. Kogai [13] supposes that the conductivity of the tube increases
by the shortening or thickening of the tube. Therefore, a sigmoidal type of curve was introduced for
the volume (corresponding to the tube conductivity):
Vt 0 f I g V e

Vt

(5)

where:
g Ve

ª §V
1  exp «  ¨¨ *e
«¬ © V e

·
¸¸
¹

10

º
»
»¼

(6)

and:
Ve

Ph  IPbl
1 I

(7)

According to Eq. (6), both a tensile and a compressive hydrostatic stress will increase the tube
conductivity since the even power eliminates the sign of the equivalent stress (Ve). This is physically
unacceptable. In addition, it can be noted that the effect of the hydrostatic stress on the tube conductivity
is accounted for twice: once indirectly in the bubble growth law [Eq. (4)] and a second time directly in
the sigmoidal curve g(Ve), which is unnecessary. Therefore we propose the following simplification [12].
Like Kogai we account for Ph in the grain boundary bubble growth law, though unlike Kogai we
consider the tube conductivity to depend solely on the bubble surface fraction on the grain face:
Vt Vt 0 f I . As a result, both the gaseous swelling and the fission gas release will be affected by the
hydrostatic stress level in the fuel through the growth/shrinkage of the bubbles on the grain boundaries,
in line with the experimental observations of Kashibe, et al. [9].
Figure 6. Schematic representation of the gaseous flow through the
interconnected tunnel network along the grain boundaries by a tube connecting
the average grain boundary bubble with the free volume in the fuel rod [2]

More recently, White [28] introduced an alternative idea to account for the hydrostatic stress in
describing the kinetics of the fission gas behaviour in nuclear fuel. Like Kogai [13], Kashibe, et al. [9,10]
and Van Uffelen [12] he applies Eq. (4) to describe the bubble growth/shrinkage. Unlike Kogai and
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Van Uffelen, however, White included the morphological changes of the grain boundary bubbles after
coalescence and introduced an empirical fractional venting depending solely on the bubble length,
rather than on the fractional coverage of the grain boundary by the bubbles.
The assessment of the hydrostatic stress in fuel performance codes
A weak point of most fuel performance codes is their mechanical modelling [29]. The mechanics
of the cracked pellet and of the anisotropic cladding are generally rather primitive. One of the difficulties
stems from the lack of experimental data, e.g. on circumferential stress at the pellet outer surface
during reactor operation. Even when there are experimental data for un-irradiated fuel, there is quite
some scatter, both in the data themselves as in the ratio of the calculated and measured values (e.g. for
the fuel strength and the creep data in MATPRO) [30].
Immediately upon start-up and before swelling or creep has occurred to any appreciable extent,
the fuel develops a network of cracks oriented either along radial planes or along horizontal planes
perpendicular to the z-axis. These cracks appear because the thermoelastic stress components exceed the
fracture strength of the fuel in tension (the tensile rupture stress is of the order of 130-150 MPa) [15,16]
when the linear heat rate exceeds 5 kW/m in a fresh solid pellet. The temperature gradient in the pellet
induces tensile stresses in the T- and z-directions in the outer region of the fuel where the fuel is brittle
(because T d 1 400qC). When the fuel cracks, relocation occurs and reduces the initial diametrical gap.
The effect of cracking on the mechanical performance of the fuel cannot exactly be taken into
account in the fuel performance codes. To do so would require (1) knowledge of the precise location
and size of every crack in the fuel and (2) the solution to the complete three-dimensional stress-strain
problem in each of the blocks of intact solid without the aid of the major simplification afforded by
the assumption of symmetry around the central axis. Consequently, the phenomenon is modelled by
assuming that cracking occurs only on the principal planes, specifically only T- and z-cracks are
considered. The effect of multiple cracking is treated in two different ways: either the elastic constants
of an anisotropic homogeneous cylindrical pellet are modified [15,31], or a supplementary strain term
is introduced [16,27,32].
In general the hydrostatic stress can have contributions from the inner fill gas pressure, the thermal
stress and the stress due to PCMI. For the time being, however, there are different approaches to compute
Ph in the computer codes. Except for models that do not mention how Ph is computed [19,25,26,28],
we can separate the approaches in three categories. In the first category, Ph is taken to be a uniform and
often constant value. More precisely, either they assume a zero hydrostatic stress level [19-21], or they
apply a constant value [22,24], which is occasionally inferred from measured cladding strains [13] to
account for PCMI. Several codes consider the grain boundary gas saturation condition of Eq. (3) to be
constant or only temperature dependent [23,27], corresponding implicitly to assume a constant value
for Ph.
The second category of models considers the time-dependent inner gas pressure as well as the
contact pressure in the event of PCMI [32-35]. The contribution due to differential thermal expansion
is disregarded in the cracked fuel segments. In unrestrained pellets the radial and axial forces are
therefore equal, uniform and equal to the time-dependent inner gas pressure, except in some cases
where this contribution is neglected, e.g. Ref. [32].
The third group of models accounts for the three contributions to Ph. The above-mentioned
approaches seem to be in contradiction with the experimental observations of Nakamura, et al. [5]
since there appears to be an effect of the hydrostatic stress in the absence of any PCMI. For that reason,
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Nakamura and co-workers accounted for the thermoelastic stress along with the contact pressure
between pellet and cladding, the inner gas pressure, and alleviation of the thermal stress by creep.
However, they did not consider the influence of cracks. They applied Lamé equations that are only
valid in a full cylindrical pellet.
Mezzi, et al. [36] have shown by means of finite element calculations in two dimensions that
thermoelastic stress calculated from a strain analysis with axial symmetry differs radically from that in
pie-shaped fuel fragments. We extended the calculations to three dimensions by means of the
SYSTUS finite elements code (FEM) [37] in order to re-analyse (qualitatively) the in-pile experiments
of Nakamura, et al. [5]. The special feature of the experiment is the large initial diametral gap size of
310 Pm. Since the burn-up after the base irradiation of the re-instrumented segments was of the order
of 25 MWd/kgUO2, the gap was always open, even during the ramping experiments (40 kW/m).
We therefore applied the same approach as that adopted by Garcia, et al. [38], except that we also
included the axial cracks via the variation of the segment height. The most important lessons drawn
from those FEM calculations were:
x

The pellet centre is under tension in a wedge-shaped fuel segment, in contradiction with a
compressive force in the full cylindrical pellet. This is in line with the conclusions from
Mezzi, et al. [36] in two dimensions, and confirms that interpreting the experiments of
Nakamura, et al. [5] by applying the Lamé equations for the thermo-elastic stress in order to
assess the hydrostatic stress is misleading.

x

The hoop stress in the pellet resulting from the thermo-elastic stress alone is no longer axially
symmetric. The tangential stress is zero at the crack surface (provided that adjacent fragments
do not interact) but not in the interior of the cracked pieces.

x

By comparing the stress tensor resulting from two different temperature (or power) distributions,
it is possible to qualitatively explain the burst release during the power reductions in the
experiments reported by Nakamura, et al. [5] by the reduction of the compressive stress at the
mid-radius of the pellet (Figure 7). This is also qualitatively in line with the higher amount of
pressure increase seen during a power reduction when the hold-time at high power is extended.
Figure 7. Stress tensor obtained with FEM thermo-elastic calculation
in a small fuel segment (height: 6.5 mm, radius: 5.3 mm, angle = 22.5q) and
subject to a parabolic temperature gradient (Tsurface = 400qC, Tcentre = 1 000qC)
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A more recent model of the third category accounts for the thermal stress variations in a pure
empirical way [39]. To do so, it was assumed that the entire gas inventory at grain boundaries is
released instantaneously when several conditions are fulfilled. In the event of a power increase, burst
release is assumed to occur when:
q e  q i ! 30 W/cm
°
®q e ! 250 W/cm
°T ! T
t
¯ e

where qe, and qi represent the linear heat generation rate of the fuel rod after (e) and before (i) the
transient, Te stands for the fuel temperature after the transient (qC). Tt is the burn-up dependent
threshold temperature:
Tt

bu
1500§¨1  ·¸
© 80 ¹

where the burn-up is expressed in MWd/kgU. In the event of a power reduction, burst release is
assumed to take place when:
q i  q e ! 30 W/cm
°
®q i ! 250 W/cm
°T ! T
t
¯ i

The approach adopted by Koo, et al. [39], however, does not provide the hydrostatic stress
needed for mechanistic fission gas release models.
From the discussion above, it can be concluded that in addition to a lack of consensus there remains
room for improvement in calculating the hydrostatic stress in pellet fragments during irradiation.
To this end, it is proposed to extend the series of 3-D FEM calculations to account for the viscoplastic
behaviour along with the interaction with the cladding material like S. Bourreau, et al. [40]. In addition,
more experimental data will be obtained, as explained in the following section.
Proposal for a new experimental approach
The imperfect modelling of the stress distribution in the fuel rod is related to the high complexity
of the phenomenon (3-D modelling would be required) as well as to the limited amount of experimental
data. ITU is developing a new experimental device (POLARIS) by means of which complementary
information regarding the interaction of fission gas behaviour and the stress distribution in the pellets
will be inferred. A schematic view of the future facility is presented in Figure 8. A detailed description
of the design has been provided elsewhere [41].
The tests will be performed in a sealed pressure cell equipped with two oppositely placed windows.
The cell is contained in a lead-shielded glove box equipped with telemanipulators. Hydrostatic
pressurisation of the cell up to 200 bar (or possibly higher) will be achieved by means of He gas. All
the instrumentation for optical diagnostics is situated outside the box. The sample – a slice of the fuel
pin including cladding of 1-1.5 mm thickness – is heated on each face by a CW laser beam of equal
power that enters the cell through an optical window. The laser focal spots with highly homogeneous
radial power profile can be adjusted to cover the whole fuel surface, although they will not impinge on
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Figure 8. Schematic experimental set-up for the fuel fragmentation studies in POLARIS
SIMULATION OF THE IN-PILE THERMAL BEHAVIOUR:
LASER HEATING OF IRRADIATED FUEL

the cladding. A high-speed CCD camera will allow on-line mapping of the temperature on the whole
illuminated surface. The sample will be held in a water-cooled sample holder in order to ensure a
radial temperature profile that is representative of in-pile conditions.
In general, the main advantages of the proposed technique can be summarised as follows [41]:
x

Very high power densities can be delivered (up to ca. 5 kW/cm2 over the fuel surface).

x

A “furnace” (a laser) is separated from the sample containing the high-pressure vessel.

x

Absence of the broadband range self-radiation of the energy source and therefore a possibility
of precise optical and temperature measurements.

x

Virtually any time-shaped power transients can be applied (1 ms time constant), along with
time varying He pressures.

Since the laser power can be programmed arbitrarily as a function of time, three scenarios of the
test procedure are envisaged:
1) From the baseline temperature slowly raise the fuel temperature until fragmentation occurs.
2) From the baseline temperature slowly heat the fuel to just below the fragmentation point and
than fire a laser pulse to raise the temperature beyond the fragmentation point.
3) From the baseline temperature raise the fuel temperature to just below the fragmentation point
by slow heating and then drop the pressure in the cell.
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The first two cases will certainly result in fuel fragmentation, whereas the fragmentation is
uncertain in the third scenario. The baseline temperature of 300-1 000qC can be ensured by precision
power regulation of the laser and its high-power stability.
In addition to the on-line measurement of the temperature distribution in the fuel segment, two
other measurements will be of great relevance for assessing the effect of the stress distribution on the
fission gas behaviour.
First of all, one will detect the fragmentation point. To do so, the temperature rise of the sample is
followed by a fast optical pyrometer (time resolution of ca. 10 Ps). It is anticipated that the temperature
corresponding to the fragmentation point of the fuel will be indicated by a knee point and/or a sharp
drop in the heating thermogramme. Additional information on the disruption process will be obtained
using a high-speed thermo-imaging camera capable of recording 1 000 frames/s. The high-speed
camera will also monitor the temperature distribution in the fuel and, in particular, the precise moment
of fragmentation as well as the fragmentation pattern.
The second measurement will be dedicated to the integrated fission gas release and is currently
being developed. Since the fragmentation tests will be performed in a He atmosphere at 200 bars it is
unlikely that the integral release fraction of He can be measured with high accuracy. Nevertheless,
heavy gases such as Kr and Xe can be separated in a cold trap and their concentration determined by
gamma counting and/or analysed by mass spectrometry. Based on our experience, the “cold-trap
solution” with gamma counting seems preferable at present. Even so, the possibility for on-line
measurements of the released fractions of fission gases is being investigated.
One of the proposed experiments consists of analysing the effect of hydrostatic stress via a
variable He gas pressure, in combination with a variable temperature level in a very high burn-up fuel
rod segment subject to a prototypical radial temperature profile (cf. above). In addition to the integral
measurements mentioned above, complementary post-test examinations by means of SEM and EDX
are foreseen. With such an experimental scheme, one will be able to analyse the effect of the variations
of the thermal stress distribution along with the hydrostatic stress distribution applied by the filling gas
on the fragmentation behaviour as well as the fission gas release in the fuel segments.
The analysis of gas release and swelling by means of a laser-induced fuel fragmentation can thus
be considered as a powerful out-of-pile experimental approach complementing the experiments
indicated in the previous sections. More precisely, it opens new perspectives in on-line diagnostics that
are unavailable in the existing experimental methods.
Summary and conclusions
In the first part of the paper we reviewed and discussed some of the experimental evidence
underlining the effect of the stress distribution on the fission gas release and swelling in oxide fuels.
Both instrumented tests in a reactor as well as out-of-pile annealing experiments were considered.
Despite the considerable number of experiments available, more refined tests are necessary in order to
obtain complementary and accurate data regarding the fission gas behaviour as well as the stress
distribution in the fuel rods.
The stress distribution in the fuel is generally accounted for in the fission gas release and swelling
models via the so-called hydrostatic stress, corresponding to the trace of the stress tensor. The different
methods for introducing the effect of Ph on the fission gas behaviour in the models have been discussed.
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It is concluded that one should not only account for its effect on the onset of release, but also for its
effect on the release and swelling kinetics observed during some in-pile experiments and accounted for
in some of the recent models [12,13,28].
The various approaches applied to determine the hydrostatic stress in fuel performance code
calculations have been summarised and discussed as well. The simplest approach is to consider a zero
hydrostatic stress level based on the low tensile strength of UO2. Others have considered a uniform
and constant hydrostatic stress level based on either the internal gas pressure and/or the pellet-cladding
contact stress. Finally, an attempt has been made to model the time and space variations of the
hydrostatic stress based on thermal stress calculations in a cylindrical pellet, or by introducing
empirical formulas for fission gas release in order to account for thermal stress variations leading to
microcracking during abrupt power changes. From the discussion it clear that the lack of consensus
reflects room for improvement. In order to address the problem, it is not only proposed to launch a
new set of advanced tests as described above, but also to extend the three-dimensional finite element
calculations. This will be necessary in order to enable a proper interpretation of experiments like those
of Nakamura, et al. [5].
ITU is developing a new experimental device (POLARIS), by means of which complementary
information regarding the interaction of fission gas behaviour and the stress distribution in the pellets
can be inferred. One of the proposed test scenarios is based on the variation of the hydrostatic stress
via a variable He gas pressure, in combination with a variable temperature level in a very high burn-up
fuel rod segment. The on-line measurement of both the temperature distribution, the fission gas release
along with the fragmentation of the fuel rod segments will be complemented with detailed post-test
structure/microstructure examinations. This innovative experimental method complements the series
of experiments reviewed in the first part of the paper, and offers a more representative experiment with
improved accuracy thanks to its flexible and on-line tuneable control and diagnostics.
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PELLET-CLADDING INTERACTION IN VVER FUEL RODS
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(SSC RF RIAR)

Abstract
The present paper includes the results of the examination of fuel-clad interaction in fuel rods provided
with a cladding that is made of Zr-1%Nb alloy. They rods operated under standard conditions for
VVER-440 and VVER-1000 reactors in the burn-up range of 13-64 MWd/kgU. Characteristics and
conditions of the contact origin are described in detail. The paper shows the differences in behaviour
between VVER-440 and VVER-1000 fuel rods. It is demonstrated that the usage of pellets with facets
has a favourable effect on the serviceability of fuel rods in case of fuel-clad interaction. It is also
revealed that strains in the VVER fuel rod claddings do not reach their critical values up to a burn-up
of 70 MWd/kgU. Based on the results of the reactor tests we defined boundaries of significant
mechanical fuel-clad interaction as a function of the linear power of fuel rods and burn-up.
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Introduction
The classical design of a VVER fuel rod that was used in the 1970s represented a column of
uranium dioxide pellets provided with a central hole and incorporated in Zr-1%Nb cladding. Some of
the differences in behaviour between VVER-440 and VVER-1000 fuel rods that are observed have
well-known causes. Moreover, there were some fuel rods within the group that differed from the
majority as concerns their initial condition characteristics. These variations caused the differences in
their post-irradiation condition.
The cladding damage or loss of tightness due to fuel-clad interaction was not revealed during the
entire operation period of VVER fuel rods of the above-described design; this was also the case for
testing performed under RAMP conditions [1,2]. The present paper summarises the PCI results
(pellet-cladding interaction) for VVER fuel rods. An attempt is made to analyse the effect of various
factors on the fuel-clad interaction as well as to predict fuel rod behaviour up to burn-ups of
70 MWd/kgU.
Fuel-clad interaction in VVER fuel rods under standard operating conditions
The fuel-clad interaction is preceded by two phenomena: cladding diameter decrease and fuel
column swelling.
Decrease of the outer diameter of fuel rods
A decrease of the outer diameter of the cladding depends upon the cladding temperature, pressure
drop (circuit coolant-fuel rod) and damage dose before fuel contact with the cladding.
Figure 1 demonstrates the outer diameter decrease in VVER fuel rods as a function of fuel burn-up
with regard to cladding affiliation with this or that batch (each point corresponds to one batch of fuel
rod claddings). The figure demonstrates that the diameter decrease stops in VVER-440 fuel rods at
fuel burn-ups of more than 45-50 MWd/kgU and that the swelling fuel column originates the stage of
reverse strain. Such phenomenon is not observed in VVER-1000 fuel rods at the same burn-up levels.
Nevertheless, it should be pointed out that the rate of cladding diameter decrease is the same for
VVER-440 and VVER-1000 fuel rods.
Figure 1. Change of VVER cladding diameter as a function of fuel burn-up [4]
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Fuel column swelling
Volume swelling of the fuel column was studied adequately up to fuel burn-ups of 63 MWd/kgU
(VVER-440) and 50 MWd/kgU (VVER-1000) [3]. It is demonstrated that the fuel swelling rate in
VVER-440 and VVER-1000 fuel rods differs insignificantly in the first linear approximation and it
makes up 0.8-0.9% per 10 MWd/kgU in the range of 30-65 MWd/kgU (Figure 2). Further fuel sintering
is equal to 0.2-0.5% in the initial volume at the initial stage of operation (3-5 MWd/kgU) [4].
As shown in Figure 3, the fuel swelling rate is practically the same for VVER-440 and VVER-1000
reactors. However, absolute swelling values are less by a factor of 0.5% for VVER-1000 fuel in
comparison with the VVER-440 fuel.
Figure 2. Fuel column swelling of VVER fuel rods during operation [5]
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Comparison between absolute values of cladding diameter decrease and fuel swelling
The analysis of relative values of cladding diameter decrease and fuel swelling provides an
inadequate notion of the real geometrical relationship. That is why an attempt was made to take into
consideration the absolute values of the cladding diameter and fuel column in the initial condition as they
are delivered from the plant in order to simulate the moment of contact origin. It was found that the
cladding diameter and fuel column of VVER-440 and VVER-1000 fuel rods were different according
to the analysis of geometric parameters in the initial condition with the use of data [5] as well as data
concerning the reference fuel assemblies. In most cases under examination the initial fuel-to-cladding
gap was 0.207 mm and 0.230 mm, respectively. In this case the interchange of geometric parameters
of VVER fuel rod cladding and fuel column as a function of fuel burn-up will resemble the schema in
Figure 3. The figure illustrates the following key features:
x

Intersection of cladding diameter decrease and fuel swelling curves for VVER-440 fuel rods
and earlier-noticed stopping of the cladding diameter decrease take place within the burn-up
range of 44-48 MWd/kgU.

x

Intersection of cladding diameter decrease and fuel swelling curves for VVER-1000 fuel rods
is noticed within the range of 48-53 MWd/kgU, which corresponds to the expected moment
of contact.

Probably the main reason for the observed differences in behaviour of the two types of fuel rod
results from specific operation conditions. Ref. [6] presents data on differences in behaviour between
VVER-440 and VVER-1000 fuel during further sintering at the initial stage of operation.
A fuel-to-cladding gap disappearance begins in the middle part of fuel rod that is characterised
with the maximum fuel burn-up level and maximum fuel column temperature. From this time on, the
“ratcheting” effect affecting the elongation of the fuel rods exhibits itself, mainly in the lower part of the
fuel rod. A greater number of fuel column ruptures in this particular region indirectly points to this fact.
As for conclusions that have been drawn based on Figure 3, they are of predictive nature but they
are not inconsistent with the experimental data obtained during fuel-to-cladding gap measurement using
a compression technique (Figure 4). As indicated in this figure, fuel contact with cladding in VVER-440
fuel rods takes place at a burn-up of 44 MWd/kgU in the cold condition and for VVER-1000 fuel rods
it takes place at a burn-up of 48 MWd/kgU.
Figure 4. Fuel-to-cladding gap as a function of fuel burn-up in VVER fuel rods [4]
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Cladding condition after its contact with fuel
Local changes of the outer cladding diameter, which are known as “ridges” or fuel-clad interaction
traces and whose period is equal to the fuel pellet length (11 mm, Figure 5) indicate that there is fuel
contact with the cladding. From the contact appearance and on, the height and number of these “ridges”
increase with increased burn-up and they can be used as additional evidence of the fact that the
cladding is subject to the mechanical effect of the fuel column. Mechanical stresses in the cladding are
of opposite sign at the end of service life, i.e. the cladding operates under tension conditions. However
a “reverse” diametric cladding strain is no more than 0.03 mm when the fuel burn-up reaches
64 MWd/kgU at the fuel rod cross-section.
Figure 5. Local strain of fuel rod cladding under the effect of fuel pellets

Periodic changes of the outer diameter make it possible to estimate the degree of mechanical
fuel-clad interaction.
It is important to classify all fuel rods into two groups: fuel rods with claddings that are free of
fuel-clad interaction traces and fuel rods whose claddings carry traces of fuel-clad interaction as local
diameter changes. A method of periodogrammes was used in this case. It consists in the fact that the
height and a number of ridges on the outer diameter diagram can be characterised by the peak height
on its periodogramme (Figure 6). In turn the peak height having a period of ~11 mm can be used as a
qualitative characteristic of the degree of fuel-clad interaction.
Figure 6. The outer diameter periodogramme of VVER-440
fuel rod cladding after operation during four fuel cycles
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Figure 7 demonstrates the peak height on the periodogramme as a function of fuel burn-up for
VVER-440 fuel rods. All examined fuel rods are broken down into two groups on this diagram: fuel
rods incorporating pellets without facets and fuel rods incorporating pellets with facets. The figure
shows that the presence of facets on the pellet surface is favourable for the mechanical fuel-clad
degree of interaction: the peak height of the periodogramme is less in fuel rods incorporating pellets
with facets in comparison with fuel rods incorporating pellets. One can also see that the effect is less
significant for VVER-1000 than for VVER-440 fuel rods.
Figure 7. Peak height on the outer diameter periodogramme
as a function of fuel burn-up in VVER-440 fuel rods
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The results of classification allow for the following conclusions:
x

Up to one-third of VVER-440 fuel rods incorporating pellets without facets carry traces of
fuel contact with cladding at the end of the third fuel cycle (burn-up is ~34 MWd/kgU). Fuel
contact with cladding is noticed nearly in all fuel rods after four years of operation (burn-up is
more than 43 MWd/kgU).

x

VVER-440 fuel rods incorporating pellets with facets can be operated during four fuel cycles
without any visible traces of thermo-mechanical fuel-clad interaction. Traces of contact (and
consequently local strain) appear by the fifth year of operation (fuel burn-up is more than
48 MWd/kgU).

Taking into consideration the traces of interaction with the fuel column, the analysis of the outer
diameter diagrams for VVER-1000 fuel rods revealed that similar traces of fuel-clad interaction are
practically absent in the fuel burn-up range up to 40 MWd/kgU (Figure 8). It should perhaps be
considered that VVER-1000 fuel rod cladding is not subject to tensile stresses during three years of
operation at the least. Fuel comes in contact with cladding during the forth year of operation. There is
a minimal gap (<20 Pm) in about two-thirds of the fuel rods and insignificant traces of fuel-clad
interaction are present on the claddings of these fuel rods. No traces of reverse strain caused by fuel
column swelling were discovered in the fuel rods after four fuel cycles.
Pellet-cladding interaction affects both the cladding diameter and length as a function of burn-up.
Changes of the fuel rod length are shown in Figures 9 and 10. One can see that this dependence is of
linear character in VVER-440 fuel rods without PCI and it deviates from the linear in fuel rods with
PCI. Perhaps this effect appears in VVER-1000 claddings at burn-ups of more than 55 MWd/kgU.
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Figure 8. Peak height on the outer diameter periodogramme
as a function of fuel burn-up in VVER-1000 fuel rods
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Figure 9. VVER-440 cladding elongation as a function of fuel burn-up [4]
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Figure 10. VVER-1000 cladding elongation as a function of fuel burn-up [4]
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Mechanisms of fuel rod geometry change
Since fuel comes in contact with cladding, changes in fuel rod geometry take place in accordance
with another law. The following mechanisms of shape change are known: radiation-induced growth,
radiation-thermal creep and ratcheting.
A rate of radiation-induced growth is characterised by the incubation period [6] and is insignificant
up to fluences of 21022 1/cm2 (~43-48 MWd/kgU). The radiation-induced growth contribution is less
than 0.1% [6] (25-30% from the total cladding elongation, Figures 9 and 10) at such burn-ups. It should
be pointed out that there is presently no evidence of a significant ratcheting mechanism contribution as
concerns the elongation of the fuel rod cladding.
Thus a shape change of the fuel rods depends upon the radiation-thermal creep and partially the
radiation-induced growth before the fuel comes into contact with the cladding (~43-48 MWd/kgU)
and thermo-mechanical pellet-cladding interaction occurs after the contact at burn-ups of more than
48 MWd/kgU.
Cladding strain under beyond-permissible loads
Ref. [7] presented the results of VVER-1000 fuel rod testing. The fuel rods reached average
burn-ups of 70 MWd/kgU. The linear power was 490 and 200 W/cm at the initial and final stages of
testing, respectively. These testing conditions go significantly beyond the design-basis values and they
can be used for conservative estimation of hoop strain. In this case, the reverse diametric strain was
0.03 mm (0.3%).
An insignificant positive diametric strain at the end of the designed service life is the distinguishing
feature of standard VVER-440 fuel rods; it practically does not take place in VVER-1000 fuel rods.
A high ductility of Zr-1%Nb alloy even when a fluence of 21022n/cm2 is reached, results in the fact
that this strain is permissible (according to [8] the limiting value is 0.4%).
In-pile tests for determining fuel contact with cladding
A technique used for determining the time of fuel contact with the cladding is based on recording
a change in the fuel rod length rate when the power is increased during in-pile tests [9]. A similar test
was carried out in the MIR reactor using re-fabricated VVER-440 and VVER-1000 fuel rods, which
were equipped with elongation sensors [10]. Fuel rods having fuel burn-ups of 69.1 and 59.5 MWd/kgU,
respectively, were subjected to testing. There was a small fuel-to-cladding gap in fuel rods in the cold
condition. When there is a tight contact after power increasing, the elongation of fuel rods depends
upon the thermal expansion of the fuel column. Fuel contact with the cladding in VVER-440 and
VVER-1000 fuel rods was recorded at the linear powers of 120 and 154 W/cm, respectively. Figure 11
demonstrates that these values are comparable with similar values for high burn-up PWR fuel [11].
The figure demonstrates the fact that a contribution of ratcheting in fuel rod elongation diminishes as
the fuel burn-up of the fuel rod increases.
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Figure 11. Boundaries of fuel-clad interaction in VVER fuel rods as power increases
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Conclusion
The experience gained in VVER-440 and VVER-1000 fuel rods after operation for five and four
fuel cycles, respectively, under standard conditions proves that fuel-clad interaction has not resulted in
fuel rod failure in any of the cases. Post-irradiation examinations and in-pile testing of high burn-up
VVER fuel proves that boundaries of fuel damage due to fuel-clad interaction go far beyond the
permissible linear power levels. Fuel rods were leak-tight in all the in-pile tests.
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CHARACTERISATION OF VOLATILE FISSION PRODUCTS,
INCLUDING IODINE, AFTER A POWER RAMP
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J. Lamontagne, Th. Martella, B. Lacroix, O. Comiti, L. Caillot
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Abstract
The behaviour of iodine during a power ramp is an important topic in the framework of studies on
pellet-to-clad mechanical interaction (PCMI) [1]. Up to now, little experimental data have been
available on iodine characterisation in the nuclear ceramic because its concentration is too low to be
measured with Electron Probe Micro Analysis (EPMA). However, in our laboratory, a shielded SIMS
was recently installed [2], which enables the detection of low abundant species, and a research
programme was built up to use these new possibilities in order to better characterise the volatile fission
products (FPs) during a power ramp, with a special care given to iodine. This programme was aimed
at studying how the volatile FPs can leave the UO2 ceramic and how they behave once they have left
the ceramic. For that purpose a power ramp was designed to have a high thermal level during a short
time in order to enhance the release mechanisms and at the same time to limit solid-state diffusion and
to avoid failure.
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Experimental
Irradiation conditions
The samples were prepared from a re-fabricated rodlet that underwent a power ramp in the
OSIRIS reactor. The rodlet was extracted from an UO2 fuel rod irradiated for three cycles in an EdF
power reactor, whose main irradiation conditions are given in Table 1.
Table 1. Irradiation conditions of the UO2 fuel rod from which the rodlet was extracted

Average fuel rod
Average rodlet

Burn-up
(MWd/tU)
35 315
38 801

Average power (W/cm)
1st cycle
2nd cycle
3rd cycle
160
234
198
178
260
214

During the power ramp, the rodlet was maintained at a high power during a short time.
The main characteristics of this ramp are given in Table 2.
Table 2. Ramp characteristics
Ramp rise rate
(W.cm–1.min–1)
100

Rodlet Pmax
(W/cm)
520

Holding time at
maximum power
1 min 30 s

F(Xe + Kr)
(%)
3.8

No failure of the rodlet occurred during the ramp and the holding time. The PCMI led to
the formation of primary and secondary ridges characterised by diameter measurements (Figure 1).
The accumulation of volatile isotopes (131I, 132 Te, 137Cs …) in front of the pellet chamfers was
detected by gamma scanning at the end of the irradiation.
Figure 1. Schematic view of the rodlet with gamma scanning and diameter measurements

Sample preparation
A 50-mm long slice was cut from the rodlet after the power ramp. This slice is labelled 1-2 in
Figure 1. It was shipped from Saclay to the Cadarache centre. It was then measured by gamma scanning
in order to check the pellet position. A 15-mm sample was cut at the top of the initial slice. This sample
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was then cut along its axis and polished so that the dishing and chamfer could be observed. The
remaining of the initial slice had its fuel removed and its cladding was gamma scanned in order to
identify some deposits on the inner surface. Figure 2 summarises the preparation of these samples.
Figure 2. Schematic drawing of the sample preparation
Gamma scanning

SIMS-EPMA-SEM

De-fuelling

Gamma scanning

Release of volatile FPs out of the UO2 ceramic
An optical macrography of the polished sample is presented in Figure 3. In the centre of the
figure, the previous position of the dishing, which was almost totally filled during the ramp, can be
visualised as a black straight line. At the two ends of this line, the chamfers are recognisable as small
black triangles. The cracking pattern derives from the thermal gradients, which took place in the pellet
during the progress of the ramp. This cracking locally induced some fuel removal during preparation,
which appears as black areas on the photo.
Figure 3. Optical macroscopy of the sample

In order to characterise their behaviour as function of the thermal gradient, the concentration of
some volatile FPs was measured along a radius of the UO2 pellet. This radius is located approximately
at the pellet mid-height where the gradient was the largest. The xenon profile was measured with
EPMA along with the neodymium profile so as to highlight the xenon migration. The caesium
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Figure 4. EPMA quantitative concentration profile of xenon and neodymium (a) and SIMS
profile of iodine and tellurium measured along the purple radius shown in Figure 3 (b)
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measurement was unsuccessful because caesium moved on the sample surface during the preparation
and the examination. Iodine and tellurium were measured with SIMS. The SIMS results are given in
arbitrary units because no suitable standard was available.
Neodymium is usually considered as a non-volatile FP and its concentration profile is equal to the
creation profile. The xenon and neodymium profiles were fitted such that the two curves are
superimposed when the xenon concentration is equal to its creation value. The xenon concentration
measured by EPMA decreases at mid-radius to nearly zero in the pellet centre. Xenon is known to be
badly detected by EPMA when it forms bubbles with a size bigger than a few tenths of micron [3].
The decrease of xenon must then be understood not as a xenon depletion but as a xenon precipitation
in bubbles associated with some xenon release. The measured fraction of released gas is indeed only
3.8%, which is not consistent with a total xenon depletion in the pellet centre. This interpretation is
consistent with the fuel microstructure observed by SEM in Figure 5. The fuel microstructure is
comparable to the fabrication one at the pellet edge. Some small intergranular bubbles are observed at
mid-radius. In the pellet centre big intergranular bubbles and intragranular bubbles are evidenced.
The formation of bubbles is indeed correlated to the lack of detection of xenon with EPMA.
Figure 5. SEM images of the fuel microstructure at the pellet
edge (left), at mid-radius (centre) and in the pellet centre (right)

10 µm

10 µm

10 µm

Xenon precipitation is the consequence of the temperature reached in the pellet during the ramp at
the cracking pattern observed in Figure 3. Two different areas can then be defined: a central area where
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the temperature is high enough to enable the gas precipitation and potential release during the holding
time at maximum power, and a peripheral area where the temperature is lower which prevents the gas
from precipitating.
In Figure 4, the iodine and tellurium profiles exhibit a decrease from mid-radius to the centre.
This evolution must be understood as a decrease of the quantity of iodine and tellurium contained in
the UO2 ceramic, because the measurement was performed on a dense area after sputtering of a surface
layer in order to remove any volatile contribution. This grain depletion of iodine and tellurium in the
pellet centre can also be correlated to the high temperature that occurred in the pellet centre during the
ramp. In any case, their release mechanism is not necessarily the same that of fission gases. In order to
better characterise their release mechanism, SIMS imaging of iodine, tellurium, caesium and uranium
was performed at a scale that allows to see if the repartition of these volatile FPs is correlated to the
bubbles’ repartition. The images were obtained at five different positions: 0, 1 300, 1 700, 2 200 and
3 900 Pm from the pellet edge (Figure 6). As was done for the iodine and tellurium profiles given in
Figure 4, the images were obtained on a dense area after sputtering of a surface layer in order to remove
any volatile contribution.
At the pellet edge, the images are similar for the four isotopes. The contrast here is only due to the
different crystalline orientations of the UO2 grains, which results in different detection yields for all
isotopes from one grain to the next [4]. All isotopes are homogenously distributed in the UO2 grains,
which is consistent with the low temperature in this area during the ramp.
In the pellet centre (3 900 Pm from the pellet edge), the images of the volatile FPs are similar but
different from that of uranium. The UO2 grains are observed on the uranium image with some small
dots on the grain boundaries, which likely correspond to the bubbles observed in Figure 5. The volatile
FPs are all located in small precipitates associated with the bubbles either intra- or intergranular. The
temperature in the pellet centre during the ramp is indeed high enough such that all insoluble FPs are
released out of the UO2 crystalline structure.
Between these positions the distribution of the volatile FPs is different and reveals different
release mechanisms.
No iodine migration is observed at 1 300 Pm from the pellet edge. Iodine starts to form intergranular
precipitates at pellet mid-radius. Small intragranular precipitates are formed at 2 200 Pm from the
pellet edge. In the pellet centre the UO2 crystalline structure is totally iodine depleted. This iodine
behaviour is very similar to the behaviour of the fission gases, and iodine precipitation occurs at the
same position as xenon precipitation. Iodine is likely released along with the fission gases.
The behaviour of caesium is clearly different from that of iodine because caesium uniformly
covers the grain boundaries at 1 300, 1 700 and 2 200 Pm from the pellet edge. Moreover, caesium
migration on the grain boundaries is observed at 1 300 Pm from the pellet edge where no change of
the fuel microstructure is visible, i.e. under conditions where no gas precipitation in the bubbles is
activated. Because no porosity is associated to caesium migration on the grain boundaries, caesium is
not in a gaseous state during the ramp, but more likely in a caesium-rich solid phase. The release
mechanism of caesium could be seen as solid-state diffusion on the grain boundaries up to free
surfaces where volatile species could be formed.
The behaviour of tellurium is more complex, with nearly homogenous coverage of the grain
boundaries at 1 700 Pm from the pellet edge and only precipitates at 2 200 and 3 900 Pm from the
pellet edge. This behaviour seems intermediate between iodine and caesium and would require a more
detailed analysis as a function of the temperature to be totally understood.
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Figure 6. SIMS images of 129I– (left top), 137Cs+ (right top), 238U16O+
(left bottom) and 130Te– (right bottom) taken at five positions on the
pellet radius, from which the profiles of Figure 4 were also obtained
The images with positive ions (Cs+, UO+) are obtained under the same data acquisition conditions but a different tuning is
needed for negative ions (I– and Te–) which explains some small mismatches between positive and negative ion images.
1 300 Pm from the pellet edge

Pellet edge

129 -

238

I

137

U16O

130

Cs

Te–

1 700 Pm from the pellet edge

2 200 Pm from the pellet edge

3 900 Pm from the pellet edge
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Migration of released FPs
The results presented above clearly demonstrate that the volatile fission products are released out
of the UO2 ceramic with different mechanisms. In this section we aim at studying the migration of the
released FPs. This question cannot be easily addressed with the microanalysis methods that were used
previously, as the volatile FPs form volatile species which are moved during the sample preparation,
especially polishing. Thus iodine, caesium and tellurium have been detected in the pores and the
cracks of the fuel but it is not possible to state if the PFs migrated there during the power ramp or
during the sample preparation. In order to tackle this difficulty gamma scanning will first be used.
Caesium migration gamma scanning
In-pile gamma scanning evidenced the accumulation of volatile FPs at inter-pellets. This point
was confirmed with the gamma scanning performed on the studied slice [Figure 7(a)]. The 154Eu signal
has a flat level with a regularly spaced decrease, associated with the pellet dishings and chamfers. At the
chamfer position, the 137Cs signal is higher, indicating an axial movement from the inner part of the
pellet towards its end. In order to better characterise this mobile caesium, the fuel rod slice had its fuel
removed and the remaining cladding was gamma scanned [Figure 7(b)]. The caesium signal is not zero
and evidences some caesium accumulation at the chamfer position and at the position of the pellet
mid-height. However this caesium accumulation is not due to the existence of volatile caesium species,
but to the existence of UO2 fuel stuck to the cladding as demonstrated by the 154Eu signal, which is
proportional to that of caesium within the accuracy of the measurement.
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Figure 7. Gamma scanning of the fuel rod slice before (a) and after (b) defuelling
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Thus the accumulation of caesium in front of the chamfer position does not correspond to some
volatile species stuck to the inner surface of the cladding. This is confirmed when comparing on the
same intensity scale the caesium gamma signal before and after defuelling (Figure 8). The caesium
gamma signal at inter-pellets before defuelling evidences a caesium accumulation whose absolute
intensity is much bigger than the intensity of the remaining gamma signal after defuelling.
Deposit analysis
In order to find out where the caesium which engenders this accumulation at inter-pellets was
located, a detailed SEM analysis of the area around the chamfer was performed on the polished sample.
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Figure 8. Caesium gamma signal before and after defuelling. The scale of the
two curves is adapted to allow a better comparison of the caesium accumulation.
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A deposit was evidenced between the fuel ceramic and the cladding [Figure 9(a)]. However the
analysis of this deposit was complicated because it turned out to be unstable under the electron beam.
That is why EPMA measurement was not possible on this deposit and why only a few SEM images
are available. Then the fuel-to-clad gap was also examined and some deposit was also observed near
merging cracks in the fuel [Figure 9(b)]. The position of the deposit is not exactly in front of the crack
but slightly underneath.
Figure 9. SEM images of deposit near the chamfer (a) and in the fuel-to-clad gap (b)
The cladding is on the left side of the photo and the UO2 fuel on the right side.
The bright details on photo (b) are due to polishing debris put on the deposit.

(a)

(b)

Crack

Deposit

Chamfer

Although this deposit was very sensitive to electron beam, some SIMS imaging has been possible
and is presented in Figure 10.
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Figure 10. SIMS images of uranium, iodine, caesium
and tellurium in the void volume in front of the chamfer
A deposit is visible on the iodine and caesium images. The inner surface of the
cladding is visible on the uranium image because of polishing debris that got stuck to it.
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In Figure 10, iodine and caesium are found in a deposit located around the chamfer. However
these images cannot be used to determine its chemical composition because the secondary ion yields
of caesium and iodine are unknown. Thus even with a bright SIMS image, the concentration of iodine
can be low. Moreover, most of iodine is located on the inner surface of the cladding where it forms small
precipitates. The tellurium image also evidences an accumulation on the inner surface of the cladding.
The fuel-to-clad gap was then explored to detect other iodine precipitates. Figure 11 presents the
EPMA and SIMS images performed on an area where the local iodine concentration was sufficient to
detect it with EPMA. A crack in the UO2 ceramic can be seen on the EPMA images. In front of this
crack, some UO2 grains are adhesive on the oxidation layer of the cladding (UO SIMS image). Iodine
precipitates are located at the position of the internal oxidation layer but it is difficult to state if they are
in contact with the cladding. The chemical composition of these precipitates is also difficult to determine
for two reasons. First, they lie below the polished surface, inducing some shadowing. Second, they can
be considered as small dots with a high iodine content embedded in a caesium-containing surrounding
so that it cannot be stated if they are CsI precipitates or other iodine-containing precipitates.
Caesium and iodine are thus observed in the fuel-to-clad gap localised in front of the chamfers
and in front of the cracks. They consist either of some deposit, not adhesive to the inner part of the
cladding, or in small precipitates stuck to the cladding but in too low a quantity to be detected with
gamma scanning.
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Figure 11. 100 u 100 Pm2 SIMS images of 129I–, 137Cs+, 90Zr+ and 238U16O+ and 66 u 66 Pm2
EPMA images of iodine and caesium taken in the same area of the pellet-to-clad gap
For experimental reasons the SIMS and EPMA images are mirror images. The cladding is in the bottom
(Zr SIMS image) and the UO2 ceramic in the top (UO SIMS image). The oxidation layer appears as a lack of
zirconium on the Zr SIMS image because it was partially removed and exists only beneath the polishing surface.

I (EPMA)

129

90

Cs (EPMA)

I (SIMS)

137

Zr (SIMS)

238

Cs (SIMS)

U16O (SIMS)

250

Discussion
The original results presented in this paper provide new data on the distribution of volatile fission
products after a power ramp. Before discussing them, one must keep in mind that this distribution
results not only from the power ramp but also from the three-cycle irradiation, the sample preparation
and the contact of the sample with air. Taking all of this into account, the behaviour of iodine and
caesium during the ramp can then be discussed.
Iodine
Iodine is likely to behave as a gaseous phase in bubbles in the UO2 ceramic. As a consequence its
release mechanism should be similar to that of fission gases. This is consistent with the results of
Peehs [5]. Its chemical form depends on the local thermodynamic conditions, which take place in the
bubbles.
The existence of iodine in pores and cracks could be associated with the solidification of the gaseous
phase after the power ramp. Like fission gases, iodine would indeed have been released from the inner
part of the pellet during the ramp. The released gaseous phase would then have migrated to the colder
part of the rodlet through the cracks and could have been solidified there, when the temperature
decreased. It is noteworthy that, despite the short holding time at maximum power, some iodine could
reach the fuel-to-clad gap in merging fuel cracks or in the chamfer, as shown in Figures 10 and 11.
The quantity of iodine reaching the cladding cannot be estimated with SIMS. In any case, the
existence of the bright precipitates observed with SIMS and EPMA proves the existence of an area
with a high local iodine concentration in the vicinity of the cladding. Using EPMA data, the quantity
of iodine in one precipitate is estimated to be of the order of a tenth of picogramme. Depending on the
chemical form of this iodine during the ramp and on the volume it can attain, the estimated quantity of
iodine contained in the precipitates of Figure 11 could lead to some stress corrosion [6].
However the origin of these iodine-enriched precipitates is still unclear considering their location
in the inner oxidation layer of the cladding as shown in Figure 11. Two hypotheses are possible: either
they result from the iodine migration from the pellet centre towards the cladding and subsequent
precipitation, or they result from the precipitation of the iodine implanted in the inner oxidation layer
during the three-cycle irradiation. Further examination on un-ramped samples is required to answer
this question.
Caesium
At intermediate position, from 1 300 to 2 200 Pm from the pellet edge in Figure 6, which
underwent temperatures ranging from 1 400 to 1 800qC during the holding time at maximum power,
caesium is likely to form a caesium-enriched solid phase on the grain boundaries, which could be
caesium uranate for example. However this compound is not stable at higher temperatures in the pellet
centre because all the caesium is then localised in precipitates. The chemical form of caesium in this
precipitate could be CsI, but the quantity of iodine is much less than that of caesium. Other compounds
with tellurium or molybdenum, which are also present in the bubbles in the pellet centre, could be
possible [7].
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The release of caesium depends on its physical state in the fuel and hence on the temperature.
At high temperature caesium is likely in a gaseous state because it is located in the bubbles like the
other volatile FPs. Its release mechanism could then be similar to that of fission gases but would occur
at higher temperature, which is consistent with [5].
The gamma scanning clearly demonstrated that the major part of the caesium, which left the UO2
crystalline structure, is not adhesive to the inner surface of the cladding. Of course, some small caesium
precipitates could exist on the inner cladding but their quantity is not sufficient to allow their detection
with gamma scanning.
Conclusion
In this paper, new results using the combination of SEM, EPMA and SIMS analysis, on the
characterisation of volatile fission after a power ramp are presented. They provide some new and
valuable information. The distribution of iodine, tellurium and caesium in the UO2 ceramics was
characterised. The gaseous behaviour of the released iodine was confirmed. The existence of iodine
precipitates on the inner cladding was demonstrated. These results are consistent with the iodine stress
corrosion mechanism proposed in the literature.
However, further study is required for a better characterisation of the volatile fission products
which left the UO2 ceramics.
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TESTING AND MODELLING IODINE-INDUCED STRESS
CORROSION CRACKING IN STRESS-RELIEVED ZIRCALOY-4
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Abstract
The I-SCC behaviour of SR zircaloy-4 was investigated by means of internal pressurisation tests in both
inert and gaseous iodine environments. I-SCC susceptibility was derived from internal pressurisation
tests on smooth specimens on both un-irradiated and neutron-irradiated tube claddings. Crack propagation
rates were obtained from internal pressurisation tests on pre-cracked un-irradiated tube claddings.
Particular attention was paid to the influence of temperature on both I-SCC susceptibility and crack
propagation rates. The results of these tests were used for the development of a phenomenological
model. This model describes I-SCC in three successive phases, i.e. (i) initiation by rupture of zirconia,
(ii) propagation of a subcritical crack under KI/I-SCC, and (iii) propagation of a critical crack once KI/I-SCC
is reached. The originality of this model lies in the integration of the influence of the temperature in
the subcritical crack propagation phase.
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Introduction
The first fractures induced by pellet-cladding interactions (PCI) were observed during the 1960s
in boiling water reactors (BWRs) and CANDU-type reactors. With the development of barrier cladding
using an inner layer of pure zirconium in BWR design in the 80s, PCI has since received little attention,
except for power transient conditions in pressurised water reactors (PWRs). Indeed, it is well known that
cladding failure by iodine-induced stress corrosion cracking (I-SCC) may occur under PCI conditions
during power transients in PWRs. Under PCI conditions, I-SCC then results from the synergic effect
of (i) the hoop tensile stress and strain imposed on the cladding by fuel thermal expansions during
power transients and (ii) corrosion by iodine released from the UO2 fuel as a fission product.
CEA has been involved for decades in experimental analytical studies in order to understand and
avoid I-SCC in PWRs [1-5] as well as in the development of predicting codes [6]. The aim of this
paper is to describe both the experimental and modelling approaches used at CEA for the description of
I-SCC of stress-relieved (SR) zircaloy-4 tube cladding. The I-SCC model is developed for implantation
as a post-processing FORTRAN module in finite-elements (FE) codes for PCI predictions, such as
TOUTATIS [7] and METEOR [8], also developed at CEA. FE computations are then used to predict
power ramp tests performed in the OSIRIS MTR [9]. This implantation is beyond the scope of this
paper and will not be described here.
Experimental procedure and results are first described in this paper. On the basis of the results,
the different features of the model are detailed. Future experimental work and refinements of the
model are then discussed.
Experimental procedure
The material of this study was SR low-tin zircaloy-4 that is commonly used for fuel claddings in
PWRs. The chemical composition of this material is given in Table 1. Both un-irradiated zircaloy-4
cladding and neutron-irradiated zircaloy-4 cladding up to two PWR cycles were investigated.
Table 1. Chemical composition of zircaloy-4 (in wt.%)
Zr
Bal.

Sn
1.3

Fe
0.22

Cr
0.12

0
0.130

The experimental I-SCC database was built by means of internal pressurisation tests in both inert
and iodine vapour environments on tubular industrial cladding. Approximately 60 mg of iodine was
introduced inside each specimen before pressurisation, giving an iodine surface concentration close to
1.5 mg.cm–2. I-SCC susceptibility was investigated by means of internal pressurisation tests on smooth
specimens in the temperature range 350qC to 488qC. Internal pressurisation tests on smooth specimens
were performed on both un-irradiated and neutron-irradiated cladding, allowing the determination of
the influence of neutron irradiation on I-SCC susceptibility.
Internal pressurisation tests were also performed on pre-cracked un-irradiated specimens.
Pre-cracking of the inner surface was achieved by corrosion fatigue in an iodine-methanol solution at
room temperature. A photograph of the experimental corrosion fatigue pre-cracking set-up is given in
Figure 1. The complete procedure for fatigue pre-cracking is given in [10]. Crack growth rate data
were derived from internal pressurisation tests conducted on pre-cracked claddings. Fractographic
examination was performed on each specimen following an internal pressurisation test in a JEOL 5004
scanning electron microscope.
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Figure 1. Corrosion fatigue pre-cracking experimental set-up

Results
I-SCC susceptibility
The evolution of the time to failure as a function of the hoop stress in the temperature range
350qC to 488qC for un-irradiated zircaloy-4 in both inert and iodine environments is given in Figure 2.
The increase of temperature leads to a significant decrease in the time to failure for a given hoop
stress. This effect of temperature can be correlated with creep damage. At all temperatures, the iodine
environment leads to an important decrease in the time to failure for a given hoop stress. As shown in
Figure 3, this decrease in the time to failure in an iodine environment is associated with a brittle mode
of failure. Interestingly, the I-SCC susceptibility of zircaloy-4 seems to decrease with an increase in
temperature, suggesting that creep damage becomes dominant at high temperature.
In Figure 4, the evolution of the time to failure as a function of the hoop stress for un-irradiated
and neutron-irradiated (one and two PWR cycles) zircaloy-4 at 350qC is presented. Neutron irradiation
is shown to lead to an important increase in the I-SCC susceptibility. As expected, neutron irradiation
is also shown to significantly increase the time to failure under an inert atmosphere for a given hoop
stress.
Figure 2. Influence of temperature on the evolution of the time to failure
as a function of the applied hoop stress during internal pressurisation tests
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Figure 3. SEM micrographs showing (a) the transition from SCC to
transgranular ductile failure and (b) detail of (a) showing TG and IG cracking

(b)

(a)

Figure 4. Evolution of the time to failure as a function of the applied
hoop stress during internal pressurisation tests on smooth specimens

I-SCC growth rate
The evolution of crack growth rate as a function of the initial applied stress intensity factor at 380qC
is given in Figure 5. Additional data points at 350qC and 420qC are added to this figure. The results
suggest the existence of threshold stress intensity factor value for I-SCC propagation, KI/I-SCC, around
4.2 MPam. For K value exceeding 6 MPam, crack growth seems to reach a plateau regime where
the crack growth is nearly independent of K. The results obtained at different temperatures suggest that
the plateau regime is independent of the temperature.
Modelling
The model presented here is based on the initial work of Delette [6]. In this model, the iodine
concentration is assumed to be constant at the crack tip and important enough for crack advance by
SCC. The main refinement of this model is the description of the effect of temperature on I-SCC. This
model describes I-SCC in three successive phases, i.e. (i) initiation by rupture of the zirconia,
(ii) propagation of a subcritical crack under KI/I-SCC, and (iii) propagation of a critical crack once KI/I-SCC is
reached. The final ductile failure by extensive shearing (plastic instability) often observed in laboratory
studies is neglected in the model.
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Figure 5. Evolution of the stress corrosion crack growth rate as a function of the applied
stress intensity factor during internal pressurisation tests on pre-cracked specimens

In the following sections, the crack initiation phase, the critical crack propagation phase and the
subcritical propagation phase of the model are described successively.
Phase 1: Crack initiation
As already mentioned above, both (i) the rupture of the protective layer of zirconia and (ii) obviously
a positive tensile stress are considered to be necessary conditions for crack initiation in the model.
The necessary condition on the rupture of the zirconia is conservative since SCC is a local corrosion
phenomenon and such event will localise the corrosive effect of iodine.
Assuming that (i) the total tangential strain in the zirconia is equal to the total tangential strain at
the inner wall of the cladding, that (ii) zirconia is a fully elastic material, and that (iii) the contributions
of axial and radial directions on the tangential elastic behaviour of zirconia can be neglected, one can
write:
VZ

EZ  H Z

EZ  H

(1)

where VZ is the tangential stress in the zirconia, EZ the Young’s Modulus of the zirconia, HZ the total
(elastic) tangential strain in the zirconia and H the total tangential strain at the inner surface of the
cladding. Finally, assuming a fully elastic behaviour in traction for the layer of zirconia, one can
derive the following failure criterion:
VZ ! V0

(2)

where V0 is the failure stress in traction. This criterion is obviously equivalent to the following criterion:
H ! H0

V0
EZ

(3)

This criterion has been applied as post-processing of FE simulations of the internal pressurisation
tests presented in the experimental section. The FE simulations were performed with CAST3M
(CEA’s FE code) in axisymetric 2-D using the viscoplastic law identified by Soniak, et al. [11] for
neutron-irradiated and un-irradiated zircaloy-4 at 350qC in the stress range between 300 MPa and
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500 MPa, and in a H0 range between 0.5% and 1.2%. As shown in Figure 6, the results obtained for
stress ranging from 300 MPa to 500 MPa on un-irradiated materials show that the criterion defined in
Eq. (3) can be used for the rupture of zirconia at 350qC for all H0 values. In order to be consistent with
previous work by Fandeur [5] and assuming V0 = 2 000 MPa and EZ = 200 GPa, an H0 value of 1% was
used in the model for un-irradiated material.
Figure 6. Comparison between the time required to reach H = 1.2%, 1%, 0.8% and
0.5% for several applied hoop stresses and the time to failure for un-irradiated
Zy-4 during internal pressurisation tests on smooth specimens at 350qC

In contrast, as shown in Figure 7, the results obtained on irradiated materials demonstrate that the
criterion defined in Eq. (3) cannot be used. Indeed, the strain to failure observed for irradiated
zircaloy-4 at 350qC can be significantly lower than the lowest H0 value, 0.5%. As a consequence, no
criterion on the rupture of zirconia was applied in the model for irradiated zircaloy-4.
Figure 7. Comparison between the time required to reach H = 1.2%, 1%, 0.8% and
0.5% for several applied hoop stresses and the time to failure for irradiated
Zy-4 during internal pressurisation tests on smooth specimens at 350qC
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Phase 3: Critical crack propagation
As shown in Figure 5, internal pressurisation tests carried-out on pre-cracked cladding tubes at
different temperatures suggest that (i) critical crack propagation is independent of the temperature and
that (ii) propagation occurs above a threshold stress intensity factor KI/I-SCC. The critical propagation
phase was described by the following relation:
a C 1  D K  K I I  SCC

(4)

where a is the crack depth, K the stress intensity factor of the crack and C and D are the model’s
parameters to be identified. This equation is close to the general following formalism widely used in
B
Elastic Fracture Mechanics: a A  K  K I I  SCC .
The stress intensity factor K is evaluated with the following formula by [12]:
K

D a ,2b  V  S  a

(5)

where 2b is the crack length, D the crack shape coefficient, and V the applied hoop stress. In the
experimental section, the pre-crack shape coefficient D and the subsequent initial stress intensity factor
has been evaluated post-mortem by [13]. For the sake of simplicity, the model was built with a single
and constant D value. In order to determine this D value, the initial stress intensity factor determined
experimentally for a given pressure was compared with calculated stress intensity factors with D
values ranging from 0.9 to 1.2. The results of this comparison are given in Figure 8.
Figure 8. Comparison between the stress intensity factors calculated for different
shape factors and stress intensity factors derived from experimental observations

The I-SCC propagation model was then integrated by a Runge-Kutta method to model the results
presented in Figure 5. As shown in Figure 9, the following parameters well describe experimental
results obtained for un-irradiated zircaloy-4.
D = 1, KI/I-SCC = 4.2 MPam, C = 110–10 m.s–1, D = 5500 (Mpa.m)–1

(6)

Since no results were available for critical crack propagation in irradiated zircaloy-4, identical
parameters were used to describe the I-SCC propagation phase of irradiated and un-irradiated materials.
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Figure 9. Comparison between calculated propagation rate and
experimental data for different initial stress intensity factors

Phase 2: Subcritical crack propagation
In the model, the subcritical crack propagation phase corresponds to the growth of a crack until it
reaches a critical depth related to the threshold stress intensity factor for critical propagation. The time
corresponding to the subcritical crack propagation phase, tsub, is given by:
t sub

t R  t Z  t propa

(7)

where tR is the experimental time to failure during internal pressurisation test on smooth specimens,
tZ is the time required to rupture the inner layer of zirconia (tZ = 0 on irradiated material) and tpropa is
the time corresponding to the critical propagation phase.
As mentioned in the previous section, the critical propagation phase does not depend on the
temperature. In contrast, the subcritical propagation phase can be described by the following relation:
(8)

Q

t sub

Ae T  V B

Obviously, the I-SCC critical propagation threshold KI/I-SCC defines a critical depth aSCC given by:
a SCC

1 § K I I  SCC ·
¨
¸
S ¨© D  V ¸¹

2

(9)

Assuming that during the I-SCC subcritical propagation phase the instantaneous growth rate is equal
a SCC
to the mean growth rate, one can write: a
.
t sub
Fitting the results of the internal pressurisation tests presented in the experimental section with
Eqs. (7) to (9) leads to the following sets of data for un-irradiated and irradiated zircaloy-4:

260

Q = 20 240 K, A = 6.441049, B = -7 for un-irradiated zircaloy-4

(10)

Q = 20 240 K, A = 97.562, B = -1.5 for irradiated zircaloy-4

(11)

It should be noted here that (i) these data sets are obtained for stress unit in Pascal and time unit
in seconds, and that (ii) the same set of data is considered for irradiated zircaloy-4 at all fluences. The
complete I-SCC model integrating Phases 1 to 3 (initiation, subcritical crack propagation and critical
crack propagation) has been integrated by a Runge-Kutta method to model internal pressurisation tests
performed on smooth specimens and presented in Figures 2 and 4 for un-irradiated and irradiated
materials, respectively. Results of this model are presented in Figure 10 for un-irradiated materials and
Figure 11 for irradiated material.
Figure 10. Comparison between model prediction and experimental data obtained by
internal pressurisation tests on un-irradiated smooth specimens at various temperatures

Figure 11. Comparison between model prediction and experimental data obtained
by internal pressurisation tests on irradiated smooth specimens at 350qC
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Future work
The I-SCC model presented above is based on the results of internal pressurisation tests. During
such internal pressurisation tests, the stress on the inner surface of the tube cladding is imposed by the
applied pressure while strain may vary. In contrast, during power ramps, swelling of the pellet results
in the imposition of a strain to the cladding while stress may change by relaxation. Future work on
I-SCC at CEA would be focused (i) on the building of a new database from relaxation tests in order to
better simulate the particular loading mode of the cladding during power ramps and (ii) the refinement
of the present model to take into account this loading mode.
Conclusions
I-SCC was studied by means of internal pressurisation tests on both smooth and corrosion fatigue
pre-cracked tube cladding for irradiated and un-irradiated zircaloy-4. A phenomenological I-SCC model
was derived from these results. The originality of this model lies in the integration of the influence of
temperature in the subcritical crack propagation.
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OBSERVATION OF A PELLET-CLADDING BONDING LAYER IN HIGH-POWER FUEL
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Belgian Nuclear Research Centre SCKxCEN, Belgium

Abstract
This paper reports on a detailed electron probe micro-analysis investigation of duplex bonding layers
observed at the fuel-cladding interface of PWR fuel rods that were subjected to high linear powers
(220-320 W/cm). The various phases encountered, from the cladding inward, were identified as Zr,
ZrO2, Zr-Cs-O, U-Cs-O and UO2. Caesium concentrations as high as 6-7 at.% were observed in the
Zr-Cs-O layer and concentrations of about 3 at.% are found in the U-Cs-O layer. High concentrations
of Cs were also found on the grain boundaries of the UO2 fuel, up to several hundred microns into the
fuel. The good bonding between cladding and fuel has as a result that the cold gap runs through the
fuel, with the bonding layer and a thin fuel layer sticking firmly on the cladding.
In an effort to reproduce the formation of these bonding layers under laboratory conditions, sealed
zircaloy tubes, containing caesium molybdate (Cs2MoO4), were heated in a tubular furnace to
temperatures of 600-800qC. It appears that the oxygen potential plays an important role in the
formation of such bonding layers. The formation of Cs-Zr-O interaction layers could be observed at
sufficiently low oxygen potentials.
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Introduction
Fuel-cladding interaction and the formation of fuel-cladding bonding layers with specific chemical,
physical and mechanical properties are of importance regarding the evolution of thermal conductivity
as well as in the context of PCMI. It is also important in the framework of long-term storage of spent
fuel where the phases formed at the fuel-cladding boundary are considered to be the first to be leached
in case of cladding failure.
Inner surface cladding oxidation and subsequent mechanical bonding between the fuel pellet and the
cladding are well-known phenomena of high burn-up and high duty fuels but the chemical composition
and formation conditions of the complex bonding layers are much less documented. In this study,
we report on the detailed observation of caesium-rich phases in pellet-cladding bonding layers of
zircaloy-clad high duty LWR fuels. Some straightforward laboratory experiments complement the
fuel observations and allow confirming that the formation mechanisms proposed on the basis of
thermodynamic considerations apply even though the fuel-clad interface system is never at equilibrium.
Experimental
Fuel samples
The observation of fuel-clad bonding and the formation of multi-layer bonding layers are typical for
high-duty fuels. The case study presented here is taken from old fuel samples that were re-investigated
in the framework of long-term intermediate storage of nuclear fuel. Samples were taken from UO2 fuel
rods (enrichment of 2.5%) that were irradiated in the Dodewaard boiling water reactor (BWR) between
1971 and 1974. The fuel rods have undergone peak powers between 220 and 320 W/cm and have
end-of-life burn-ups of around 23 GWd/tM. After unloading, the fuel rods were cut and the segments
were stored in air in sealed canisters. In 2001, the canisters were unloaded and samples were cut from
the segments in the framework of a post-irradiation examination campaign focusing on the long-term
interim storage of fuel [1,2]. Because of the irradiation characteristics of these rods, the cladding-fuel
interface was also examined closely, resulting in the observations reported below.
Sample preparation and examination
The samples have been embedded in epoxy resin and polished with diamond grinding discs of
successively finer grain size, finishing on cloth with diamond paste of 3 Pm and 1 Pm. Before mounting
the sample in the electron microscopes, the samples were coated with carbon to prevent charging.
Optical microscopy was performed on a Reichert Telatom 3 shielded optical microscope equipped
with a digital image acquisition system.
Scanning electron microscopy is performed on a shielded Jeol JSM6310 microscope equipped
with a secondary electron and backscattered electron detector.
The electron probe micro-analysis (EPMA) is performed on a shielded CAMEBAX-R microbeam,
upgraded with digital image and X-ray acquisition programs (SAMx Suite).
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Results
Optical and scanning electron microscopy
The optical micrographs of the sample, taken close to the pellet-cladding interface [Figure 1(a)],
show a duplex bonding layer. From the cladding inward, one can first observe the pure zircaloy
cladding, then the grey ZrO2 oxidation layer, followed by the darker grey bonding layer. A piece of
fuel material is adhering to this bonding layer, followed by the fuel-cladding gap.
A similar image is generated with scanning electron microscopy [Figures 1(b) and (c)], where the
use of backscattered electron imaging provides a clear view of the interaction layer on top of the ZrO2
[Figure 1(c)]. The backscattered electron image shows that the Cs-Zr-O layer has all the aspects of a
liquid or at least viscous mixture of a U-rich phase and a Zr-rich phase.
Figure 1. Optical micrograph (a) and scanning electron images (b and c) of the
pellet-cladding interface. (b) Secondary electron image and (c) backscattered electron image.
The backscattered electron image shows composition variation (Z-contrast imaging). Image (c) is taken with
backscattered electrons and shows the density distribution. The dotted lines show the boundaries of the different layers.

(a)

(b)

(c)

The interaction layer is not visible at all locations on the cladding, but it covers roughly 50% of
the fuel-cladding interface. The aspect of the layers is always identical and the bonding between the
layer and the fuel is very strong as witnessed by the fact that part of the fuel is always found to adhere
to the bonding layer, with the fuel-cladding gap inside the fuel.
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Electron probe micro-analysis
The X-ray mappings taken with the microprobe show the repartition of the elements involved in
this bonding layer, namely Zr, Cs, U and O. It is evident from the mappings in Figure 2 that the
bonding layer consists of three consecutive phases. On the cladding, we first find a thin ZrO2 layer.
On this oxide layer, a Cs-Zr-O interaction layer has formed. This layer is not completely homogeneous.
Inside it, we observe inclusions of a Cs-enriched U-O phase, similar to the material found in the first
zone. Beside the inclusions, the layer also shows some intermixing with the uranium from the fuel.
The last layer in the sequence is a Cs-rich uranium oxide layer, which forms the first zone of the fuel
adhering to the bonding layer.
Figure 2. X-ray mappings of the pellet-cladding interaction layer, showing the repartition
of (a) Zr, (b) U, (d) Cs and (e) O, as well as an SEM image (c). The three consecutive
layers ZrO2, Cs-Zr-O and Cs-U-O ase discussed in the text can be clearly discerned.
In (f) a detailed view of the Cs-enriched grain boundaries as observed in the fuel is given.
(a)

(b)

(c)

(d)

(e)

(f)

Semi-quantitative line scan data taken across the bonding layer (Figure 3) show the element
concentrations in each layer. The line scan is taken across an inclusion of Cs-enriched U-O phase
adhering to the cladding. We can distinguish the different phases present: A is the pure zircaloy
cladding, B is the ZrO2 oxidation layer, C is the Cs-U-O interaction phase and D is the Cs-Zr-O phase.
It is observed that the Cs concentration does not exceed 10 at.%.
Elevated Cs concentrations on the fuel grain boundaries are observed up to several hundreds of
microns into the fuel [Figure 2(f)].
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CLADDING LINER SURFACE EFFECTS AND PCI
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Abstract
A soft, metallurgically bonded inner layer of zirconium with small quantities of alloying elements is
used in BWR zircaloy fuel cladding as a remedy against pellet-cladding interaction (PCI) fuel failures.
The inner surface of the liner becomes significantly hardened during irradiation. Local micro-hardness
and elemental composition profiles close to the inner surface of the cladding liner have been measured
in a fuel rod subjected to power ramp testing. In addition, small incipient cracks in the hardened zone
have been detected and characterised after the ramp test. The extent of the hardening, its cause and its
impact on the initiation of PCI cracks are discussed in the paper.
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Introduction
The PCI stress corrosion cracking of zirconium cladding originate with surface flaws that determine
where a crack can initiate. One factor influencing the propensity for crack initiation is the yield strength
of the cladding inner layer. If the yield strength is low, both initiation and propagation of SCC cracks
are suppressed. This is the background to the success of zirconium liner cladding as a remedy against
PCI cracking in BWR fuel. Still, small incipient cracks can be observed in ramp-tested Zr-liner
cladding. In metallography, it is seen that these very small incipient cracks occur in a layer of the liner
closest to the fuel. Sometimes this layer can be seen in an optical or SEM microscope as it has some
property giving a weak contrast to the base material of the liner.
Sample origin
The cladding sample investigated here comes from a Westinghouse Electric Sweden AB 10 u 10
BWR rod irradiated for three years in the Swedish Barsebäck 2 reactor to a burn-up of 32 MWd/kgU.
The pellet enrichment in the rod was 4.2 wt.%, so there was only a minor amount of additional Pu
fissions at the pellet periphery due to the rim effect. The cladding with 9.62 mm OD and 8.36 mm ID
had a tin alloyed liner about 60 Pm thick. In Studsvik the rod was ramp tested, inducing a permanent
diametral change of 1.3% at the sample position on the rod. The rod did not fail in the ramp test.
Measurements
The present paper deals with an examination of two properties of the innermost layer of the
irradiated liner. First, the micro-hardness was measured as a function of distance from the inner cladding
surface. Secondly, electron probe micro-analysis (EPMA) measurements were performed to quantify
the content of recoiled fission products in the same region.
Micro-hardness
The micro-hardness measurement device of type MHT-10, mounted on a Leica MEF 4 microscope
allows indentation forces down to 1 g. As shown in Figures 1, 2 and 3 a number of indentations were
made at different distances from the liner surface facing the fuel. No measurements were made where
there was a zirconium oxide layer formed on the liner surface during the irradiation since the oxide
renders the distance from the liner surface undefined. Two different forces, 1 g and 50 g, were used for
micro-indentation. The 1 g force was used for all the indentations close to the surface, while both 1 g
and 50 g indentations were performed in the interior of the liner so as to confirm the accuracy of the
1 g measurements.
When plotted versus distance from the inner surface of the liner the hardness values give the
diagram found in Figure 4. The data close to the inner surface show quite a large spread, due both to
the difficulty in accurately measuring such small indentations as well as uncertainty in measuring the
exact distance from the surface. However, the trend is clear.
The hardness is significantly increased in a layer about 10 Pm thick at the liner surface facing the
fuel. The depth strongly suggests that fission fragments recoiled from fissions in the fuel pellet
periphery is the cause of this hardening. In order to verify this hypothesis, the concentration profile of
fission products was measured in the liner using EPMA.
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Figure 1. Examples of indentations in the liner as well as a crack in the inner hardened layer

Figure 2. Examples of indentations in the liner as well as cracks in the inner hardened layer

Figure 3. Examples of indentations in the liner and cracks in the inner hardened layer
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Figure 4. Hardness in the liner showing a hardened layer at the inside
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Electron microprobe measurements
The elements analysed by the wavelength dispersive spectrometry (WDS) equipment on the SEM
microscope included Zr, Mo, Ru, Xe, Cs, Ce, Nd, O and U. The sum of the analysed fission products,
excluding Zr, which is the main constituent of the cladding, is shown in Figure 5 below.
Figure 5. Sum of selected fission products measured by EPMA at the inner surface of the liner
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Discussion
To evaluate the total amount of fission products that is expected in the cladding the program
ORIGEN was used to calculate the ratio of the sum of all fission products to the sum of Mo, Ru, Xe,
Cs, Ce and Nd. This ratio was found to be 1.7.
When plotted versus distance from the inner surface of the liner the total amount of fission
products obtained using the 1.7 factor gives the diagram seen in Figure 6.
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Figure 6. Total amount of fission products based on measurements of Mo, Ru, Xe, Cs, Ce and Nd
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Using the data in Figure 6 the extrapolated concentration of fission products at the inner surface is
2.5 wt.%. This value of 2.5 wt.% of fission products in the cladding closest to the fuel can be
compared to the concentration in the fuel. At a burn-up of 32 MWd/kgU corresponding to 3.4% FIMA
there should be 3 wt.% of fission products in the UO2 fuel (3.4 u 238/270). At the surface of the fuel,
however, only half of that, 1.5 wt.%, remains in the fuel, while the other half is deposited in the cladding.
As the stopping range of fission fragments is about the same, ~10 Pm, there should be the same spatial
concentration of fission products at the surface of the cladding. As the density of Zr and UO2 is
6.5 and 10.5 g/cm3 respectively, 1.5 wt.% in the fuel corresponds to 1.5 u 10.5/6.5 = 2.4 wt.% in the
liner, which is close to the 2.5 wt.% observed at the surface of the liner (see Figure 6).
The total amount of fission products deposited in the cladding can also be compared to the total
amount produced in the fuel. The fraction in the cladding turns out to be 0.13% of the total fission
product inventory in the fuel.
Assuming a 10 Pm fission fragment range in the fuel there should theoretically be a linear gradient
from full fission product concentration 10 Pm from the surface down to half of that at the fuel surface.
The theoretical fraction of fission products lost from this zone by recoils is then calculated to be 0.12%,
which compares favourably with the measured 0.13% in the cladding.
The hardness increase at the liner surface facing the fuel seems to be a linear function of the
deposited fission product concentration. The maximum depth of hardness increase and the presence
of fission products is identical, 10 Pm, which is a strong indicator that the fission products, and/or the
damage they cause in the zirconium lattice, is the reason for the increased hardness. Similar observations
have also been reported at higher burn-up [1].
Hardness is directly related to yield strength, which in general increases sensitivity to
environmentally assisted cracking like iodine stress corrosion cracking. The small incipient cracks
(Figure 3 and Figure 7) have the same depth as the hardened layer, so the unaffected liner material still
retains its ability to blunt propagating cracks.
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Figure 7. SEM image of incipient crack in the hardened layer of the liner

Although this examination was performed on a BWR liner cladding the same phenomena should
also be expected in non-liner cladding, the difference being that incipient cracks formed in the inner
layer of cladding facing the fuel in a power ramp are not blunted by the soft liner material but can
propagate further through the cladding wall.
Conclusion
Short incipient cracks have been observed near the inner surface of fuel rods with liner cladding
subjected to power ramps with significant cladding deformation. The depth of these cracks appears to
coincide with the thickness of a 10 Pm thick altered layer at the inner surface of the cladding. This
inner layer is characterised by a linear increase in hardness towards the surface. This layer is also
found to have a linear concentration profile of fission products, from a maximum at the surface and
reaching zero 10 Pm from the surface. The total amount of fission products in this layer agrees with
the fission recoil loss from the fuel pellet.
It is concluded that fission fragment recoils from the fuel causes a hardening of the inside of the
cladding, which in turn promotes the formation of incipient cracks when the cladding is subjected to
pellet-clad mechanical interaction (PCMI).
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RESULTS OF WWER HIGH BURN-UP FUEL ROD EXAMINATIONS
IN THE PROCESS OF AND AFTER THEIR TESTING IN THE
MIR REACTOR UNDER POWER CYCLING CONDITIONS

9%RXURXNLQH*'/\DGRY69/RELQ9 2YFKLQLNRY
FSUE, SSC RF RIAR, Russia
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FSUE VNIINM, Russia

Abstract
This paper describes the measurement results of WWER refabricated fuel rods’ cladding deformation
under power cycling conditions. Information concerning the results of gas release, fuel temperature
measurements and post-irradiation examinations of fuel rods is given here for one of the experiments.
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Introduction
The loop channel of the MIR reactor (FSUE, SSC RF RIAR) was used for testing of the WWER
refabricated (RFR) and spent full-size fuel rods (FSFR) with a burn-up of 50-60 MWd/kgU under
power cycling conditions. The objective of this testing was to obtain experimental data on gas release,
cladding deformation and change of fuel rod characteristics. Several experiments were performed.
The main feature of one of these experiments with two cycles was that several parameters were
measured at the same time using one fuel rod. During the other experiment, repetitive cycling was
performed and the fuel rod length and fuel temperature were measured.
Some of the testing results and detailed information concerning the design of the irradiation devices
and instrumented fuel rods were provided in the papers [1-3]. The present paper describes the basic
results of the post-irradiation examinations of the fuel rod condition in addition to the generalised
information about testing.
Testing including complex parameter measuring of the fuel rod of the WWER fuel assembly
This testing was performed in the MIR reactor at the end of 2001. SSC RF RIAR and FSUE
VNIINM specialists prepared the testing programme.
Testing conditions and main characteristics of fuel rods
The testing was performed using the loop channels of the MIR reactor. The following coolant
parameters were used:
x

Pressure –a 3 

x

Inlet temperature – ~250q 

The increase of the linear power (LP) by ~1.6 times was provided by an appropriate power
increase of the nearby operational fuel assemblies of the reactor.
During this testing all parameters of coolant, fuel rods as well as indications of the reactor ionisation
chamber and fuel rod integrity control systems were displayed and logged every minute. When the
power change occurred quickly (for example, when the control rods were dropped), the frequency of
the data logging was 10 Hz.
Six fuel rods (three refabricated and three full-size fuel rods) from the WWER spent fuel assembly
were placed into an irradiation device. Figure 1 shows the location of the fuel rods and sensors over
the cross-section of the experimental device. Length, diameter and gas pressure were measured using
the R75 refabricated fuel rod. For an estimation of the temperature of the R75 fuel rod, the fuel
temperature was measured using two similar R74 and R76 fuel rods which were located adjacent to
the R75 fuel rod (see Figure 1). The refabricated fuel rods were fabricated from the central part of
three full-size fuel rods where the burn-up was the most uniform throughout the fuel rod height. The
material of the fuel rod cladding was an Zr+1%Nb alloy, original bore in a pellet is ~1.4 mm. Some
characteristics of the fuel rods are given in the Table 1.
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Figure 1. Location of the fuel rods and sensors over the cross-section of the experimental device

Thermocouples
in coolant

LDDT of RFR R75
diameter gauge

RFR R74
SPND

Full-size fuel
rods
Thermocouples
in fuel

LDDT of RFR
R75 cladding
extensometer

RFR R76
RFR R75 instrumented with PF
Table 1. Characteristics of the WWER full-size and refabricated fuel rods
Fuel rod
type
RFR
RFR
RFR
FSFR
FSFR
FSFR

Fuel rod
number
R75
R74
R76
15
84
24

Burn-up,
:GNJ8
51
s
s
60
51
s

Core length,
mm
~400
s
s
~1 300
s
s

He pressure,
3
0.2
0.6
s
s
s
s

Sensor
)'L (CE), 'D


–
–
–

Distinctive features of fuel rod parameter change during testing
The parameter change of the fuel rod R75 during testing is shown in Figures 2 and 3.
Figure 2. Change of the maximum linear power (1) of the R75 fuel rod, fuel temperature
of the R76 fuel rod (2) and fission gas release (3) in the R75 fuel rod during testing
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Figure 3. Change of the length (1) and diameter (2) of the R75 fuel rod cladding during testing
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Fission gas release from the fuel
Fission gas release under power cycling conditions during testing is shown in Figure 2 and is
characterised by the following:
x

Fission gas releases into the fuel rod plenum just as power increases and decreases up to the
initial level after a certain maintenance at the upper level; fission gas releases mainly during
the first cycle.

x

At the upper power level after the first and second power increase fission gas release continues,
and the rate of fission gas release within ~6 hours of maintenance decreases greatly; at the
lower power level fission gas release does not occur.

x

The rate difference (at the cycle beginning and during maintenance) proves the existence of
two mechanisms of fission gas release (“burst” and “diffused” mechanism).

Changes of length and diameter of fuel rod
The change in length and diameter are shown in Figure 3. Because measuring was performed
using one fuel rod, the results can be presented in the form of parametric dependences of some
parameters; for example, Figures 4 and 5 show changes of the R75 fuel rod length and diameter as a
function of average LP (ALP) throughout the fuel rod height, and Figure 6 shows the relation between
the length and diameter changes.
Figure 4. Change of the R75 fuel rod length as a function of average LP
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Figure 5. Change of cladding diameter of the R75 fuel rod as a function of average LP
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Figure 6. Relation between the length and diameter changes under power cycling conditions
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These results evidence the following:
x

The tight fuel-cladding connection takes place at a certain linear power level and further power
increase results in axial strain of the cladding; further maintenance of the maximum power
level results in shortening of the fuel rod length.

x

The maximum elongation of the fuel rod takes place under the first power increase.

x

The maximum shortening of the fuel rod length after power increase is typical for the first cycle
and takes place as a result of creeping and stress relaxation in the cladding material and fuel.

x

Practically all residual axial strain of the cladding (it is estimated at approximately 0.08% based
on the results of measurements before the reactor comes to power and after reactor shutdown)
arises from the first cycle.

x

The residual diametrical strain of the cladding makes up approximately 0.1% after the first
cycle and preserves after the second cycle. The amplitude of the diameter change reduces
significantly in the second cycle and the diameter is changed in the elastic domain.

When the process of FR length change is analysed at the first power increase (see Figure 4) it
might be well to point out that the linear power level corresponding to the “tight” fuel connection is
around 70-80 W/cm. This LP approximately corresponds with the linear power of fuel rods at the end
of the standard fuel assembly operation (~88 W/cm). When the linear power was increased up to the
level prior to the first cycle (~180 W/cm) the length of the R75 fuel rod shortened partially during the
stable power stage in the linear power range of 150-160 W/cm.
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Results of non-destructive examinations
Before and after testing non-destructive examinations of the FRs were performed. The results of
measurements of fuel rod length and diameter, determination of gas volume and composition in the
free volume of the fuel rod are given in this section. They are compared with the results that were
obtained during testing. Gamma scanning was also performed, and the results were taken into account
in determination of FR linear power. Typical distributions of fission product activity along the FRs are
given in Figures 7 and 8.
Figure 7. Distribution of fission products along the R75 fuel rod after testing
1500

300
137
137Cs

Cs

134
134Cs

Cs

240

95
95Nb

Nb

900

180

600

120

300

60

0

Intensity, pulse/s

Intensity, pulse/s

1200

0
0
50 100 150 200 250 300 350 400
FR bottom
FR top
Coordinate, mm

Figure 8. Distribution of fission products along the 84 full-size fuel rods after testing
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Length increase of the R75 fuel rod made up ~0.35 mm (0.09%); this approximately corresponds to
the measurement results which were obtained during testing (~0.08%). Figure 9 shows profilogrammes
of the R75 fuel rod before and after testing. As shown, at the points where FR diameter changes, the
sensor comes in contact with the fuel rod and the increase of diameter is ~6-10 Pm (~0.06-0.1%). This
accords with the results of the residual diametrical strain determination during testing after two cycles
(see Figure 3).
The measured volume of the fission gas release from the fuel made up ~33.2 cm3 (under normal
conditions); this corresponds to a fission gas release of ~15%.
Thus, results of the non-destructive examinations conform to the corresponding data that were
obtained during testing.
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Figure 9. Diameter of the R75 fuel rod cladding before and after testing
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Testing under the repetitive cycling conditions
At the end of 2002, the testing of refabricated WWER fuel rods with a burn-up of 50 MWd/kgU
under repetitive power cycling conditions was performed at the MIR reactor. Specialists from SSC
RF RIAR and FSUE VNIINM developed the testing programme.
Test conditions and main characteristics of fuel rods
Testing was performed in the water loop channel of the MIR reactor under the following coolant
parameters:
x

Pressure –a 3 

x

Inlet temperature – ~280q 

Characteristics of the refabricated WWER fuel rods are given in the Table 2.
Table 2. Characteristics of the refabricated WWER fuel rods
FR number
R77
R78
R79
R80

Burn-up,
MWd/kgU
52
s
s
s

Core length,
mm
400
s
s
s

He pressure,
MPa
2.1
1.1
2.1
s

Sensor
)
'L1
'L2

The location of fuel rods and sensors throughout over the cross-section of the irradiation device is
shown in Figure 10.
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Figure 10. Location of fuel rods and sensors over the cross-section of the irradiation device
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Change peculiarities of the axial strain of the fuel rod cladding during testing
Cycling was carried out by movement of device screens from two fuel rods to the other two fuel
rods (see Figure 10).
Figure 11 shows that the curves of FR power change schematically. Two of four fuel rods were
additionally subjected to power ramping after cycling during experiment. All fuel rods preserved their
tightness.
Figure 11. Curves of LP change of the WWER FR under cycling conditions
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Figure 12 demonstrates changes in the length of fuel rods over the course of power change after
different numbers of cycles. As may be seen from the diagram, the amplitude of the axial cladding
strain decreases as the cycle number increases. As this takes place, the level of linear power increases
and it corresponds to a “tight” fuel-cladding connection.
At present, material science investigations of fuel rods are underway.
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Figure 12. Change of fuel rod length during a cycle after different preliminary cycles
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Conclusion
In conclusion it can be noted that the results of the performed experiments define the following:
x

Change of the axial and radial strain of the WWER fuel rod with a burn-up of approximately
50 MWd/kgU and fission gas release during first power cycles.

x

Change of range (amplitude and levels) of cladding axial strain depending on cycle number.

x

Linear power change, which corresponds to start of a tight fuel-cladding connection under
cycling conditions.

Experimental data can be used for the perfection of calculated codes of strained and stressed state
of fuel rods.
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Abstract
Details of the ramp testing of SBR MOX fuel from assembly M501 are presented. Two full-length
rods were irradiated for three cycles in Beznau-1 to an average burn-up of 33 MWd/kgHM. Eight
short rodlets, refabricated from the full-length rods, were tested in the Petten HFR where the rodlets
survived, without failure, ramp tests to terminal powers of 50 kW/m under PWR conditions. One rodlet
experienced a hold time of just 20 min. in order to provide data on fission gas release and swelling
under transient conditions. Post-irradiation examination of the rodlets included diameter profilometry,
rod puncture and optical ceramography.
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Introduction
BNFL commenced fabrication of MOX fuel for commercial power reactors in 1993 using a
process known as the Short Binderless Route (SBR). The first four assemblies of SBR MOX fuel were
manufactured in a pilot plant, the MOX Demonstration Facility (MDF) with a Westinghouse 14 u 14
design. These assemblies, designated M501 to M504, were irradiated for three cycles in the Beznau-1
PWR to assembly average burn-ups of 33 MWd/kgHM. In 1998, seven rods were withdrawn from
assembly M501 and sent for post-irradiation examination (PIE) at ITU Karlsruhe.
This PIE work has now been widely reported in the open literature [1-7]. Key results are
summarised below.
x

ECT measurements revealed a peak waterside oxide thickness of 30 Pm, ~2 500 mm from the
rod bottom on high-enrichment rods.

x

Profilometry showed clad creepdown along the length of the rods, with strains up to 1%.
There was close fuel-clad contact along the majority of the stack. There was no discernible
ridge pattern, except for weak primary ridges on the medium-enrichment rods.

x

Gamma scanning revealed a net stack elongation of 0.51% as a result of fuel swelling.

x

Puncture showed the rod internal pressure to be ~33 bar at measurement temperature, with a
FGR of 1% or less. The increase in internal pressure relative to the fill gas pressure was
primarily due to reduction of the free volume.

x

Ceramography revealed the microstructure to be similar to that of as-fabricated pellets. There
was an oxide thickness of up to 10 Pm on the clad bore. Grain growth of ~1 Pm was noted in
the central pellet regions. Small clusters of pores and fission product precipitates were noted
towards the outer surface of the pellets. These features are the visible signature of Pu-rich
regions resulting from the fuel fabrication process and are a consequence of high local burn-up.

x

EPMA showed that ~1% of the pellet volume was comprised of Pu-rich regions of up to
30 Pm diameter, uniformly distributed throughout the matrix. These regions were rich in
fission products.

x

Density measurements confirmed a net fuel swelling of between 1.5-2% volume.

x

Chemical burn-up measurements confirmed the accuracy of the calculated values and power
histories.

Following non-destructive examination (NDE) and rod puncture, eight short segments were cut
from mid-span positions on two full-length rods and re-fabricated for ramp testing. These rodlets were
transported to the High Flux Reactor (HFR) at Petten, where they were ramp-tested under simulated
PWR conditions. All eight rodlets survived ramp tests up to a 50-kW/m terminal power level. After
ramping the rodlets were subjected to J-scanning in the NRG hot cells then transported back to ITU
for detailed examination.
At ITU all rodlets underwent a further campaign of non-destructive examination and each rodlet
was also punctured to determine the fission gas release during the ramp test. Following puncture a
number of samples were taken for detailed destructive examination, including ceramography to obtain
additional information on MOX fuel behaviour at the high temperatures experienced during reactor
transients.
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This paper presents a detailed overview of the M501 ramp test programme, presenting the key
results from each phase of the project.
Refabrication
Eight short rodlets were refabricated from two full-length 14 u 14 fuels rods. Summary data on
the parent rods are presented in Table 1. Figure 1 shows the power history of the two rods during base
irradiation.
Table 1. Parent rods for ramp test segments
Pu enrichment
(%Pu/U+Pu)
5.54
3.72

Rod
9271 4463
9271 7612

Rod average burn-up
(MWd/kgHM)
33.7
31.2

Fission gas release
(%)
0.59
0.42

Figure 1. Power histories of parent rods during base irradiation
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Segments were cut from mid-span positions between grids 2 and 6. Figure 2 shows the axial
burn-up profile of rod 9271 4463 and where the rodlets were cut. The segments were labelled HR1
through 4 to denote those taken from the high-enrichment rod 9271 4463. MR series rodlets were
taken from rod 9271 7612 at similar positions.
Figure 2. Axial burn-up profile and rodlet location from rod 4463
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Following segment cutting the refabrication procedure is as follows:
x

Micro J-scanning to determine the position of pellet-pellet interfaces and detailed cutting.

x

Removal of 1 to 2 pellets from the lower end.

x

Cleaning and preparation of the clad bore at the lower end.

x

Insertion of an Al2O3 insulator pellet into the lower end.

x

Welding an end plug onto the bottom end.

x

Removal of 2 to 3 pellets at the top end, to give a 30-pellet fuel stack.

x

Cleaning and preparation of the clad bore at the top end.

x

Insertion of an Al2O3 insulator pellet and the plenum spring.

x

Girth welding of the top end plug.

x

Pressurisation with helium to ~23 bar.

x

Seal welding.

Figure 3 shows a drawing of rodlet HR4.
Figure 3. Rodlet HR4

Following refabrication, the integrity of the welds was verified through helium leak testing and
radiography. The rodlets then underwent pre-ramp characterisation, including length measurement,
J-scanning (to verify the stack length and condition of the fuel column) and profilometry. The
profilometry confirmed the results of the PIE examination both in terms of the degree of creepdown
and the lack of primary ridges on the high-enrichment rod.
Prior to ramp testing each rodlet was subjected to a further J scan to verify that the transport had
not damaged the fuel stack and to neutron radiography for comparison with post-ramp images.
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Irradiation
Each rodlet was ramp-tested under simulated PWR conditions of 155 bar coolant pressure. Table 2
summarises the power histories used for the tests. The conditioning power was generally held for
approximately 60 h, however, in the case of MR-2 it was slightly longer. All the rodlets were ramped
up to terminal power at a rate of 100 W/cm/min. The hold time at final power in seven of the eight
tests was 12 h. The eighth test had a hold time of only 20 min., for the specific reason of obtaining
data on fission gas release and swelling under transient conditions. Figure 4 shows the typical power
profile experienced by each rodlet. The burn-up increment during the ramp test was small, of the order
of 0.1 MWd/kgHM.
Table 2. Rodlet power histories
Conditioning
power (kW/m)
25
30
20
25
20
25
30
20

Rodlet
HR-1
HR-2
HR-3
HR-4
MR-1
MR-2
MR-3
MR-4

Terminal power
(kW/m)
40
39
50
50
40
45
44
45

Hold time at
terminal power (h)
12
12
12
12
12
12
12
0.33

Figure 4. Power history used in M501 ramp tests
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~ 10 min
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The eight tests were carried out over a period of a year from May 2001 to June 2002. No failures
were detected by coolant activity monitoring while the rodlets were in the Petten reactor. The rodlets
underwent gamma scanning and neutron radiography at Petten before being moved to ITU for
post-ramp examination. The results of the ramp tests are shown in Figures 5 and 6.
Figures 5 and 6 clearly show that the threshold for PCI failure of SBR MOX fuel is in excess of
that for conventional UO2 fuel [7]. The line indicated in Figures 5 and 6 is the PCI criterion for UO2
fuel. Similar behaviour has already been reported for other types of MOX fuels [8,9] and in general,
test results show MOX fuel is more resistant to this mode of failure.
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Figure 5. Ramp test results as a function of terminal power
35
Failed UO2
Survived UO2
Survived M501 SBR MOX
Survived Callisto SBR MOX
BNFL PCI Failure Criterion

30

Change in power (kW/m)

25

20

15

10

5

0
0

5

10

15

20

25

30

35

40

45

Conditioning power (kW/m)

Figure 6. Ramp test results as a function of burn-up
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It is well known that the creep rates of MOX pellets are higher than those of UO2 fuel [10]. It has
also been postulated that the clad bore oxide layer, which tends to be slightly thicker in MOX fuel rods
(~10 Pm in the M501 rods) also helps to protect the cladding from attack by corrosive fission products.
Both these factors would tend to reduce the impact of the stress corrosion cracking failure mechanism
on MOX fuel rods.
Post-ramp examination
Following ramp testing each rodlet was subject to neutron radiography, gross and isotopic
J-scanning, visual inspection, Eddy Current Testing (ECT) for defects, ECT oxide thickness
measurements, profilometry and rod length measurements.
Non-destructive examinations
Visual examination of the rodlets after ramping revealed little of note. ECT defect testing was
also undertaken but revealed no indication of rod failure or underlying defects, confirming the initial
results of the ramp tests from the on-line coolant activity monitoring.
The pre-ramp J scans generally revealed a flat power profile during base irradiation. Clear local
minima were also visible at pellet-pellet interfaces. Figures 7 and 8 compare the pre- and post-ramp
gross J scans for rodlets HR-1 and HR-4. Note that the pre- and post-ramp scans were performed using
different equipment and a precise quantitative comparison is not possible.
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Figure 7. Pre- and post-ramp J scans taken from rodlet HR-1, ramped to 40 kW/m
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Figure 8. Pre- and post-ramp J scans taken from rodlet HR-4, ramped to 50 kW/m
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Figures 7 and 8 show that the post-ramp J scans have taken on a parabolic shape due to the axial
power profile during the ramp test. Note that only those pellets near to the maxima in the scan actually
experience the peak powers stated in Table 2. The figures also show a reduction in definition of the
pellet-pellet interfaces, whilst particularly in Figure 8, local maxima are observed at pellet-pellet
interfaces and stack extremities due to the redistribution of volatile species such as Cs and I. The
migration of the individual species was confirmed by isotopic J scanning.
Neutron radiography showed changes in the fuel and free volume distribution of the pellets.
Figures 9 and 10 show a pellet towards the top of the fuel stack in HR-4 (25-50 kW/m), before and
after ramping.
In the pre-ramp segments, which were irradiated under prototypic PWR conditions to a local
burn-up of around 35 MWd/kgHM, the pellet dimples are clearly visible. Following ramping to
50 kW/m, there is significant closure of the pellet dimples. This results from pellet creep under the
high stress and temperatures induced by the power ramp (predicted peaks of 390 MPa and 2 500qC).
These results help to demonstrate that power ramp tests on MOX segments tend to deform the pellets
rather than the cladding, leading to an increase in the terminal power threshold before rupture. Also
noticeable in Figure 10 is a faint horizontal dark band running through the centre of the pellets in this
region that is not apparent prior to ramping.
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Figure 9. Section from neutron radiograph taken of HR-4 before ramping

Figure 10. Section from neutron radiograph taken of HR-4 after ramping

ECT oxide thickness measurements showed little change from the pre-ramp values, as expected.
However, dramatic changes were encountered during profilometry measurements. Figures 11 and 12
show the results for HR-1 (25-40 kW/m) and HR-4 (25-50 kW/m). HR-1 shows a modest change in
the rodlet diameter post-ramping. The change seen in the higher power ramp is more dramatic; a peak
strain of close to 2% was experienced.
The increase in fuel rodlet length as a result of ramping ranged from 0.05-0.21%. The stack
length also increased as a result of fuel swelling during the ramp test. The measured increases were up
to 0.63%, depending on ramp terminal power. However, some caution should be applied to these data
as the measured length changes were small and close to the limit of resolution.
Rod puncture
Each rodlet was punctured to determine the internal pressure, free volume and fission gas release
after ramp testing. Figures 13 and 14 show the free volume change and fission gas release, respectively.
Figure 13 shows that the free volume of all the rodlets increased during the ramp test. The magnitude
of the increase is broadly related to the terminal power level, although the precise magnitude of the
increase should be treated with caution as no direct measurement of free volume was made during
refabrication. The increase in free volume is primarily due to plastic strain of the cladding during the
test, followed by opening of the fuel-clad gap on cool-down at the end of the terminal power hold.
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Figure 11. Pre- and post-ramp profilometry measurements on rodlet HR-1
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Figure 12. Pre- and post-ramp profilometry measurements on rodlet HR-4
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Figure 13. Rodlet free volume increase following ramp testing
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Figure 14. Fission gas release from rodlets during ramp testing
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Fission gas release (FGR) varies from 2-19%, once again, broadly correlated with the terminal
power level. It is also clear from the puncture measurements that a significant volume, ~5.cc, of helium
was released from the rodlets during the ramp test. The average Xe:Kr ratio is ~16, with actual levels
of [Xe+Kr] release ranging from 4-36 cc and correlated with terminal power. However, uncertainty in
the precise amount of helium added during refabrication (due to the uncertainty in the pre-ramp free
volume) limits the accuracy of quantitative calculations.
Destructive examinations
Eight samples were prepared from five of the rodlets. This paper focuses on the three samples
listed in Table 3. These samples were subjected to optical ceramography. Additionally, SEM and
EPMA are planned, to determine the distribution of Pu and fission products. A particular feature of
the examinations is the use of longitudinal samples to obtain visual and chemical information in the
pellet-pellet interface regions.
Table 3. Samples for destructive examinations
Sample

Rodlet

CLR-1
CTR-3
CLR-8

HR-1
HR-4
MR-4

Lower cut
(mm)
203
193
235

Upper cut
(mm)
220*
203*
252*

* Marks a transverse sample.

A prediction of the radial temperature profile at each of the sample positions was found using the
BNFL fuel performance code ENIGMA-B 7.7 [10]. The profiles are shown in Figure 15 and suggest a
maximum centre temperature of ~2 500qC. It should be noted that there is little validation for pellet
temperatures of this order and the predictions should be treated as indicative.
Figure 15. Predicted radial temperature profiles at
sample positions used for destructive examinations
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Optical ceramography
Figure 16 shows ceramography results from sample CLR1, which was ramped to 41 kW/m. The
images shown are qualitatively similar to all the 12-hour hold samples examined, although the extent
of fission gas porosity, for example, depends on the terminal power level.
Figure 16. Optical ceramography of sample CLR1 (rod HR1, terminal power hold of 12 h)
The sample macrograph (a) shows the extent of dimple filling (original magnification u 20). The remaining images
are taken at an original magnification of u 500. (b) is from the edge of the fuel structure and includes the fuel-clad
gap. (c) is from a region close to the mid-radius, and (d) is from the fuel centre. Pu-rich regions are highlighted.
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Figure 16(a) is a macrograph of the sample. The pellet dimples are completely filled, as shown in
the neutron radiographs, a result of the swelling experienced by the fuel. Cracking of the fuel is both
extensive and prominent; this again suggests the high strain and stress that the fuel has been subjected
to. Figures 16(b)-(d) are micrographs of the fuel at a magnification of u 500. The outer edge of the fuel
pellet (r/r0 = 1.0, where r0 is the pellet radius) is shown in Figure 16(b). The microstructure at this
location is similar to that observed in samples after base irradiation. A continuous oxide layer was
present on the clad bore with a similar thickness to that after base irradiation. Some disruption to this
layer was noted, particularly at pellet-pellet interfaces. A gap of a40 Pm opened once the pellets were
cooled after the ramp test. This confirms the origin of the increase in free volume found during the
puncture measurements as due to opening of the fuel-clad gap.
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The form of plutonium-rich regions is seen to change along the fuel radius. In Figure 16(b), the
Pu spot near the image centre consists of a dense cluster of small gas pores and metallic fission
product precipitates, similar to observations after base irradiation. In the more central, hotter regions
of the pellet, Figures 16(c) and 16(d), the pores have coalesced to form a large central pore, leaving a
pore-free annulus of fuel. Metallic fission product precipitates have grown and coarsed away from the
spot. The transition between the two forms of Pu spots occurs in the fuel region that experienced
predicted temperatures in the range 1 500-1 800qC during terminal power hold.
In all three micrographs a substantial volume of fission gas bubbles is observed. In the central
regions of the fuel, Figure 16(d), bubbles are generally large and located at grain boundary triple points.
On moving away from the centre (and hence, down the temperature gradient), the number of smaller,
lenticular intergranular bubbles increases.
Figure 17 shows two micrographs from sample CLR8. This sample was taken from rodlet MR4,
which was held at terminal power for only 20 min. The most notable feature of these images is the
abundance of small gas bubbles as compared to Figure 16. In both Figure 17(a) and 17(b), intergranular
bubbles are seen in chains along grain boundaries.
Figure 17. Sample CLR8, ramp power held for 20 min.
(a) shows a well defined Pu-rich region close to the mid radius – spots such
as this are evident closer to the fuel centre than in the 12-hour ramp samples
(b)

(a)

50 P

50 P

Figures 16 and 17 therefore show a progression in the development of fission gas release and
swelling. Figure 16(c) shows evidence of bubble interlinkage. In Figure 16(d), after substantial FGR
and linkage has occurred the larger bubbles dominate. The degree of fission gas swelling in the
samples is clearly significant and the major contributor to permanent pellet volume change resulting
from the ramp tests.
Grain size measurements were also taken from the samples. At the pellet rim, values between
5 and 7 Pm were found, typical of the as-fabricated microstructure. Modest grain growth of between
1 and 3 Pm was determined at the pellet mid-radius. At the pellet centre, more significant equi-axed
grain growth was found, depending on terminal power level. Growth of 20 Pm was noted in the rodlets
ramped to 50 kW/m. In contrast, sample CLR-8, held at terminal power for 20 min. showed no evidence
of significant grain growth at the pellet mid-radius and only a 2 Pm increase at the pellet centre.
Sample CTR3 experienced the highest predicted centreline temperatures in this study; a macrograph
is shown in Figure 18. The central void and columnar grain formation near the centre [Figure 18(b)]
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are most reminiscent of irradiated fast reactor fuel [11] and testify to the extreme conditions experienced
by the fuel. The formation of the void explains the observed horizontal band shown in Figure 10, and
helps to explain the substantial diameter increase of the rod shown in Figure 12.
Figure 18
(a) Macrograph of sample CTR3, with a
predicted centre temperature of ~2 500qC

(b) Micrograph of CTR3, close to the central void, showing
the formation of columnar grains. Original mag. u 500.

50 P

1mm

Summary and conclusions
Eight short rodlets were refabricated from two full-length 14 u 14 fuel rods base-irradiated in
Beznau-1 to burn-ups of the order of 33 MWd/kgHM. These rodlets were ramp-tested in the Petten
HFR to terminal powers of up to 50 kW/m under PWR conditions without failure.
A comprehensive series of non-destructive examinations showed there to be little visible damage
to the rodlets as a result of the tests. However, significant fuel swelling/expansion was apparent, as
shown by neutron radiography (dimple filling), J-scanning (stack length change) and profilometry.
Rod puncture revealed an increase in rodlet free volume resulting from plastic strain of the cladding
due to the expansion of the pellets during ramping. FGR of between 2-19% was measured, depending on
terminal power and hold time. A release of helium gas was also noted, but is more difficult to quantify.
Eight samples were cut from the rodlets for destructive examinations. Macrographs confirmed the
opening of the fuel-clad gap to be responsible for the free volume increase. Optical ceramography also
revealed significant changes to the fuel microstructure during the ramp testing, consistent with the
predicted pellet temperatures. Widespread fission gas porosity was noted, particularly in rodlets HR-3
and 4, which exhibited the greatest degree of fuel swelling. Some equi-axed grain growth was found in
all samples as a result of the power ramp. In addition, in the hottest regions of HR-4 a central fuel void
and columnar grain growth were noted.
SEM examinations designed to quantify the degree of fission gas porosity present in the samples
remain to be completed. In addition, EPMA will be used to help determine the distribution of plutonium
and selected fission products within the fuel rods, noting any differences at pellet-pellet interfaces.
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A number of ramp test programmes have now investigated the behaviour of different types of
MOX fuel under transient conditions. These tests have shown that the failure threshold for MOX fuel
is higher than that of UO2 fuel of equivalent burn-up. In conclusion, it is suggested that the conventional
mechanism of pellet-clad interaction failure is not limiting in MOX fuel. The response of MOX fuel to
transients is still of interest, but from the perspectives of fuel swelling and fission gas/helium release,
rather than stress corrosion cracking failure of the cladding.
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Abstract
The will of EDF utility to upgrade the economics of its nuclear plants leads both to the extension of
the discharge burn-up of fuel rods and to the elimination of PCI constraints. To this purpose, the abilities
of large grain size microstructure obtained with chromium oxide doping are investigated within
the framework of the CONCERTO programme, which involves the CEA research laboratories,
FRAMATOME ANP and EDF. Different types of the fuel microstructures consistent with fission gas
retention and plasticity enhancement have been studied in order to optimise the fuel manufacturing
process while achieving the characteristics required. Subsequent to mechanical out-of-pile testing, the
performances of different doped UO2 fuels were verified under PWR conditions. Two segments
loaded with Cr2O3-doped UO2 fuel and pre-irradiated in PWR were submitted to high power variation
conditions in the experimental reactor OSIRIS. The good PCI behaviour of the rods has been confirmed,
since no cladding damage was observed after the ramp tests. A complete analysis of post-ramp
examinations was conducted to understand the thermo-mechanical behaviour of this new fuel
microstructure. It concludes that the benefits seem to be linked to the fuel viscoplasticity enhancement
and to the favourable crack pattern in the pellet, which is expected to decrease the local stress
concentration factor in the cladding.
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Introduction
Risk of fuel rod failure linked to PCI under normal operating and incident transients has been
avoided in French PWRs thanks to proper operating specifications [1]. This solution, very efficient as
regards safety aspects, is however restrictive for plant manoeuvrability, by limiting the amplitude of
power variations and rate as well as holding time at low power. To improve flexibility and adapt the
reactor load to the grid demand, the enhancement of operating margins is needed [2]. In addition,
competitiveness can be improved with the extension of fuel assemblies’ discharged burn-up, leading to
reduced maintenance and fuel cycle costs. To this end, an advanced nuclear fuel is being developed by
FRAMATOME ANP, in co-operation with EDF and CEA [3]. Improving fuel performance to reduce
fission gas release and increase resistance to PCI is a technical challenge. Both goals can be achieved
with large grain microstructures, since grain size enlargement is expected to enhance fuel plasticity as
well as fission gas retention capability.
Grain enlargement can be obtained by long annealing at high T° or crystal growth activators.
Various techniques are developed by manufacturers using different types of additives: oxides (Al2O3,
TiO2, Nb2O5 [4], Cr2O3, SiO2,…), or more recently, phosphorus [5]. To optimise the technology and
converge towards the best choice (grain size, type of dopants and dopants content), it is first necessary
to understand the role of dopants on grain size enlargement and on fuel properties. Thereafter, it is
necessary to check fuel in-pile behaviour under normal and transient conditions as regards fission gas
retention and pellet-cladding interaction with irradiation experiments. The nature of the dopant is the
result of manufacturing feasibility and viability analysis. Its influence on a large spectrum of fuel
characteristics must be favourable – or at least not detrimental – to achieve all the performances
required. Manufacturing and mechanical properties of UO2 doped with different types of additives
have been studied within the framework of the co-operation between CEA, FRAMATOME ANP and
EDF, from laboratory scale investigations to the industrial fabrication process [6]. The performances
of these different doped fuels under PWR conditions were studied in the CONCERTO programme.
Results obtained for chromium oxide are described in this paper. Examination results after ramp
testing in the OSIRIS experimental reactor on two-cycle pre-irradiated segmented rods is more
specifically discussed.
Out-of-pile mechanical testing
Large grain sized fuels can be produced by through the introduction of less than 1% of chromium
oxide (Cr2O3) into the UO2 powder prior to sintering. Chromium appears mainly in solid solution in
the UO2 matrix, which could have a detrimental effect on the viscoplasticity of the fuel. Therefore, to
confirm the predominance of the beneficial grain size effect, the Cr2O3-doped UO2 fuel was studied
using out-of-pile compression tests. Large grain size fuel obtained without any doping was also tested.
Pellet manufacturing and characteristics
Various batches of pellets with different characteristics were tested: un-doped UO2 fuel with
standard grain size (~10 Pm), un-doped UO2 fuel with grain size of 20 and 28 Pm obtained by thermal
activation during a very long annealing and UO2 fuel doped with increasing additions of Cr2O3 (from
750 to 2 250 ppm) for enlarging the grain size (12 to 61 Pm).
All pellets were made from a batch of dry route uranium dioxide powder. The sintering of
un-doped UO2 pellet was carried out under dry hydrogen, while a slightly wet hydrogen atmosphere
was used for doped pellets in order to maintain the dopant in the proper valence state and thus to
promote the crystalline growth. An example of the microstructure of a doped UO2 is given in Figure 1.
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Figure 1. Microstructure of Cr2O3-doped UO2 fuel
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Mechanical testing – experimental procedure
All deformation tests were conducted by compression on a screw-type Instron machine equipped
with a furnace, under a controlled atmosphere in order to maintain the stoichiometry of the samples
constant during the experiment. The furnace, with tungsten resistance, is operated under vacuum or an
inert gas like argon/nitrogen or a reducing hydrogenated/argon atmosphere up to a temperature of the
order of 1 700qC. The test specimen is placed between the rams of the machine at room temperature
and a load of about 5 MPa is applied. The machine automatically maintains this load during the heating.
When the testing temperature is reached and stabilised, the test force is applied. The deformation of
samples is obtained by extensometric measurements and the strain value is recorded by a computer.
Mechanical testing – experimental results
Creep tests
Effect of grain size
Laboratory batches of UO2 pellets with larger grain sizes obtained by long annealing were tested.
Curves obtained at a temperature range of 1 400-1 500qC are shown in Figure 2.
For UO2 pellets with large grain, the secondary creep regime requires more strain before being
clearly established. A primary creep strain of less than 1% is indeed measured for UO2 with a grain
size of 11 Pm, instead of almost 10% for UO2 with a grain size of 28 Pm.
Enlarging the grain size of the UO2 pellet from 11 to 28 Pm by thermal activation during a very
long annealing improves the secondary creep rate by approximately a factor of 10.
Effect of addition of Cr2O3
These tests were performed at ~1 470qC and 45 MPa, under a controlled atmosphere of argon with
5% hydrogen to prevent changes in the oxidation and stoichiometry of samples during the experiment.
A comparison of the creep rate under compression with the same experimental conditions was made
between an un-doped UO2 and UO2 samples with varying Cr2O3 contents.
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Figure 2. Effect of the grain size on fuel creep behaviour at 1 400-1 500qC
and 50 MPa. Enlarging of the grain size is obtained by long annealing.
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As illustrated in Figure 3, the addition of Cr2O3 appreciatively increases the creep rate of the
material up to a factor of 10. However, it should be noted that this effect saturates for high additive
content, despite the grain size increase.
Figure 3. Effect of Cr2O3 addition on fuel creep behaviour at 1 470qC and 45 MPa
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Effect of stress on Cr2O3-doped UO2 fuel creep behaviour
Figure 4 displays creep curves of a Cr2O3-doped UO2 fuel with a grain size of 49 Pm. Results were
obtained at several applied stresses (20-60 MPa), under the same experimental conditions (T = 1 470qC)
in order to derive a creep law. The stationary creep rate always increases with the applied stress.
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The stationary creep rate of UO2 doped with Cr2O3 can be described with a logarithm plot [7].
The creep rate can be expressed using a power law: Hx = AVnexp(-Q/RT), where A and n are
constants, V the applied stress and Q the creep activation energy.
Contrary to standard UO2 with lower grain size where two distinct creep strain regimes delimited
by a transition stress value are observed, only a single creep regime is established with a stress
exponent value of 4 and an creep activation energy Q close to uranium self-diffusion energy in UO2.
The first regime that corresponds to the grain boundary diffusion mechanism does not appear in
the explored temperature and stress ranges. We can thus assume that the first deformation regime is
shifted towards lower stresses and that the deformation of Cr2O3-doped UO2 fuel is only controlled by
dislocation movements such as sliding and climbing [8].
According to this law, the addition of chromium oxide significantly improves the fuel creep rate
in the explored temperature and stress ranges (20-90 MPa; 1 200-1 600qC).
Figure 4. Influence of stress on fuel creep behaviour
of UO2 doped with 0.2 wt.% in Cr2O3 at 1 470qC
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Strain rate controlled tests
These tests were conducted at a crosshead speed of 2.5 Pm/min, corresponding to a strain rate of
2.5 u 10–3 %/s. The stress-strain curves show that the addition of Cr2O3 lowers the fuel flow stress by
about 15 MPa at 1 465qC, as illustrated in Figure 5.
We note the emergence of a stress peak for un-doped standard UO2 fuel. This peak occurs at a
very low strain level, when the density of mobile dislocations is not sufficient to allow deformation
according to the imposed constant strain rate. As shown on Figure 5, the addition of chromium oxide
eliminates the stress peak and lowers the stress.
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Figure 5. Influence of Cr2O3 addition on the viscoplastic properties
of UO2 at 1 465qC with a constant applied strain rate of 9%/h
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Conclusion on out-of-pile mechanical testing
Enlarging the grain size of UO2 has a significant effect on fuel creep behaviour. The use of
chromium oxide dopant is very efficient, capable of achieving a grain size of up to 70 Pm with a
reasonable fabrication process duration on an industrial scale. The addition of dopant increases the
creep rate of UO2 but the effect is saturated for content above the solubility limit of Cr2O3 in UO2.
Excess doping agent, remaining as inclusions that pin the grain boundaries [9], tend to harden the
material. That is the reason why the large grain size microstructure obtained by long annealing
revealed a larger primary creep strain under similar testing conditions. Nevertheless, these results
suggest that the use of dopant is not detrimental for viscoplasticity at high temperature, as hardening is
largely compensated by the increase of grain size.
Base irradiation and intermediate PIE
The CONCERTO programme was launched to verify the behaviour of different doped fuels
manufactured by FBFC under PWR conditions. Four types of microstructure were selected, obtained
with doping elements Cr2O3, Al2O3 and SiO2, used separately or in combination. The doped pellets
have average grain sizes of between 44 and 72 Pm, depending on the composition considered. Standard
UO2 with a grain size of 9 Pm was used as a reference.
For this campaign, four 17 u 17 AFA2G assemblies were loaded with 36 rods in a 900 MWe EDF
reactor. The different batches were introduced in either full length or segmented rod types, all equipped
with low-tin zircaloy-4 cladding. The segmented rods are composed of seven independent short fuel
rodlets screwed end-to-end, three loaded with reference UO2 pellets and the other four with doped
pellets. This design allows direct re-irradiation in the experimental reactor. At the end of this irradiation
campaign, the maximum assembly burn-up was close to 60 GWd/t. Among the compositions irradiated,
we chose to assess the performance of the UO2 fuel doped only with chromium oxide, because its
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characteristics were judged to fit well with the targets. For that, post-irradiation examinations are
planned after each cycle to analyse the overall behaviour up to high burn-up. Also, power ramp testing
was performed after two annual cycles that correspond to the PCI worst-case burn-up, thus around
30 GWd/tU.
The segmented rods were subjected to non-destructive examinations in the CEA hot cell
laboratories. Diametral measurements performed after two annual irradiation cycles revealed the
existence of primary ridges on each segment. It can be concluded that gap was closed between 10 and
30 GWd/t. The average height of the primary ridges on the chromium oxide segment was consistent
with values previously observed for UO2-Zy4 submitted to a similar power history: around 10 Pm. The
average cladding deformation measured on the doped rods was slightly higher than the reference rods
(respectively, 1 and 0.7%). Fuel rod elongation was approximately similar (0.30%) whereas fuel stack
elongation is higher for the doped segments. These differences can be attributed to a lower in-pile
densification of the doped fuels. This behaviour is in good agreement with the densification
measurements made after manufacturing.
Ramp tests
Two segments loaded with chromia-doped pellets and irradiated up to 30 GWd/tU were ramped
in 2001 in the ISABELLE 1 loop device of the OSIRIS experimental reactor at CEA Saclay [10]. This
device allows simulating PWR thermo-hydraulic and chemical conditions. The movement of the
irradiation loop towards the core controls the power level in the rod. The rate of power increase was
approximately 10 kW/m/min, to simulate a PWR Class 2 transient. Rod failure is detected during the
test thanks to delayed neutron and gamma ray measurements in the coolant and time of failure is
determined by the analyse of the elongation sensor signal. The ramp test sequence is shown in Figure 6.
Prior to the transient, a conditioning step around 20 kW/m was applied in order to re-establish the
thermo-mechanical and chemical state of the rod achieved at the end of the base irradiation.
Figure 6. Sequence of the power ramp tests
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time

The terminal power level of the first ramp test was defined with respect of the current UO2-Zy-4
PCI threshold [11]. Since no failure was detected during the first test, the terminal power level of the
second one was specified to a widely superior value in order to assess the good PCI behaviour of the
doped UO2 rodlet. The power tests’ characteristics are gathered in Table 1.
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Table 1. Power ramp tests characteristics

Rodlet no. 1
Cr2O3 doped UO2
47.0 kW/m
12 h

Fuel type
Peak final power
Final power duration

CONCERTO programme
Rodlet no. 2
Rodlet no. 3
Cr2O3 doped UO2 Standard UO2
53.5 kW/m
44.0 kW/m
12 h
12 h

Rodlet no. 4
Standard UO2
40.0 kW/m
12 h

Post-ramp examinations
Non-destructive as well as destructive examinations were performed on the two rodlets following
the ramp tests. Profilometry, neutron radiography, eddy current tests and gamma scanning were carried
out in the same facilities as before the ramp. Next, rodlets were punctured to evaluate fission gas
release fractions and several samples were cut in specific areas for cladding SEM analysis and fuel
optical microscopy.
Non-destructive examinations
Figure 7 plots the diametral profiles versus axial position for each doped rod. The results obtained
for a previous ramp test performed on a standard two-cycle Zy-4 UO2 are also reported. It corresponds
to the maximum terminal power level tested without entailing failure.
Figure 7. Comparison of doped rods cladding deformation with an un-doped rod ramped
at the same holding time and power level near to the two-cycle UO2 PCI threshold
doped rodlet n°2 - 54 kW/m
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As usually observed, cladding deformation is function of the local power reached at ramp terminal
level, which depends on the axial position [12]. It can be found that deformation underwent by Zy-4
cladding with doped UO2 is superior to 1% after ramp testing. The permanent cladding strain at
mid-pellet is larger than that at inter-pellet. The height of the secondary ridges is a function of local
power in the pellet. Growth of these ridges is due to the important gaseous swelling induced by long
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holding time at high power. As a consequence, the evolution of the primary ridges is masked by the
height of the secondary ridges in most of the part of the column. Analysis of the diameter profiles
revealed a permanent cladding strain in the low power zone of rodlet n°1 superior to that of standard
UO2 rodlet n°3 at equivalent local power and burn-up.
Eddy current tests did not reveal any defect on the cladding after each of the two experiments.
The comparison between neutron radiographs of the two segments before and after the ramp tests
revealed that the dishes are filled along the main part of the fissile column. A complete gamma
scanning examination was performed especially to establish the axial power profile along the rodlets
(see Figure 8). Gross gamma scanning indicates peaks at the inter-pellets in the high power regions,
due to dishings filling and volatile fission product migration. Caesium and iodine were identified to be
responsible for the largest fraction of the total gamma activity.
Destructive examinations
Stress corrosion damage signs have been researched through SEM analysis of the cladding fracture
surfaces (sections A and C, Figure 8). Neither rodlet exhibited any iodine-induced stress corrosion
cracking in spite of the high fission product concentration and high cladding deformation at the
inter-pellets.
Figure 8. Gamma scanning of the doped rodlets after ramp testing
A to E: Samples’ section position
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The rods were punctured to evaluate fission gas release. Measurements gave values of 8 and 10%,
respectively, for the two rodlets. These values seem rather low in comparison with those expected for
standard UO2 at equivalent burn-up, holding time and power.
Optical microscopic examinations
Cross-sections at mid-pellet position and longitudinal sections were cut from the two rodlets at
different axial positions, corresponding to different local powers in the pellet (Figure 8): the higher
rating region of rodlets n°1 and 2 and the top of the fissile column of rodlet n°1 in order to compare
examinations to those obtained on un-doped rodlet n°4 in its higher rating region.
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Cross-sections are compared in Figure 9. The following features can be observed:
x

Cross-sections in the higher rating region of each doped rod are very similar.

x

The central part of the pellet is separated from the peripheral part by the circumferential crack,
created during cooling. Near the circumferential crack, an important grain boundary cracking
is observed, leading to grains pulling-out during sample preparation.

x

Peripheral radial cracks created during the ramp tests are intensively numerous whereas original
cracks, likely to be created during base-irradiation, are partly healed.

x

A new radial crack pattern is created in the central part of each doped pellet in the higher rating
region, because of porosity sweeping in the radial direction towards the centre. Columnar
grains begin to appear.

x

The number of peripheral radial cracks and the radial position of the circumferential crack
depend on the power level in the pellet.

Figure 9. Comparison of cross-sections between doped and un-doped fuel at different local power
Section A from rodlet n°1 (47 kW/m)

Section D from rodlet n°2 (54 kW/m)

Section B from rodlet n°1 (40 kW/m)
Low power area

Section from rodlet n°4 (un-doped)
Maximum power area 40 kW/m
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At equivalent power and holding time, the cross-section of the doped fuel is very different from that
of standard UO2 fuel. The number of peripheral radial cracks is twice as more important. In the centre
of the doped pellet, no radial cracks, expected to be created during base-irradiation, are observed,
suggesting crack healing operating from 40 kW/m. In standard UO2 fuel, crack healing is not clearly
observed. Typical features of cracking pattern after two-cycle base-irradiation are indeed still present.
In addition, closer examination of the doped pellets revealed a tendency to both intergranular and
transgranular crack propagation while fracture is mostly transgranular in the standard UO2 case.
Longitudinal sections from the higher rating region of each doped rod (sections A and E) revealed
a completely filled dishing (Figure 10). The fissile column is almost continuous through the axis of the
pellets, as suggested by neutron radiographs. An additional cut in the low power zone of rodlet n°1
(section B) allows comparing the dishings aspect between doped and un-doped fuel. It clearly appears
that dishings filling is superior in the doped case (85% as opposed to 33%). Oriented intergranular
fractures, typical of fuel creep, are widely developed, whereas no de-cohesion can be observed near
the inter-pellet of the un-doped pellet. An absence of radial cracks in the central part of the pellet is
observed, as in the cross-section.
Figure 10. Comparison of dishings filling on
longitudinal sections between doped and un-doped fuel
Section B from rodlet n°1
Max. power area 47 kW/m

Section B from rodlet n°1
Low power area 40 kW/m

Section from rodlet n°4 (un-doped)
Maximum power area 40 kW/m

Microstructure analysis confirmed the good fission gas retention capability of the Cr2O3-doped
large grain microstructure. In spite of the high power level maintained over several hours, the amount
of gas accumulated in the grain boundaries is low. Bubble interlinkage is not as developed as is usually
observed for UO2 after a power ramp test at high power. At the mid-radius position, where the
temperature gradient is high, intragranular bubbles are very fine and cover homogeneously the grain
surface (Figure 11).
Discussion
The good PCI performance of chromium oxide doped fuel was confirmed since no damage was
observed in the cladding, in spite of the large cladding strain and the important concentration of
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Figure 11. Microstructure at mid-radius position – rodlet n°1, section A

20 µm

corrosion fission products after a power ramp testing with final power of 54 kW/m. The gain provided
by this advanced fuel is significant compared to current UO2-Zy4 PCI threshold: more than 10 kW/m
on maximum power.
Signs of fuel creep enhancement are obviously the first element of interest in PIE analysis.
However, experimental features were acquired after 12 hours of holding time at very high power level.
In consequence, there is a large contribution of fission gas swelling and occurrence of phenomena
related to high-temperature operation (temperature superior to 2 000qC): columnar grain in the centre
of the pellet, important volatile fission product migration. Difficulties were therefore encountered to
highlight fuel creep contribution alone.
Neutron radiographs, gamma scanning and optical microscopy in the high rating regions revealed
complete dishings filling along the main part of the fissile columns. This suggests a higher creep rate
of doped UO2 compared to standard UO2. However, the more interesting results are those obtained in
the low power zone of the first doped rodlet. The samples’ cut position was precisely specified in
order simplify the comparison with an un-doped rod available in the database and submitted to similar
ramp test conditions. Differences between doped and un-doped fuel, suggested by examinations in the
high-power zones (47 and 54 kW/m), were confirmed in the lower power area (40 kW/m).
Dishings filling is due to the combination of fuel creep and fuel swelling mechanisms. The pellet
cracking pattern depends on time-dependent phenomena which affect fuel during holding time, that is
to say viscous flow and gaseous swelling [13]. The number of peripheral cracks can be linked to fuel
swelling and creep kinetics. Fuel swelling contributes to increased loading of the periphery and may
increase the tensile hoop stress in this part of the pellet. The larger the viscous central area of the pellet
(influence of temperature distribution or fuel viscoplastic properties), the more fracture energy is
dissipated in a reduced volume of the brittle periphery. Radial cracks in the brittle periphery can thus
be more numerous and shorter. That is why the number of peripheral radial cracks increases with the
power level, as observed in the previous section. The fact that this number is larger in the doped fuel
compared to the standard UO2 fuel submitted to the same power irradiation history is the sign of
enhanced fuel creep and gaseous swelling.
In the same manner, crack healing in the centre of the pellet can be explained by fuel creep at
high temperature. Fractures are indeed the first available free volume for material flow. This latter
assumption will have to be confirmed when further microscopic examinations after base irradiation are
available.
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Cladding diameter profiles and fuel microscopic examinations seem to conclude on a larger
intragranular bubble swelling in the doped, large grain microstructure. This is consistent with rod
puncturing results showing the important gas retention capability and the conclusion of the TANOX
programme [14]. The large grain size and the intragranular sites are favourable to gas bubble nucleation
and pinning. It is clear that fuel creep, fission gas swelling and pellet fracturing are strongly coupled
because each of them is a stress-dependent phenomenon which influences stress distribution in the fuel
pellet. So in another way, gas swelling in doped fuel could be favoured by fuel creep enhancement,
thanks to stress level decrease in the pellet. The relative kinetics of each of these phenomena is
important as regards cladding mechanical loading.
Fuel creep reduces deformation at the inter-pellet plane and the stress level in the cladding.
Another mechanism has been identified to explain the excellent PCI behaviour of the CONCERTO
rods: the intensified cracking at the pellet periphery. Fracture in the cladding is usually observed in
front of a main fuel radial crack, created during base irradiation as illustrated in Figure 12. If radial
cracks are more numerous, crack mouths opening at pellet-to-cladding interface can be reduced and
thus decrease the local stress concentration factor in the cladding. The occurrence of these different
interacting phenomena has to be confirmed at the moment when cladding loading is maximum, thus at
the beginning of holding time. Experimental results acquired for a power level of 40 kW/m are very
promising because they suggest that these mechanisms operate at a relatively low rating and low
temperature. Post-calculations of the CONCERTO ramp tests predict a temperature level lower than
1 600qC in the main central part of the pellet at 40 kW/m (Figure 13). Thus, fuel creep and cracking at
the periphery are expected to occur during the phase of the transient. These features have already been
observed in previous experiments conducted on MOX fuel and high burn-up UO2 [13]. It can be
presumed they will be more accentuated in the doped fuel case. This point will be confirmed soon
thanks to the next experiment of the CONCERTO programme: a zero holding time ramp testing.
Conclusion
Significant improvement is brought by the chromia-doped UO2 fuel under transient conditions
with respect to PCI performance and fission gas release. The enhancement of viscoplastic properties
provided by the large grain microstructure and suggested by out-of-pile mechanical testing seems to be
confirmed with post-ramp examinations. The pellet cracking pattern could also contribute to the PCI
performance. To improve the understanding of those mechanisms, it is necessary to complete our
Figure 12. Example of pellet cracking pattern of a failed standard UO2 rod

317

Figure 13. Temperature profile in the pellet at different power levels – post-calculation
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knowledge of the interaction between crack formation and the other stress-dependent phenomena.
Particularly, the contribution of fission gas swelling, related to the specific behaviour of fission gas
products in the doped large grain microstructure will have to be more precisely analysed. With these
objectives in mind, an especially dedicated experiment is planned this year. It will provide new results
on the specific behaviour of doped UO2 fuel and on the relative kinetics of fuel creep and pellet
fracturing during the single phase of the transient. Furthermore, specific studies on doped fuel fracture
processes are also in progress.
To continue with the behaviour analysis of doped fuels under PWR conditions, the fission product
retention capability of the large grain size structure of chromia-doped fuel has to be confirmed at high
burn-up. The very promising results of the CONCERTO programme have led FRAMATOME ANP,
in co-operation with EDF and the CEA, to launch in mid-2001 the irradiation of lead fuel rods with
chromia-doped UO2 pellets loaded in M5™ cladding tubes. This irradiation campaign, performed in
a 1 300 MWe EDF reactor, aims to acquire all the data required to demonstrate the ability of this fuel to
be a high burn-up PCI remedy in order to satisfy future customer needs for improved fuel management
and greater NPP operating flexibility.
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Abstract
Fuel performance studies on light water reactor fuels with extended and high burn-up constitute an
essential part of the experimental programme of the OECD Halden Reactor Project. A range of
irradiation facilities, experimental rigs and in-core instrumentation, supplemented by refabrication and
instrumentation capabilities for irradiated fuels, is available to this end. Many phenomena occur in
combination with others, and fuel behaviour is therefore viewed from different angles to provide a
picture that is as complete as possible.
With respect to PCMI, a number of different types of measurements can provide direct and indirect
information. The paper first exemplifies features of PCMI with increasing burn-up as registered by
cladding elongation measurements such as:
x

Development of initial PCMI, starting with fresh fuel.

x

Long-term accommodation of the pellet-clad compound to gradually changing power levels.

x

PCMI evolution during power increases for high burn-up fuel with clad bonding.

x

Long-term length increase of the cladding due to fuel swelling for bonded fuel.

x

Ratcheting and relaxation in conjunction with cyclic power changes.

An experimental series addressing clad lift-off also provides information regarding PCMI. For
this particular phenomenon, the interaction of the components’ fuel and cladding are of particular
importance for modelling and explaining the observations. The available measurements encompass:
x

Fuel temperature data as the primary lift-off indicator.

x

Gas flow/hydraulic diameter measurements indicating the changing tightness of the fuel
column both during power changes and as a consequence of lift-off.

x

Cladding elongation noise data indicating the coherence between fuel and cladding.

The picture that one obtains from these data for the lift-off situation is one of a loosening fuel
stack that develops internal heat flow resistances while at the same time maintaining sufficiently
strong contact with the cladding to transmit fuel swelling and thermal expansion.
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Introduction
The fuels and materials testing programmes of the OECD Halden Reactor Project are aimed at
providing data in support of a mechanistic understanding of phenomena associated with short- and
long-term in-pile fuel performance and property changes. To this end, suitable irradiation techniques
and instrumentation have been developed and applied for more than forty years. The data obtained can
be used for fuel behaviour model development and verification as well as in safety analyses.
The knowledge of pellet-clad interaction as affected by fuel properties, operation conditions and
irradiation-induced changes of fuel and cladding is essential for design, failure resistance and
alleviation of operational limitations. A number of often interrelated phenomena need to be quantified
to obtain adequate predictions, and separate effect studies provide efficient methods for assessing
specific effects. Over the years, such studies have addressed the phenomena which are deemed most
important for fuel behaviour modelling. Although the experimental focus has shifted in recent years to
investigations of high burn-up effects, data based on fresh or low burn-up fuel are valuable as well;
they can often be transferred to high burn-up situations or are valid for worst case scenarios which
may occur at low or medium rather than high burn-up. Since fuel behaviour modelling and safety
analyses have to provide an adequate description for the entire in-core service, it seems important to
maintain a complete picture of fuel behaviour from beginning to end-of-life.
In this paper, emphasis is put on PCMI data as obtained from different types of instrumentation.
The selected examples from separate and integral effects studies show the relation of the pellet-clad
mechanical interaction with fuel swelling, thermal behaviour, aspects of gas communication and mixing.
Pellet-clad mechanical interaction (PCMI) can be measured in-pile in two ways: with a diameter
gauge moving along the length of a rod, and with a cladding elongation detector. Since axial elongation
can be measured more easily and frequently than diametral deformation, the data should not be
neglected. However, the difficulties of modelling axial PCMI for the whole length of a fuel rod are
recognised, and only few codes include the effect in a non-simplistic way. Cladding elongation can
also provide information on diametral deformation. The close relation between hoop strain and axial
strain, both in terms of magnitude and relaxation behaviour, has been shown with Halden Project data
comparing elongation and diameter changes obtained in-pile for the same rod [1], see Figure 1.
Figure 1. Similarity between radial and axial load of the cladding due to PCMI

The eventual aim for the fuel modeller would be to provide a unified and seamless description of
both the thermal and mechanical fuel behaviour.
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Development of onset of interaction between fuel and cladding
Cladding elongation measurements show that the interaction between fuel and cladding evolves
in typical ways through various stages of irradiation. This is depicted with examples in the following
sections. A thorough review of Halden data regarding gap closure and pellet-clad interaction is
compiled in Ref. [2].
Fresh fuel
It is a common experience that axial interaction during the first rise to power is strong and
decreases during the following cycles. This can be attributed to random eccentric stacking of the
pellets which are pushed to more central positions in contact with the cladding. The simultaneous
radial and axial expansion of the pellets during the power increase generates friction forces which
cause the observed cladding elongation.
The data of the selected example are taken from BWR type fuel rods irradiated in the HBWR.
The active length was 768 mm, pellet diameter 12.59 mm and diametral gap 170 Pm. It should be noted
that thermal expansion is not sufficient to close the gap at start-up, thus conventional fuel model based
on concentric geometry would not calculate any interaction, obviously at variance with the experimental
evidence. The typical development of axial interaction for start-up and two following power changes is
shown in Figure 2. Several features are apparent: the relaxation of axial strain during power holds; the
immediate continuation of strong PCMI and elongation after the power hold (especially ramp 2); and
the shift of interaction onset to higher power (especially ramp 3, but also ramp 2 which is always below
curve 1).
Figure 2. Cladding elongation for three consecutive power ramps, fresh fuel

Low to medium burn-up
As the rod is subjected to further irradiation, PCMI remains (Figure 3). The strong interaction and
resulting axial strain is relaxed during periods at constant power. However, a permanent elongation is
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Figure 3. Power and cladding elongation history of BWR
fuel irradiated in the Halden reactor to medium burn-up

induced in the early part of irradiation (until about 13 MWd/kgUO2). For a proper assessment of the
data shown in Figure 3, it must be noted that cladding elongation is measured relative to the rig
structure.
This structure is also made of zircaloy and subjected to about the same irradiation induce growth.
The differential, permanent elongation that can be seen at hot stand-by (lower envelope, data points
marked with +) is thus mostly due to the accumulation of creep strain increments.
A closer look at individual power ramps reveals that the onset of interaction (defined as point of
deviation from free thermal expansion) moves to lower power with increasing burn-up because the
pellet-cladding gap closes due to fuel swelling and clad creep-down (Figure 4). This is concurrent with
an accommodation of the fuel to the available space, and a balance between fuel swelling and creep
caused by contact forces evolves. The cladding elongation data of start-up ramps show a change in curve
shape to a more abrupt transition from free thermal expansion to expansion imposed by fuel elongation.
However, the interaction remains small as long as power does not exceed previously reached levels.
Since there is no gap left between fuel and cladding at power, a transient will lead to cladding load
from the beginning.
High burn-up fuel
Two rods previously irradiated in a commercial PWR to a burn-up of 52 MWd/kgUO2 were
re-instrumented with cladding elongation sensors and further irradiated in the HBWR. The operating
power during the last cycle in the PWR was about 20 kW/m for both rods.
The elongation behaviour during start-up power ramps is shown in Figure 5. The first ramp just
reached the power level to which the fuel had been conditioned during commercial operation. Although
the elongation is slightly stronger than estimated for a case of free thermal expansion, an appreciable
interaction cannot be discerned. The intermediate ramp to considerably higher power shows definite
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Figure 4. Gradually changing onset of PCMI when the fuel
accommodates to decreasing power, swelling and clad creep-down

Figure 5. Cladding elongation for three power ramps, high burn-up fuel

PCMI, starting from the conditioning power level of 20 kW/m. The final ramp is similar in that PCMI
is visible, however beginning at slightly lower power. Between the intermediate and final ramp, the fuel
received a burn-up increment of 2.5 MWd/kg while power was gradually decreasing, thus conditioning
the fuel to a lower power level.
The similarity between the PCMI curve shape of fresh fuel after some conditioning (curve 3 of
Figure 2) and high burn-up fuel is important to note. At a burn-up of more than 50 MWd/kgUO2,
bonding between fuel and cladding has definitely developed. However, this does not lead to strong
PCMI as the term “bonding” might imply. While the slope of the “straight” initial part exceeds
thermal expansion, indicating some degree of permanent contact, strong interaction and elongation
dominated by fuel expansion only occurs at high power.
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Swelling behaviour
Permanent (but not strong) contact between fuel and cladding has consequences for permanent
cladding elongation. The following two examples illustrate typical behaviour. Both examples are related
to re-instrumented PWR fuel from a commercial power station. The fuel has the following design data:
active fuel stack length 433 mm; as-fabricated fuel diameter 9.12 mm; as-fabricated gap 170 Pm;
cladding material re-crystallised Zry-4.
Figure 6 shows the cladding elongation of the medium burn-up rod. At the beginning of the
re-irradiation, a slight decrease of the cladding elongation is apparent. Thereafter, a permanent
elongation with an average rate of 0.15%/10 MWd/kgUO2 is observed. This is compatible with
irradiation-induced growth and less than solid fission product fuel swellings. (The fuels in the two
segments differ in grain size, but a definite influence of this parameter on elongation behaviour is not
obvious.) It must be concluded that at this burn-up level cladding elongation proceeds independent of
fuel swelling.
Figure 6. Cladding elongation of medium burn-up fuel
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Figure 7 shows the cladding elongation at high burn-up (52-55 MWd/kgUO2 or 59-62 MWd/kgU).
As in the case of lower burn-up, relaxation of the initial PCMI strain can be seen. The process is
finished within a burn-up increment of about 0.2 MWd/kg, similar to the lower burn-up case (the
difference in scale sensitivity between the two figures should be noted). An appreciable difference can
be seen regarding the rate of elongation which reflects a typical rate of fuel swelling. In this high
burn-up case, it must be concluded that due to bonding between fuel and cladding the fuel swelling is
transmitted to the cladding and imposed as permanent elongation.
Figure 7. Cladding elongation of high burn-up fuel
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Axial ratcheting
Both Figures 6 and 7 show small elongation peaks that decrease to the base rate of elongation
after a short time. These peaks are associated with shutdown/start-up sequences. When power is
reduced, the release of interaction occurs at a certain power. During the following start-up power
ramp, the onset of interaction occurs at a somewhat lower power, leading to an extra amount of
elongation. The shutdown/start-up sequences of one of the medium burn-up rods are shown in
Figure 8. The points of release and onset of interaction are summarised in the lower part of Figure 8.
They show a difference of about 5 kW/m.
Figure 8. Release and onset of PCMI during shutdown/start-up sequences

Both Figure 4 and Figure 8 (upper part) show that stronger PCMI only occurs during the final part
of the power ramps if the fuel has accommodated itself to the final power level during the preceding
irradiation. That means that power cycles causing axial ratcheting do not necessarily have to go all the
way to zero power. Load follow operation maybe sufficient to cause the effect. However, experimental
experience from the Halden reactor programme has so far not provided evidence that axial ratcheting
would induce strain increment accumulation.
Fuel stack behaviour
The most direct sensor for measuring fuel stack behaviour is the fuel elongation detector. This
sensor measures length changes relative to the cladding with the fixed point in the fuel rod end plug.
It cannot meaningfully be applied to high burn-up fuel with bonding between fuel and cladding and no
relative movement between the two components. But some other types of in-pile measurements also
provide a good indication of fuel stack properties.
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Hydraulic diameter measurements
Hydraulic diameter measurements relate the flow of gas through the fuel stack to a “wetted
perimeter” interpreted as belonging to a gap between pellets and cladding. The technique measures the
pressure change in a volume that is emptied through the fuel stack since the flow that can be produced
is very small. The basic relation between hydraulic diameter and flow (pressure change) is given by:
const  4

DH

K  T  p  L
p12  p 22  D

where p is pressure, L is rod length, D is rod diameter and T is average rod temperature.
Figure 9 shows the change of hydraulic diameter (HD) for three fuel rods of identical design
(200 Pm initial diametral gap), monitored throughout many years of irradiation in the Halden reactor.
As the gas can also flow through a multitude of cracks, the HD is a reflection of the free volume in the
fuel column, starting with a value given by the original as-fabricated pellet-clad gap. Expected changes
can be seen: initial pellet cracking and fragment relocation, solid fission product fuel swelling and the
development of a minimal HD as fuel and cladding accommodate to each other.
Figure 9. Change of hydraulic diameter (free fuel column volume) with burn-up
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Figure 10 depicts the HD of this fuel at a burn-up of 75 MWd/kg as function of changing power.
The HD first decreases linearly with increasing power, reflecting the decrease of internal free fuel
stack volume due to thermal expansion. When the accommodation power level is approached, the HD
decreases with a much larger rate. This development is parallel to cladding elongation which changes
from free thermal expansion to a state of strong contact with the fuel and consequently an increased
rate of elongation. Thus these two types of measurement produce consistent pictures of the fuel stack.
Figure 10. Change of hydraulic diameter or fuel column free volume during a power ramp
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Delay of fission gas transport to the rod plenum
The hydraulic diameter measurements require pressure differences of 30-60 bar in order to
produce a gas flow of 0.5-1.0 l/min (stp). At power, the fuel column is obviously quite impenetrable.
This is also true for released fission gas that remains trapped within the fuel column until a power
reduction opens a path to the plenum where the pressure sensor is installed. The observation of
“delayed fission gas release” is therefore quite common. An example of this phenomenon can be seen
in Figure 11. According to the previous figure, the fuel column becomes penetrable for gas flow after a
limited power reduction. Similarly, the release of the inner overpressure to the fuel rod plenum is
measurable as soon as some power reduction has occurred.
Figure 11. Delayed fission gas release. Fission gas remains
trapped in the fuel column until a power reduction opens a path
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Lift-off and noise data
A final example for characteristic behaviour of the fuel stack is taken from the series of Halden
reactor experiments that address the tolerable rod pressure limits and clad lift-off issue [3]. Pre-irradiated
PWR rods equipped with a fuel centreline thermocouple are subjected to rod overpressure to determine
the pressure beyond which fuel temperature will increase as a consequence of clad creep-out. The rod
overpressure can be controlled with a high pressure gas supply system connected to the fuel rod with a
gas line. In addition to the lift-off feedback on fuel temperature, the experiment allows to assess:
x

The temperature response to fill gas change (Ar  He) during operation.

x

Fission gas release by means of gamma spectroscopy.

x

The hydraulic diameter.

x

PCMI and fuel swelling by means of clad elongation measurements.

x

The coherence between fast response neutron detector (power) and clad elongation.

Figure 12 shows the response of the fuel temperature (lower graph) during a measurement period
when the overpressure (rod internal pressure minus PWR system pressure, 155 bar) was held at
100, 200 and 300 bar. A definite temperature increase can be observed for the periods with 200 and
300 bar overpressure.

329

Figure 12. Response to rod overpressure causing clad lift-off
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Noise analysis has been applied successfully to Halden reactor elongation data to monitor the
onset and degree of PCMI [4]. Noise analysis has also been used to study the relation between
cladding elongation and power in a state of progressing lift-off. The coherence between fast response
neutron detector (power) and clad elongation is indicated in the lower part of Figure 12. It can be seen
that the coherence increases slightly during the early phase and drops somewhat during the last
phase with the highest overpressure and lift-off rate as indicated by the accompanying temperature
measurements. Considering the scatter in the data, at least a constant coherence can be assumed. This
is contrary to the prediction of a simple model where fuel and cladding are separated by an annular
gap, since any gap opening (lift-off) would imply loss of contact and the breaking down of the
coherence between power and elongation. (According to [4], a PCMI-free state is characterised by a
coherence value of less than 0.05, and well developed PCMI has a coherence of > 0.2. During further
2 000 fph with overpressure and continued lift-off, which is not shown here, the coherence shows a
decreasing trend ending at about 0.45 which is still considerably above the threshold value of PCMI
onset derived in [4].)
Other measurements in this experiment, which are not explicitly shown, resulted in the following:
x

The temperature response to fill gas change (Ar  He) is small.

x

Similar to the high burn-up fuel behaviour shown in Figure 6, the clad elongation reflects fuel
swelling. This means that strong contact at the fuel-clad interface exists also during lift-off,
supporting the noise analysis results.

From these observations, it may be concluded that the lift-off effect is mitigated by the opening of
internal space between fuel fragments rather than the opening of the pellet-clad gap.
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Modelling considerations
Fuel behaviour modelling is a compromise. Models assuming axial symmetry are computationally
attractive, but actually describe the most unlikely situation from the very beginning. Detailed models
using advanced techniques such as FEM have become more affordable from a computational point of
view, but remain limited in their predictive power because of non-deterministic, random behaviour
such as fuel cracking and details on a micro scale. The observations of fuel behaviour given in this
paper are difficult to reconcile with the predictive capabilities of models with concentric arrangements
of the fuel within the cladding and a dividing gap. Realising the deficiencies of conventional models
with respect to a satisfactory, simultaneous treatment of thermal and mechanical behaviour, Williford,
et al. proposed as early as 1982 an alternative approach [5] using a “crack compliance model” that
links the free space and the stresses in the fuel column:
§ d ·
1
¸¸
erf ¨¨
2
©R 2¹

V
V H

where d is crack width, R is surface roughness, V is stress and H is Meyer hardness.
Their model predicts that there is always some contact between the fuel fragments as well as the
fuel and the cladding. The model assumes that there is no relative movement between pellets and
cladding. While this assumption is at variance with early-in-life behaviour (relative movement is
actually measured by fuel stack elongation detectors), it is a good approach for high burn-up fuel
bonded to the cladding. A corresponding model can describe both thermal and mechanical behaviour
as for example observed in the lift-off studies at Halden.
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Abstract
To prevent PCI failure of fuel rods during incidental transients in nuclear power plants, the French
safety approach is based on the interpretation of an experimental database. Thus, in the framework of
a co-operative programme with EDF and FRAMATOME ANP, CEA has carried out many power
ramps in the OSIRIS experimental reactor and conducted a comprehensive programme of pre- and
post-irradiation examinations. This paper discusses the main features of the extensive database now
available for FRAMATOME ANP standard rods (UO2 fuel and Zy-4 cladding). Special emphasis is
placed on the consistency of the results and on the characterisation of the damage of the cladding, when
it occurs.
Due to the inability to determine local strains at the critical points of the cladding inner surface,
maximum power at the ramp terminal level appears to be a good parameter for ranking the different
damage states of the differently tested rods. But burn-up is also an important parameter, more
particularly at low values, for which the pellet-to-clad gap is far from being closed just before transient
and the PCI risk of failure is thus greatly reduced.
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Introduction
During Class 2 power transients considered in the context of PWR safety issues, pellet-to-clad
interaction (PCI) is enhanced, which can lead to Iodine-assisted Stress Corrosion Cracking (I-SCC) of
the cladding [1,2,3]. The first barrier opposed to dissemination of the volatile fission products created
within the fuel is thus possibly damaged. In order to prevent cladding failure during any Class 1 or
Class 2 operating condition, the French safety approach has been founded on the interpretation of an
experimentally adequate database. Experiments consist of power ramp tests, conducted according to
a specific protocol, following from the choice of the experimental rod to the specification of the
re-irradiation power history.
Part of the data is provided by experiments conducted in the R2 Swedish (Studsvik) test reactor,
but another part is based upon CEA experiments performed in the OSIRIS French (Saclay) test reactor.
From the analysis of this “unified database” (UDB), FRAMATOME ANP was able to derive a
technological limit for its standard rod (i.e. with Zy-4 stress-relieved cladding and UO2 fuel) and EDF
was able to set up efficient operating technical specifications for its nuclear plants, thus avoiding up to
the present any PCI-type rod failure.
This paper presents the main features of the CEA results included in the UDB, as well as additional
results from specific experiments to improve understanding. All the rods concerned have been first
manufactured using FRAMATOME ANP standard materials and have been base irradiated in EDF
power plants up to different burn-up levels, corresponding respectively to one, two, three and four
annual cycles. All of them have been subjected to a comprehensive programme of pre- and post-ramp
examinations. Special emphasis will be given to the complementary aspect of the examinations
(non-destructive and destructive) and to the consistency of the results. Due to the importance of the
cladding integrity requirement, from the safety point of view, we will then focus on clad deformation
and clad damage analysis.
Ramp testing
Experimental rods manufacturing
Short rods are needed for re-irradiation in the OSIRIS test reactor. They are generally re-fabricated
in a hot cell from standard mother rods, according to the previously qualified “FABRICE” process [4],
except in case of a segmented mother rod. All the mother rods concerned here showed the main
characteristics of the FRAMATOME ANP 17 u 17 design, with Zy-4 stress-relieved cladding (standard
or low tin) and UO2 fuel (without additive). They were base irradiated in an EDF PWR plant during one
to four annual cycles, which corresponds to a range of burn-up (BU) from 10 GWd/tU to 55 GWd/tU.
After basic characterisation of the mother rods (visual inspection, clad soundness control by eddy current,
axial and diametrical clad metrology, outer zirconia thickness measurement, rod X-ray visualisation,
pressure measurement and gas analysis), sections are cut right in between the next two grid marks. The
adjustment to the specified final length of the experimental rod (about 500 mm) leads to subsidiary
cutting. Before setting up the end plugs, fuel is first drilled at each end of the column. On the upper
part, the so-formed plenum maintains the marks of the primary ridges of the mother rod, which provides
useful references for the determination of the diametrical cladding changes induced by re-irradiation.
After introduction of flat plates at each end of the fuel column and of a spring in the new plenum, plugs
are welded using the TIG process. The FABRICE rod is then re-pressurised with helium, at the same
pressure as the mother rod. For the three rodlets (G2, H2, I2) extracted from a segmented mother rod,
the FABRICE process was not used. In those cases, short rods (about 600 mm) were directly available
since segmented rods are especially made up of independent short rods screwed end to end.
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Power ramping
Principle
Ramp tests are performed in the OSIRIS reactor at the CEA centre of Saclay [5]. Rodlets are set in
a pressurised loop located in the pool of the reactor and the re-irradiation is performed under PWR
coolant conditions (pressure, temperature and chemical conditioning). The required power history is
achieved by moving the loop towards the reactor core. The ramp sequence is monitored by neutron flux
detectors, calibrated on thermal balance.
The experimental procedure for ramp testing is summarised in Figure 1. The first step is the
re-conditioning of a rodlet to the mean power reached during its last PWR cycle, in order to re-establish
the thermo-mechanical and chemical state of the rod. The duration of this stage is between 12-24 h. It is
defined by the stabilisation of the clad elongation detector signal. The rodlet is then subjected to a
power transient at the rate of 100 W.cm-1.min-1; the power increase usually lasts for approximately
2 minutes. If no failure is detected, the time at final power is generally maintained for 12 h. The power
increase is performed by displacing the loop towards the reactor core.
Figure 1. Schematic representation of ramp testings

Lineic Power Density

Holding time
at Ramp Terminal Level
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Pre-heating
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Primary results
The main characteristics of the ramp tests as well as the results in terms of integrity of the rods and
time to failure (in case of failure) are presented in Table 1.
Most experiments were performed on rods with burn-up in the range 20-30 GWd/tU because the
thermal mechanical conditioning of the rods was suspected to be the most propitious for PCI failure at
that time. The whole database interpretation indeed confirms that the failure threshold, as derived from
the two-cycle experiments, is pessimistic for lower and higher burn-up rods.
A further important feature is that time to failure is quite short (a few minutes in all cases) compared
to the currently specified holding time at ramp terminal level, 12 hours. This is the reason why holding
time was reduced in some cases to a few hours, even to ¼ of an hour, without losing the major expected
response, that is, cladding integrity or not. Experiments with short holding times provided interesting
information concerning the fuel rod evolution at high power. The three experiments with zero holding
time aimed at freezing the rod in the worst conditions for the clad mechanical loading and so identifying
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Table 1. Ramp testing parameters
The number in the rod name is a reference to the rod number of cycles

Rodlet
A1
B2
C2
D2
E2
F2
G2
H2
I2-1
I2-2
J3
K3
L3
M3
N4
O4

Average burn-up
(GWd/tU)
12
24
24
27
27
28
27
27
26
26
40
41
40
39
52
52

Final power
(kW/m)
50
47
53
46
44
42
40
41
41
45
40
43
53
52
43
46

Time at final
power
12 h
2h
3 min
7 min
12 h
14 min
12 h
16 min
0s
0s
2h
12 h
6 min
2 min
4h
0s

Failure
N
Y
Y
Y
N
Y
N
N
N
N
N
N
Y
N
N
N

Time up to
failure
–
4 min
1 min
4 min
–
5 min
–
–
–
–
–
–
1 min
–
–
–

the inelastic cladding and fuel strains at this step, in order to validate numerical simulations. However,
since time to failure is not zero even at relatively high power, these experiments are not relevant for the
cladding integrity analysis; they rather provide information concerning the cladding damage possibly
due to the sole power increase and thus provide an experimental support to stress corrosion cracking
modelling under PCI conditions.
Rod examinations
Before and after the ramp tests, a standard set of rod examinations is systematically performed.
We will distinguish hereafter between the non-destructive examinations, which are carried out before and
after re-irradiation, and the destructive ones, which are only performed after re-irradiation. Examinations
before the ramp tests are considered as references and are directly comparable to those made after the
irradiation. Results presented below show that each method provides its own data set and that, in case of
overlapping between different methods, all the results are quite consistent.
Non-destructive examinations
Apart from the general characterisation of the rod, non-destructive examinations also provide
interesting local information.
Eddy current measurements are used to control the soundness of the cladding or pointing out the
axial position of clad cracks, if any. Figure 2 shows that defects detected by this means (encircling coil
in this case) can be precisely observed later on, thanks to the transverse cut for metallography. It is
important to note at this step that failures always appear at the inter-pellet plane, where primary ridges
also develop, as illustrated by the C2 case. In the next section it will further be seen that cracks
penetrating throughout the cladding wall thickness are facing pellet radial cracks.
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Figure 2. Clad defects detection by eddy currents (a) and
local destructive examination of the cladding (C2 rod) (b)
(a)

C2

(b)
(1)

(2)
(1)

(1) Inter-pellet 7/8: Non-penetrating defect of the clad
(2) Inter-pellet 12/13: Failure position

Neutron radiography has some advantages, compared to X radiography, to reveal the exact state of
the fuel column and its characteristics. This method is more precise for pellet observation and, in case
of clad failure, water in the rod can be easily detected due to the high neutron absorption of hydrogen.
Figure 3 shows that neutron radiographic examinations before and after ramp testing allow following
the evolution of major pellets cracks and dishes filling. The latter can also be approached by gamma
spectrometry but, for precise estimation of the dish surface displacement, ceramography on a longitudinal
cut is needed [Figures 3(c) and 3(d)].
Figure 3. Example of rodlet neutron radiography before (a) and after (b) ramp.
Evidence of major radial cracks on pellets and of dishes filling. Correlation
with destructive examinations: as an example (c) longitudinal cut on O4 rodlet
(short holding time), (d) longitudinal cut on N4 rodlet (4 h holding time).

a)

b)

c)

d)

Gamma scanning of short-lived radioactive fissions products is first used at to estimate the axial
power profile. The rod diameter profile is measured by profilometry performed at eight different angles
before and after ramp testing. Comparison between the power profile and the ') profile (diametral
variation after and before the ramp testing, see Figure 4) shows that curves superimpose rather
satisfactorily, indicating that cladding plastic deformation is a correlated function of local power.
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Figure 4. Comparison between the diametral variation ')
and the axial power profile for the L3 rodlet after ramp testing
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Destructive examinations
After non-destructive examinations in the hot cell, the rodlet is punctured to measure its internal
pressure and to analyse the released gas. It is then cut at specific locations determined from previous
examinations in order to perform optical observations of transverse and longitudinal sections as well as
SEM examination of the cladding. Optical microscopy is mostly used to characterise fuel microstructure
(pore distribution, pellet fragmentation…) [6] and cladding evolution or damage (inner and outer oxide
layer thicknesses, hydride distribution, crack shape and azimuthal location…). As mentioned above, in
case of a failed rod the observation of the cracks needs to be performed on an optical transverse section
very close to the damaged inter-pellet plane. It can thus be observed that cladding cracks are just
opposite important fuel radial cracks, as illustrated in Figure 5. The net of larger pellet cracks is a result
of pre-irradiation in a PWR plant (blue arrows in Figure 5) while the secondary net of cracks is due to
the re-irradiation experiment (red arrows). Figure 5 shows that clad PCI damage may be related to the
primary net of pellet cracks as well as to the secondary one. These observations, concerning preferential
positions of clad defects, are quite consistent with the evaluation of mechanical loading distribution at
the inner surface of the clad [7]. But fuel cracks may also be considered as preferential paths for direct
access of aggressive volatile fission products, like iodine, to the clad.
In order to gain a more precise knowledge of the embrittlement scheme of the cladding and compare
it to the well known SCC mechanisms [8], SEM analysis has been performed in different cases. This is
developed in the next section, in conjunction with clad deformation analysis.
Clad evolution
Since the main goal of the PCI safety approach is to ensure the integrity of rod cladding during
severe Class 2 transients, special emphasis is placed here upon the observed evolution of cladding after
ramp testing.
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Figure 5. Cross-sections of rods D2 and C2 near the inter-pellet
plane. Black arrows indicate the location of clad cracks.

Clad diametrical changes
Clad diametrical variations caused by power ramps are shown in Figure 6 for several rods at
different burn-ups and holding times. Primary (inter-pellet) ridges as well as small secondary (median
pellet) ridges are already present before ramp testing, but their alteration after re-irradiation is more or
less spectacular, depending on power level, holding time and burn-up. As illustrated in Figure 6, holding
time appears to be an important parameter governing the growth of ridges, for a given burn-up,
especially that of the secondary ones which end up developing to the detriment of the primary ridges.
The characterisation of the cladding at the mid-pellet plane is probably not of major importance, from
the point of view of failure conditions analysis, but it is however interesting to note the general great
difference between the diametrical cladding changes observed after a long holding time and the ones
existing a few minutes after power increase, which is when failure is likely to occur.
Figure 6. Diameter variations (')) after ramp testing for some rods of the
database from two to four cycles. Effect of the holding time, power and burn-up.
K3 43 kW/m 12 h

(µm)

J3 40 kW/m 2 h

)
'

G2 40 kW/m 12 h

O4 46 kW/m 0s

H2 41 kW/m 16 min

I2 45 kW/m 0s

Axial position (mm)
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Permanent diameter variations at the inter-pellet plane are shown in Figure 7 as a function of local
power. This representation facilitates the comparison between rods in spite of their very different
experimental conditions.

G2 40 kW/m 12 h
B2 47 kW/m 2 h
F2 42 kW/m 14 min
H2 41 kW/m 16 min
D2 46 kW/m 7 min
I2_2 45 kW/m 0s
C2 53 kW/m 3 min

4 cycles

∆Φ (µm)

∆Φ (µm)

Figure 7. Plastic diameter variations (')) as the function of power at the inter-pellet
plane for several rods from two to four cycles. The scales are the same for both graphs.

4 cycles

Power (W/cm)

K3 43 kW/m 12 h
J3 40 kW/m 2 h
L3 53 kW/m 6 min
M3 52 kW/m 2 min
N4 43 kW/m 4 h
O4 46 kW/m 0s

Power (W/cm)

Plotted curves evidence the dependence of strain on burn-up and power, apart from the dependence
on time. Indeed, for all rods, strain increases almost linearly with local power. Deformation is much
more important for high burn-up rods than for low burn-up ones, as one can see for I2 and O4 rods (0 s
holding time) or F2 and K3 rods (about 12 h holding time). Burn-up effect is first related to the thermal
properties of the rod; that is, to the degradation of the fuel thermal conductivity and to the growth of the
external zirconia layer. But high burn-up also results in an important gaseous swelling of fuel, which
largely increases the displacement to be undergone by cladding.
Note that the measured deformations only concern the outer diameter of the cladding. Thus, their
ranking may not be representative of that of the maximum local mechanical loading at the clad inner
surface. Indeed, it is not exceptional that rods with large overall deformations remain sound after
ramping [9]. The deformations, however, reveal the importance of the different inelastic phenomena
that must be considered for good numerical simulation of PCI risk of failure [10].
Clad damage
The mechanisms of cladding failure by PCI have already been intensively studied. It is commonly
accepted that it involves a SCC phenomenon induced by volatile fission products released during power
ramp test; the most suspicious being iodine.
When cladding failure occurs during ramp test, optical microscopy examinations on transverse
samples or by SEM on devoted samples are systematically carried out. The aims of these observations
are to recognise the mechanisms of failure and to compare the different rods which have all undergone
different stresses. Figures 8-11 provide typical views of cladding cracks obtained after power ramp tests.
The transverse metallography (Figure 8) shows a branching crack with a 90q orientation to the
stress direction. The crack opening is relatively large on the Figure 8(a) due to the final failure by ductile
shear, but before total rupture, cracks have very small openings as compared to length in the direction
of cladding thickness [Figure 8(b)]. All these characteristics are consistent with I-SCC.
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Figure 8
(b) Optical micrograph of a partial through wall crack
in the B2 rod. The opening of the fissure is very small.

(a) Through wall crack of the D2 rod on
cross-section observed in optical microscope.
Note the branching crack in the radial direction

For SEM examinations, cracks are opened to show the fracture surface. An overall view of the
fracture is presented in Figure 9. It appears that the crack is very elongated in the axial direction. A more
precise observation of the crack shows a typical aspect of SCC failure in all database rods. The crack
face bordering the inside clad surface exhibits some intergranular details (Figure 10). At about 20 Pm of
the inside clad surface and up to ~380 Pm (which represent 2/3 of the cladding thickness), the fracture
surface especially shows transgranular quasi cleavage and fluting (Figure 11) in which some intergranular
details are sometimes present. The transition from brittle to ductile behaviour occurs at 2/3 of the clad
thickness.
Figure 9. L3 fracture surface in SEM
Total view of the rupture (brighter contrast) with a very elongated
form in the axial direction in comparison to the thickness of the clad
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Figure 10. C2 fracture surface in SEM
Intergranular details near the inside clad face (circled in white) and after 15 Pm,
transgranular rupture with quasi cleavage and fluting (circled in blue)

Figure 11. C2 SE micrograph. Transgranular rupture with quasi cleavage and fluting.

It thus appears that the PCI cladding failures all exhibit the same characteristics whatever the ramp
conditions: typical SCC appearance, with a relatively large extension of the crack in the axial direction
and a brittle to ductile transition arising at about 2/3 of the cladding thickness in the radial direction.
Some SEM examinations of non-cracked rods have also been carried out. A brittle fracture surface
is often observed adjacent to the inside clad surface at a depth of a few Pm (10-15 Pm) even for rods
which have been ramped at relatively low power (H2) and for rods maintained a long time at intermediate
power (K3 for instance). It is difficult to determine if this embrittlement is due to SCC, because the
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structure of the internal clad surface is modified during irradiation by ion implantation among other
things, which can affect the appearance of the internal fracture surface after mechanical preparation of
SEM samples. The distance of fission product implantation has already been calculated [11] and is
estimated to be around 10 Pm, i.e. the same order of magnitude as the embrittled surface. These cracks
are therefore considered insignificant in terms of SCC embrittlement. Times to failure are provided in
Table 2. Rods are ranked by increasing power conditions. For instance L3 has undergone the most
severe ramp test conditions in terms of final power and power variation.
Table 2. Times to failure for ramp testings
F2
5 min

tR

D2
4 min

B2
4 min

C2
1 min

L3
1 min

The times to failure are all relatively short (< 6 min). Since the unique SCC mechanism has proven
to be at the origin of the rupture, it may be stated that the kinetics of crack propagation are roughly the
same as soon as crack initiation is over. Therefore time to failure differences must be essentially the result
of differences in crack development kinetics in the initiation step. Crack initiation is closely bound to
the mechanical loading of the cladding, generated by the UO2 pellet fragments’ displacement, and it is
thus directly related to the power ramp test parameters. As power increases, the probability to initiate a
crack increases as well, and for very high final power, the crack may be initiated during the transient,
before the power stabilisation, inducing a short time to failure. Previous laboratories studies of I-SCC
phenomenon had shown that the transgranular propagation kinetic can be around 150 Pm/min on
average [12,13]. For an SCC radial spread of 380 Pm, the clad requires more than 2 minutes to fail if
cracking starts almost immediately after reaching the high power level, indicating that for all rods
(except C2 and L3) crack initiation occurs during the high power level. This is consistent with the
observations concerning the I2 rod, which has been ramped up to 45 kW/m with zero holding time.
Post-irradiation examinations did not show any significant incipient crack and proved that SCC
embrittlement does not occur during the power increase, at least up to this range of power.
The following analysis consists in an attempt to define a purely experimental failure criterion. The
depth of clad cracks on different inter-pellet planes was measured on all optical or SE micrographs and
ranked as a function of P and 'P (Figure 12). Only cracks with a radial length higher than 10 Pm were
considered. It appears that above the power of F2 [Figure 12(a)], the rods exhibit many damaged IPs,
particularly C2 and L3, which were tested under very severe conditions. M3 did not fail because it was
maintained at high power only for a very short time. The conclusion for the 'P graph [Figure 12(b)] is
not so clear since the H2 rod is not damaged while its 'P is of the same order as F2, D2 and B2.
Figure 12. Comparison of size of the clad crack with the local power (a) and with the increment
of power 'P (b). On (a) graph-indicated times are rupture times or for lack, holding times.
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As local power controls local pellet geometry, with more or less severe cracks providing possible
local “punching” of the inner side of the clad, local strain around the end of the power increase is
probably a decisive parameter. But the measurements provide only the mean values of the external
diameter, moreover at the very end of the test. Only modelling can thus give access to this parameter, at
the right time [7]. If such information is lacking, power seems to be a good ranking parameter with a
threshold rod: F2.
Note the importance of burn-up on the cladding embrittlement by SCC: for low burn-up no
significant crack was observed on A1, whereas this rod underwent a more severe ramp test than B2.
High burn-up rods seem to have a better resistance too; see K3 rods with only small cracks (20 Pm
max.). N4 tested with the same characteristics as K3, and no significant embrittlement was observed.
The two-cycle rods are clearly more sensitive to embrittlement through SCC than one-cycle rods. A slight
trend toward a better SCC resistance was also observed on high burn-up rods.
Conclusion
This paper aimed to describe cladding embrittlement during ramp tests conducted on Zy-4/UO2
standard rods in the OSIRIS reactor at CEA Saclay. Examinations were carried out on rods before and
after re-irradiation in order to define clad failure locations and their characteristics. These examinations
give access to a large range of complementary experimental results. Analysis of clad deformations shows
that results are consistent in terms of burn-up, holding time and power impact. The burn-up effect is
clearly evidenced based on the global deformation of the rod. Examinations of clad cracks show that the
power ramp test failures all have the same characteristics whatever the ramp conditions: typical SCC
fracture appearance, with an extension in the axial direction, and a brittle/ductile transition occurring at
about 2/3 of the cladding thickness in the radial direction. A unique mechanism seems to be at the
origin of failures. This is confirmed by the consistency of times to failure between the different rods.
The analysis of crack lengths shows that two-cycle rods are more sensitive to SCC; the better behaviour
of one-, three- and four-cycle rods is confirmed. Analysing the ramp tests in terms of failure criterion
indicates that over a given local power, rod IPs can be seriously damaged. Local strain is probably a key
parameter, but only modelling can lead to this very local information.
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Abstract
Following the conclusions reached at the end of the FUMEX-I code comparison exercise, the
International Fuel Performance Experimental Database (IFPE) gave priority to collecting and assembling
data sets addressing: thermal performance, fission gas release and pellet-clad mechanical interaction
(PCMI). The data available that address the last topic are the subject of the current paper.
The data on mechanical interaction in fuel rods fall into three broad categories:
1. Fuel rod diameter changes caused by periods spent at higher than normal power.
2. The result of power ramp testing to define a failure threshold.
3. Single effects studies to measure changes in gaseous porosity causing fuel swelling during
controlled test conditions.
In the first category, the fuel remained un-failed at the end of the test and the resulting permanent clad
strain was due to PCMI caused by thermal expansion of the pellet and gaseous fuel swelling. Some
excellent data in this category come from the last two Risø Fission Gas Release projects. The second
category, namely, failure by pellet-clad interaction (PCI) and stress corrosion cracking (SCC) involves
the simultaneous imposition of stress and the availability of corrosive fission products. A comprehensive
list of tests carried out in the Swedish Studsvik reactor is included in the database. The third category
is a recent acquisition to the database and comprises data on fuel swelling obtained from ramp tests on
AGR fuel and carried out in the Halden BWR. This data set contains a wealth of well-qualified data
which are invaluable for the development and validation of fuel swelling models.
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Introduction
The aim of the International Fuel Performance Experiments Database (IFPE) is to provide a
comprehensive and well-qualified database on Zr clad UO2 fuel for model development and code
validation in the public domain. The data encompass both normal and off-normal operation and include
prototypic commercial irradiations as well as experiments performed in material testing reactors.
The database is restricted to thermal reactor fuel performance, principally with standard product
zircaloy-clad UO2 fuel, although the addition of advanced products is included where available, e.g. fuel
including MOX, gadolinia and niobia, etc., and clad variants. Emphasis has been placed on including
well-qualified data that illustrate specific aspects of fuel performance. Following the conclusions
reached at the end of the FUMEX-I code comparison exercise, priority was given to collecting and
assembling data sets addressing: thermal performance, fission gas release and pellet-clad mechanical
interaction (PCMI). Whilst most of the data sets concern irradiation experiments on fuel rods, data on
out-of-pile tests investigating fission gas release and fuel swelling are also included. The list of data
sets currently available is given in Table 1. No references are given in this paper as all appropriate
documentation was scanned and accompanies the data sets on the CDs supplied by the NEA.
The mechanical interaction between fuel pellets and cladding
In the case of water-cooled reactors, the fuel rods are made up of ceramic fissile pellets of UO2 or
(Pu,U)O2 contained in a zirconium-based alloy tube. At the beginning of the irradiation, there is a
distinct circumferential gap between the external face of the fuel pellets and the inner bore of the
cladding tube. On raising power, this gap is reduced through thermal expansion of the pellet. This gap
becomes less distinct as the ceramic pellets crack under the influence of the radial temperature
gradient. The distance between the pellet surface and the cladding inner bore is further reduced as the
pellet fragments relocate radially outwards. The free volume is now shared between the residual gap
and the space between pellet fragments.
As irradiation proceeds, the cladding diameter reduces by creep driven by the compressive hoop
stress induced by the difference between coolant pressure and the internal pressure of the fuel rod.
Eventually, the cladding creeps down onto the fuel finally eliminating the fuel-to-clad gap and moving
the pellet fragments closer together. As a rough guide, this occurs during the second cycle of irradiation
in the burn-up range 10-20 MWd/kg. Prior to gap closure, the cladding is under a compressive hoop
stress. Once the gap is closed and the cladding and pellet fragments are in contact, the hoop stress
gradually decreases as the pellet fragments resist the reduction in cladding diameter. The hoop stress
in the cladding eventually becomes positive when all the internal free space is exhausted and the pellet
fragments are in intimate contact.
At any stage during irradiation, an increase in power can cause the pellets to expand through
both thermal expansion and fission product swelling to induce a positive hoop stress in the cladding.
The immediate reaction of the cladding is to expand outward by elastic deformation and subsequently
by plastic strain and creep, thus reducing the interfacial stress. This interaction between the fuel pellet
and the cladding is termed pellet-clad mechanical interaction (PCMI). If, however, the clad hoop stress
is sufficiently large, and the pellet temperature is high enough to release corrosive fission products,
internal cracks may be initiated at the inner bore by stress corrosion cracking (SCC) which grows
under the influence of the maintained hoop stress such that the cladding fails. The generic term for this
is failure by pellet-clad interaction (PCI).
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Operation of commercial reactors with failed cladding is not a viable option as it compromises
safety and leads to a highly contaminated primary coolant circuit resulting in difficulties with
maintenance and fuel handling on discharge. Reactors are sometimes operated intentionally with a
small number of small cladding defects, but wherever possible such failures are avoided by careful
choice of materials, manufacturing quality assurance measures and operating constraints. In order to
define the limit of safe operation, it is necessary to develop fuel performance codes to calculate PCMI
effects and validate the predictions against experimental data on cladding diameter change. To take the
predictions further by calculating probability of failure, code predictions must be compared with the
results of dedicated ramp tests providing statistics including both failed and un-failed rods.
Such data are available, and it has been the intention of the IFPE Database to include as much
useful data as possible for use by code developers. This paper sets out to guide users to the most
appropriate data for their requirements. To this end, discussion of the data is provided under the
following three headings:
x

Fuel rod diameter changes induced by PCMI.

x

The definition of the PCI failure threshold.

x

Single effects studies to measure fuel swelling during controlled test conditions.

The first two topics have already been discussed. The third has been alluded to when discussing
expansion of the fuel pellet. In effect, along with thermal expansion, fuel swelling is one of the driving
forces for PCMI. Whereas inexorable swelling caused by the incorporation of fission products in the
lattice is a linear function of burn-up, the concern here is the formation and behaviour of gas bubbles
when they are created during high-power operation. As will be seen later, the data set included in the
database is a highly detailed and valuable study of this phenomenon.
Fuel rod diameter induced PCMI
The major part of this data set is made up of PIE diameter measurement before and after fuel rods
have been subjected to a period of high power. There are three main data sets addressing this behaviour.
These will be discussed first, followed by a small number of cases concerning the related effect of clad
length changes driven by expansion of the fuel column. These are all in-pile measurements which can
illustrate some of the dynamic effects of PCMI. Additional data are available from the series of
Studsvik ramp tests and these are discussed further on.
The Risø Transient Fission Gas Release Project
In this project, short lengths of irradiated fuel were fitted with in-pile pressure transducers and
ramped in the Risø DR3 reactor. The fuel used came from either IFA-161 irradiated in the Halden
reactor or from GE segments irradiated in the Millstone BWR. Using this refabrication technique, it
was possible to back-fill the test segment with a choice of gas and gas pressure and to measure the
time dependence of fission gas release by continuous monitoring of the plenum pressure. The short
length of the test segment was an advantage because, depending on where along the original rod the
section was taken, burn-up could be a chosen variable, and during the test the fuel experienced a single
power. Some segments were tested without refabrication. Here the fuel stack was longer than in the
case of the refabricated tests and hence the segments experienced a range of powers during the ramp
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depending on axial position in the test reactor. These “unopened” segments were used to confirm that
refabrication did not affect the outcome of the tests. Extensive hot cell examination compared the fuel
dimensions and microstructure before and after the tests.
Some 17 tests were performed and all but one (which failed) have been included in the database
and provide valuable clad diametral deformation ('D) and fuel swelling as a function of ramp power
and hold time. A summary of the test matrix is given in Table 2 with a brief comment on the degree of
PCMI observed. It was noticeable that the Halden irradiated fuel, i.e. the “Risø” tests, showed distinct
ridging and ridge height growth, unlike the GE tests, where there was little evidence of this. This
contrast in behaviour is illustrated in Figure 1 showing the diameter traces before and after tests Riso-a
and GE-a. Figure 2 shows the variation in diameter change observed for GE-i which was tested
without refabrication. It is clear that the diameter change is a function of position and hence power
during the test.
Figure 1(a). Traces of rod diameter before and after
testing for Riso-a, showing distinct ridges and ridge growth

Figure 1(b). Traces of rod diameter before and after
testing for GE-a showing indistinct evidence of ridging
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Figure 2. Diameter traces before and after test GE-i showing the
dependence of diameter change on position and hence power during the test

The Third Risø Fission Gas Release Project
The third and final Risø project was very similar to the previous one with the exception that many
rods were refabricated with pressure transducers and thermocouples, hence the data generated was
complemented by knowledge of fuel centreline temperatures during the high-power test. The fuel used
in the project was from: IFA-161 irradiated from 13-46 MWd/kgUO2 in the Halden BWR, GE BWR
fuel irradiated from 20-40 MWd/kgUO2 in Quad Cities 1 and Millstone 1, and ANF PWR fuel irradiated
in Biblis A to 38 MWd/kgUO2. There were seven tests using PWR fuel, three of which were long
sections without refabrication. Four tests used GE BWR fuel, one of which was a long section without
refabrication and four tests used sections cut from IFA-161 rods. The tests consisted of a period held at
a constant high power but, as in the previous project, some tests had short duration over and under
power peaks and dips, respectively. These were conducted expressly to investigate axial gas transport
to the plenum where the in-pile pressure transducer was situated. An overview of the test matrix is
shown in Table 3 whilst an example of diameter traces before and after test AN3 is shown in Figure 3.
Note in particular the growth of ridges at the pellet ends and the reduced deformation over the
thermocouple. This is on account of the reduced power and lower PCMI induced by the hollow pellets.
The large diameter change and its dependence on axial position for test GE7 is shown in Figure 4.
Figure 3. Axial diameter traces before and after test AN3. Note the
growth of ridges and reduced deformation over the thermocouple.
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Figure 4. The axial variation in diameter before and after the test GE7.
The variation in 'D is on account of the axial power profile over this long rod.

Both figures show the positions at which sections were cut for PIE by transverse metallography
(MT), longitudinal metallography (ML), transverse micro gamma scanning (MG), transverse X-ray
fluorescence (XRF) and transverse electron probe micro analysis (EPMA). Thus the diameter changes
are accompanied by detailed measurements of grain size, gas bubble and fission product distributions.
CEA/EDF/FRAMATOME PWR rods ramped in OSIRIS
This data set contains details of three standard PWR rods and one segmented rod irradiated in
EDF commercial reactors. One rod and one segmented rod were refabricated and ramp tested in
the CEA OSIRIS reactor to investigate their PCI resistance. The data set contains details of the
pre-characterisation of the fuel pellets, the cladding tube and the assembled fuel rod.
Segment J12-5 was from the fifth span of the segmented rod J12 irradiated for two cycles in
Gravlines 5 to 23.8 MWd/kgU. This was refabricated with new end plugs without disturbing either the
fuel column or the internal fill gas and ramp tested in OSIRIS. After conditioning at 21 kW/m it was
quickly ramped and held at 39.5 kW/m and discharged without failure.
K11 was a full-length rod irradiated to 25.4 MWd/kgU for two cycles in Gravelines 3. A section
of this rod was cut from span 5 between grids and ramp tested as K11-5 in OSIRIS. After conditioning
at 24 kW/m it was quickly ramped and held at 43.7 kW/m and discharged without failure.
The ramp induced measurable diameter change and ridge height growth in both tests. Figure 5
shows the diameters before and after the ramp for K11-5. Of particular interest in this figure is the
growth of secondary ridges located at the mid-length of the pellets. This was also observed in J12-5.
Halden in-pile cladding length changes
Many irradiations carried out in the Halden reactor contain rods fitted with clad elongation
detectors. These enable a measure of clad length to be made in-pile providing data as a function of
power, time and burn-up. As such, the data are extremely useful for evaluating the interaction between
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Figure 5. Diameter traces before and after ramp
testing section K11-5 in the CEA OSIRIS reactor

pellet and cladding under various irradiation conditions. The database contains such data for experiments
IFA-432 rods 2, 3 and 6, IFA-535.5 and .6 and IFA-597.3 rod 7. IFA-432 contained rods of different
grain sizes and was irradiated in the HBWR to provide information on the thermo-mechanical behaviour
of fuel rods for code development. PCMI was observed at the start of life for the small gap rod 3, but it
was not observed to any degree in the large gap rods 2 and 6 until there was appreciable fission gas
release and swelling. IFA-535.5 and .6 were rods irradiated to 44 MWd/kgUO2 at modest powers in
IFA-409 before re-instrumentation and ramping in IFA-535; two rods were fast ramped in loading five
and two other rods were subjected to a slow ramp in the sixth loading. The third loading of IFA-597
contained two rods of which rod 7 was fitted with a clad elongation detector. The fuel was cut from
rods previously irradiated at low power to a high burn-up of 59 MWd/kgUO2 in the Ringhals 1 BWR.
On re-irradiation in Halden, the rod power was increased to 30 kW/m and decreased slowly to
~22 kW/m at a burn-up of 61 MWd/kgUO2. In all cases, an increase in power is accompanied by an
increase in cladding length which subsequently relaxes. A typical behaviour is illustrated in Figure 6
for the slow-ramped rods in IFA-535.6.
The definition of the PCI failure thresholds
The Studsvik laboratories in Sweden have specialised in performing ramp tests to establish the
propensity to failure of different design fuel rods. They have carried out many sponsored programmes
of which the database contains the results from the BWR projects INTER-RAMP, SUPER-RAMP,
DEMO-RAMP 1 and 2 and TRANS-RAMP 1. Concerning PWR fuel, the database contains results
from OVER-RAMP, SUPER-RAMP, TRANS-RAMP 2 and 4; in all, some 54 BWR rods and 80 PWR
rods. This section concentrates on the data available to define the failure threshold but, in addition, the
PIE carried out in the various programmes also produced good data on diameter change and ridge
height growth.
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Figure 6. In-pile clad elongation as observed during a slow ramp and hold in the Halden
experiment IFA-535.6. Note the relaxation during the period of constant high power.

The Studsvik INTER-RAMP BWR Programme
The objectives of this project were to establish the fail-safe operating limits of 20 standard-type,
unpressurised BWR fuel rods on over-power ramping at the burn-up levels of 10 and 20 MWd/kgU.
The over-power ramping was to be performed at a fast ramp rate of about 4 kW/m/min with the
preceding base irradiation performed to represent the conditions in a typical commercial BWR power
reactor. The fuel was manufactured by ASEA-ATOM and irradiated in boiling capsules (BOCA) in
the Studsvik R2 reactor. The disposition of the rods in the boiling capsules resulted in “high” and
“low” power groups of rods. The study investigated the influence of three main design parameters:
clad heat treatment (re-crystallised anneal “RX” vs cold work plus stress relief anneal “SR”),
pellet/clad diametral gap size and fuel density. Ramping was to power levels ranging between 41 to
65.4 kW/m resulting in 11 failures. A failure threshold around 42-43 kW/m was found for the low
power rods and a threshold of around 47-48 kW/m was found for high power rods. PIE was performed
to measure diameter changes and ridge height growth.
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The Studsvik SUPER-RAMP BWR Sub-programme
The BWR sub-programme consisted of three groups of rods with variations in design and
material parameters. The rods were base-irradiated in BWRs Würgassen or Monticello at average heat
ratings in the range 11-23 kW/m to peak burn-ups in the range 28-38 MWd/kgU and were subsequently
ramp-tested in the R2 reactor at Studsvik. The major results can be summarised as follows:
x

Standard-type KWU fuel rods, group BK7:
 When ramped as a single fast ramp from a conditioning power of 25 kW/m, a failure
threshold for PCI/SCC was found at 32.5-36 kW/m and power change of 7.5-11 kW/m.
Performing the ramps in two steps with conditioning after the first step for 12-24 hours at
32.5 kW/m increased the threshold to at least 37.5 kW/m with a permissible power
change of >12.5 kW/m.
 Single ramps from 18 kW/m provided a failure threshold of 30-33 kW/m with a power
change of 12-15 kW/m.
 Ramp testing up to 40.5 kW/m produced only small dimensional changes, little FGR and
slight fuel structure changes. Thin layers containing uranium and fission products were
found on the inside surface of the clad only at pellet-to-pellet interfaces or at the location
of pellet cracks.

x

Standard GE fuel rods groups BG8 and BG9. These rods were tested with various ramp rates
and final power levels. It was possible to define the conditions below for which no failures
were experienced:
 Single-step ramping from 21.5 kW/m to 41.5 kW/m for the lowest ramp rates tested,
0.033 W/cm/min.
 Single-step ramping from 21.5 kW/m to 32 kW/m at a safe ramp rate of 0.044 W/cm/min,
and from 32 kW/m to 38 kW/m at 0.033 W/cm/min.
 Up to 44 kW/m there were considerable dimensional changes, little FGR and moderate
fuel structure changes.

The Studsvik DEMO-RAMP 1 BWR Programme
Five rods were manufactured by BNFL and irradiated in Ringhals 1 at powers 16-29 kW/m to
burn-ups of 14-17 MWd/kgU. The rods encompassed three PCI remedy candidates:
x

Annular short length pellets.

x

Nb2O5-doped UO2 of large grain size.

x

High helium pressure.

The project demonstrated an improved performance for all potential remedies as no rods failed
during R2 ramping to powers in the range 46-61 kW/m.
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The Studsvik DEMO-RAMP 2 BWR Programme
The principal objective of the DEMO-RAMP II project was to investigate the early stages of clad
failure by PCI during fast power up-rating of standard type BWR 8 u 8 test fuel rods. Eight KWU
manufactured rods were base-irradiated through three consecutive fuel cycles at heat ratings in the range
of 16-30 kW/m to burn-ups in the range of 25-29 MWd/kgU in the commercial Würgassen boiling water
reactor in FR Germany and ramped in the R2 reactor.
The project produced results that can be summarised as follows:
x

The eight rods ramp-tested produced one failed rod, five rods containing incipient cracks and two
un-failed rods.

x

A fuel failure threshold was established. The location of the failure threshold was in good
agreement with the result of the INTER-RAMP project study.

x

Due to the success in catching incipient cracks by the interrupted ramp tests, data were produced
on the incidence of incipient crack formation as a function of ramp terminal levels and hold times
in short time power transients.

x

The failure pre-stage was characterised by the identification of incipient stress corrosion cracks at
the cladding inside surface and quantified in terms of, e.g. incipient crack depth, restructuring of
the fuel pellets and fission gas release, these data being dependent on both power level and time
at power.

x

It was found that the time for initiation of stress corrosion cracks in the cladding was very short,
and that the initiation of cracks was accompanied with very little fission gas release. The best
way of illustrating the results is by means of the plot of ramp terminal level versus hold time as
shown in Figure 7.
Figure 7. Disposition of defected cladding as a function of ramp terminal
level and hold time for rods ramped in the DEMO-RAMP 2 project
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The Studsvik TRANS-RAMP 1 BWR Programme
Five KWU BWR design test fuel rods were ramp-tested under a very fast power increase after base
irradiation in the Würgassen power reactor at heat ratings in the range of 20-30 kW/m to burn-ups in the
range of 18-21 MWd/kgU.
After conditioning at 30 kW/m for 24 hours, the rods were ramped at a rate of approximately
1 000 kW/m/min to power levels in the range of 47.5-56 kW/m. Two of the rods were held at the ramp
terminal level long enough to give an indication of failure by the rod elongation sensor, after 58 and
74 seconds, respectively, and later a release of fission product activity to the coolant.
Three of the ramp tests were purposely terminated after a very short time (18.5, 35.5 and
55.5 seconds). Incipient cracks with cladding wall penetration up to 20-50% of the wall thickness were
found at pellet interfacial positions in the rods tested as interrupted ramp tests. No incipient cracks
were observed at axial regions corresponding to local powers below 40 kW/m. It was concluded
that incipient cracks are formed in the cladding if the failure threshold power level is exceeded.
The development of the cracks is dependent on time and power.
The Studsvik OVER-RAMP PWR Programme
The programme power-ramped 39 individual test fuel rods of two different origins and designs.
Twenty-four (24) of the rods were of KWU/CE design and were provided by KWU. They were
delivered to the project following base irradiation in Obrigheim to burn-ups in the range 12-31 MWd/kg.
Fifteen (15) of the rods were of Westinghouse design and were delivered after irradiation in the BR-3
reactor at Mol, to burn-ups in the range 16-24 MWd/kgU.
The KWU rods were ramped to final power levels in the range 37.8-53.0 kW/m producing failures
in seven rods. The Westinghouse rods were ramped to final power levels in the range 37.5-44.5 kW/m
producing failures in seven rods. The KWU rods were divided into six sub-sets whilst the Westinghouse
rods were in four sub-sets. Taken individually, failures and no failures were obtained in all sub-sets
apart from one KWU sub-set where no failures occurred. For all but this sub-set, failure thresholds
could be devised, but the small number of rods and hence poor statistics meant that any derived value
had a large uncertainty.
The SUPER-RAMP PWR Sub-programme
This consisted of six groups of rods with variations in design and material parameters. The KWU/CE
rods were base-irradiated in the Obrigheim power reactor whilst the Westinghouse supplied rods were
irradiated in BR-3. KW/CE rods were identified in four sub-groups: PK1, PK2, PK4 and PK6, with
burn-up levels 11-12, 21-23, 21-22 and 22-25 MWd/kg, respectively. The Westinghouse rods formed
two sub-groups (PW3 and PW5) having achieved 35-38 and 39-41 MWd/kgU, respectively.
The result of the ramp testing can be summarised as follows:
x

Standard-type fuel rods, group PK1 and PK2. All rods sustained ramping to power levels in
the range 41-49 kW/m and power changes 16-24 kW/m without failure, in spite of large
deformations, fuel restructuring and fission gas release particularly for the PK2 rods.

x

Standard rods containing gadolinia, group PK4. The rods all sustained power ramping to
levels in the range 39-50.5 kW/m and power changes 14-25 kW/m without failure, in spite of
large deformations, fuel restructuring and fission gas release.
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x

Test fuel rods containing large grain size fuel, group PK6. A failure threshold of 44 kW/m
and power change of 18.5 kW/m was established for these rods. The fuel restructuring was
modest and the fission gas release was low compared to other PK rods. Significant fuel bonding
between fuel and cladding was found.

x

Standard rods, group PW3. A failure threshold of ~37.5 kW/m was found and a power
change of 12.5 kW/m.

x

Test fuel rods containing annular pellets, group PW5. The rods all failed at power levels
38-43 kW/m with a power change of 13-18 kW/m. Hence there was no improvement in failure
resistance over standard solid pellet rods.

x

General observations. The inside clad of all ramped rods in groups PK1, PK2 and PK4 was
mostly covered with a thin layer of deposits containing uranium and fission products. On PK6
rods, significant bonding between fuel and clad was found in large patches.

The Studsvik TRANS-RAMP 2 PWR Programme
The project’s test programme consisted of ramping six fuel rods manufactured by Westinghouse
and irradiated in the Zorita (Jose Cabrera) nuclear power plant in Spain. These rods had been
base-irradiated at heat ratings in the range of 20-22 kW/m.
After conditioning at 20 kW/m for six hours the rods were ramped at a rate of about 100 W/cm/min
to power levels in the range of 43-60 kW/m. Of the six fuel rods, three failed after 48-80 seconds
(from the start of the ramp) while the remaining three were un-failed after 26-60 seconds. These results
showed the relationship between rod power at failure and the time.
The rods underwent a thorough examination programme, comprising characterisation prior to the
base irradiation, non-destructive examination between the base irradiation and the ramp irradiations,
on-line measurements during the ramp irradiation and both non-destructive and destructive examinations
after the ramp irradiations. Clad inside inspections give a correlation between the formation of
incipient (non-penetrating) cladding cracks and the rod linear power indicating a damage threshold of
about 40 kW/m, possibly lower.
The Studsvik TRANS-RAMP 4 PWR Programme
Seven test fuel rods, re-fabricated by the CEA-FABRICE process from full-size PWR fuel rods of
standard FRAGEMA design irradiated to a burn-up of about 28 MWd/kgU in the French reactor plant
Gravelines 3, were made available to the project.
Four of the test fuel rods were used for exploratory ramp tests to obtain information on the failure
boundary curve and on the ramp test data needed to produce incipient cracks in the cladding of the
fuel rods.
The remaining three test fuel rods underwent first a power transient in the R2 loop No. 1, then
an irradiation at PWR conditions in a BOCA rig in the R2 to give a burn-up increment of about
4 MWd/kgU, and finally, a second power ramp, to about the same power level as during the first
power transient, but with hold to failure.
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Based on the ramp results and the results of the non-destructive examinations of the three rods
performed prior to, between and after the three irradiation phases the following conclusions were drawn:
x

The first transient caused the formation of incipient cladding cracks in only one of the rods.
This also rod had the largest amount of pellet-to-pellet dish filling.

x

The BOCA irradiation caused a propagation of the cracks in the rod containing incipient
cracks.

x

The second power ramp caused a further propagation of the cracks in the rod containing
incipient cracks and caused the rod to fail with a time to failure shorter than would be expected
for a rod going through a first transient. This implied that this rod was exposed to cumulative
damage which resulted in enhanced failure during the second power ramp.

x

For the two other rods it was not possible to draw any firm conclusion about the influence of the
first transient on the rod behaviour during the second ramp test due to the lack of an established
failure boundary curve for rods ramped only once. Comparing results of previously performed
ramp test projects, it seemed probable that the first transient did not influence rod behaviour
during the second ramp test.

The test matrix is shown in the table below, whilst the results are synthesised to produce a failure
boundary in Figure 8.
Rod
M12/3
Q11/1
Q11/2
Q11/3
Q12/1
Q12/2
Q12/3

Ramp 1
Yes – failed
Yes – no failure
Yes – failed
Yes – no failure
Yes – no failure
Yes – no failure
Yes – no failure

BOCA irradiation
–
–
–
–
Yes
Yes
Yes

Ramp 2
–
Yes – failed
–
–
Yes – failed
Yes – failed
Yes – failed

Figure 8. Failure threshold derived from the results of the TRANS-RAMP 4 PWR programme
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Single effects studies on fuel swelling
This data set comprises measurements of inter- and intra-granular porosity and associated swelling
from an extensive study of UO2 fuel power ramped in the Halden reactor. The ramp tests were performed
to study the mechanisms of PCI in advanced gas-cooled reactor (AGR) fuel, with the initial clad
deformation measurements supplemented by the use of transmission electron microscopy (TEM) and
scanning electron microscopy (SEM). Although the cladding in this case was stainless steel, the data
on fuel swelling are generic and equally applicable to LWR fuel modelling.
Fuel specimens from 11 ramped rods and two control/reference rods were examined using TEM
and SEM. For each specimen, swelling measurements were made at four or five radial locations in the
fuel. At least six full grain boundaries were used for the inter-granular study at each location and three
complete trans-granular fractures employed for the intra-granular bubbles. In the latter case, the
trans-granular regions were examined under very high magnifications to reveal pores as small as
20-25 nm diameter. The SEM study comprises nearly three thousand micrographs.
The microscope study was augmented by use of the ENIGMA fuel modelling code to obtain
estimates of the local temperatures and conditions from which the SEM/TEM samples were obtained.
In addition, un-ramped samples of the same fuel were annealed to temperatures of 1 600-1 900qC
in a combination of different temperature ramp rates, maximum temperature attained and hold times.
Measurements of fission gas release were made during the anneal with porosity distribution and swelling
measurements made after the anneal.
The data contained in this data set are extensive and provide invaluable information to fuel
modellers on the mechanisms involved in gas porosity formation, both intra- and inter-granular. The use
of different ramp rates and the “park” period after ramping allows important conclusions to be drawn
regarding bubble nucleation, the effects of vacancy starvation and the influence of irradiation induced
re-solution. As such, the measurements provide the necessary data on which to develop and validate a
model describing the dynamics of fuel swelling during the course of an over-power transient. For further
details of this data set, reference should be made to the appropriate paper presented at this workshop.
Concluding remarks
Access to the database is through the NEA, who provides the data and documentation on CDs.
While every care has been taken in preparing complete error-free data sets, there is sometimes a need to
issue revisions. It is important therefore that all users be registered with the NEA so any revisions are
sent to them as a matter of course. There is no charge made for this service, but recipients are urged to
carefully review data sets that are used and to provide feedback on their experience in using the data.
Improvements to the database rely on this interaction offered by users.
The creation of the database has met with universal approval and consequently there has been no
difficulty experienced in obtaining data for inclusion. However, new data are always welcome. To gain
access to the IFPE Database or to offer new data, contact should be made through:
Dr. Enrico SARTORI
OECD/NEA Data Bank
Le Seine-Saint Germain
12 boulevard des Iles
F-92130 ISSY-LES-MOULINEAUX
FRANCE
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Tel: +33 1 45 24 10 72
Fax: +33 1 45 24 11 10
Eml: sartori@nea.fr

More information can be found at the following sites:

http://www.nea.fr/html/science/projects.html#fuel
http://www.nea.fr/html/dbprog/
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Table 1. IFPE database, list of cases as of December 2003
Halden irradiated IFA-432
Halden irradiated IFA-429
Halden irradiated IFA-562.1
Halden irradiated IFA-533.2
Halden irradiated IFA-535.5 &.6
The Third Risø Fission Gas Release Project
The Risø Transient Fission Gas Release Project
The SOFIT WWER Fuel Irradiation Programme
The High Burn-up Effects Programme
WWER rods from Kola-3
Rods from the TRIBULATION programme
Studsvik INTER-RAMP BWR Project
Studsvik OVER-RAMP PWR Project
Studsvik SUPER-RAMP PWR Sub-programme
Studsvik SUPER-RAMP BWR Sub-programme
Studsvik DEMO-RAMP I – BWR
Studsvik DEMO-RAMP II – BWR
Studsvik TRANS-RAMP 1 – BWR
Studsvik TRANS-RAMP 11 – PWR
Studsvik TRANS-RAMP IV – PWR
CEA/EDF/FRAMATOME Contact 1 & 2
AEAT-IMC NFB 8 and 34
CEA/EDF/FRAMATOME PWR and OSIRIS ramped fuel rods
CENG defect fuel experiments
CANDU elements irradiated in NRU
Siemens PWR rods irradiated in GINNA
CEA failed PWR rods irradiated in SILOE: EDITH-MOX 01
CNEA six power ramp irradiations with (PHWR) MOX fuels
BN GAIN (U,Gd)O2 fuel
INR Pitesti – RO-89 and RO-51 CANDU fuel type
HRP IFA-597.3 rods 7, 8 and 9 (cladding degradation, FCT, FGR at
Bu » 60 MWd/kgUO2
HRP IFA-534.14 rods 18 and 19 ( EOL FGR and pressure, grains size
of 22 and 8.5 micrometers and Bu » 52 MWd/kgUO2
DOE sponsored BR3 High Burn-up Fuel Rod Hot Cell Programme
IAEA/OECD/IFE FUMEX – 1
IMC (UK) Swelling data from CAGR UO2 fuel ramped in the Halden
HBWR
NRU MT4 & MT6A LOCA simulation tests
Total
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5 rods
7 rods
12 rods
1 rod
4 rods
16 rods
15 rods
12 rods
81 rods
32 rods
19 rods
20 rods
39 rods
28 rods
16 rods
5 rods
8 rods
5 rods
6 rods
7 rods
3 rods
22 samples
4 rods
8 rods
36 rods
17 rodlets
1 rod
5 rods
4 rods
2 rods
3 rods
2 rods
5 rods
6 rods
13 rods
33 rods
502 cases

363

42.0
42.5
41.7
44.5

26.81
42.31
26.79

26.63

28.54
29.38
26.02
26.02

26.02

26.02
19.31
14.27

26.86

Riso-h
Riso-i
Riso-k

Riso-l

GE-a
GE-b
GE-g
GE-h

GE-i

GE-l
GE-k
GE-m
GE-n
GE-o

43.6

42.4
38.7
42.3
42.7

39.8

40.4
40.1
40.7

40.0
41.6

34.87
36.95

Riso-b
Riso-e

Maximum power
kW/m
39.8

Riso-a

Test

Burn-up
MWd/kgUO2
37.27
15.3
24.9

(14)

FGR %
Short section

Comment re: test

Clad failure
Noticeable 'D with large ridge height growth
Small 'D but large ridge height growth
Noticeable 'D with large ridge height growth

Comment re: PCMI

Short section
Short section
Long hold time
1 Xe
16.7
Short section
Small 'D but large ridge height growth
1 Xe
13.3
Short section
Large'D and large ridge height growth
1 Xe
24.6
Short section
Little 'D, some ridge growth
Large gap
5 He
15.7
Short section
Little 'D, some ridge growth
Large gap
5 He
18.8
Short section
Large 'D indistinct ridge growth
1 Xe
19.7
Short section
Variable small 'D
16 He
18.2
Short section
Large 'D, indistinct ridge growth
17 He
5.1
Long section
Good variation of 'D as a function of power
Long hold
17 He
7.3
Long section
Good variation of 'D as a function of power
Long hold
5 He
19.3
Power dips
Significant 'D
5 He
30.0
Power peaks
Small 'D
5 He
11.1
Power dips
No measurable 'D
Not included because of failure during test
5 He
33.8
Short section
Large constant 'D

1 Xe
5 He

Fill gas
bar
1 Xe

Table 2. Data from the Risø Transient Fission Gas Release Project
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Burn-up
MWd/kgUO2
36.3
35.5

36.3

36.3

35.5

36.3

36.3
36.9

20.5

37.2
35.6

38.4

22.4

12.8
42.4

AN1
AN2

AN3

AN4

AN8

AN10

AN11
GE2

GE4

GE6
GE7

II1

II2

II3
II5

44.7
40.1

42.8

40.3

37.9
35.5

43.3

16.9
40.5

34.4

29.8

40.7

40.7

Maximum power
kW/m
39.8
39.0

5 He
5 He

5 He

1 Xe

5 He
3 He

5 He

25 He
5 He

5 He

25 He

1 Xe

10 He

Fill gas
bar
15 He
25 He

PF, TF
PF, TF

PF, TF

TF

PF, TF
U

PF, TF

U
PF, TF

PF, TF

U

PF, TF

PF, TF

PF
U

Instrumentation

Effect of burn-up

Link to 2nd project

Link to 2nd project

Low power FGR
Effect of burn-up
and power history
Effect of low
burn-up and grain size
Power history
Power history and fuel type

Effect of power

Effect of power

Effect of fill gas, see AN3

Effect of refabrication
Effect of power
history and refabrication
Effect of fill gas, see AN4

Purpose of test

Small 'D and ridge growth
Very large 'D and ridge
height growth, good variation
of 'D as a function of power
Symmetric variation of 'D and ridge
height growth axially along test section
Modest 'D along length with
very large 'D at location of failure
Negligible change in 'D
Symmetric variation of 'D and ridge
height growth axially along test section

No change in diameter nor ridging

Significant 'D and ridge growth
Large 'D, good variation of
'D as a function of power
Significant 'D and ridge growth;
noticeable reduction in 'D over T/C
Significant 'D and ridge growth;
noticeable reduction in 'D over T/C
Very large 'D, good variation
of 'D as a function of power
Small 'D and ridge growth;
noticeable reduction in 'D over T/C
No measurements made

Comment re: PCMI

Note: PF refers to in-pile pressure transducer, TF refers to the presence of a fuel centreline thermocouple (T/C). U is a test performed on a rod without refabrication.

Test

Table 3. Data from the Third Risø Fission Gas Release Project
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MODELLING THE EFFECT OF OXIDE FUEL FRACTURING
ON THE MECHANICAL BEHAVIOUR OF FUEL RODS

T. Helfer, P. Garcia, J-M. Ricaud, D. Plancq, C. Struzik
Cadarache DEC/SESC/LLCC, France
F. Sidoroff
UMR CNRS 5513, France
L. Bernard
FRAMATOME ANP, ANP Nuclear Fuel, Lyon, France

Abstract
Computing stress and strain fields in fuel pellets is essential to modelling the in-pile behaviour of PWR
fuel rods, especially under pellet-cladding interaction conditions. Fuel cracking occurs immediately after
reactor start-up and is effective in relaxing stresses in the pellet. It is therefore important that the brittle
behaviour of oxide fuels be modelled.
A first attempt to take into account fuel cracking involved describing radial and axial fuel cracks in the
pellet through a phenomenological modification of Hooke’s law. A description of the model is given
along with its two-dimensional extension applied to axisymmetrical fuel pellet simulations. The first
results pertaining to this model are discussed. Another approach to modelling the damage to pellets
induced by cracking involves the use of so-called cohesive models. These models describe the progressive
loss of cohesion of the material in the damaged area ahead of the crack tip. A short review of these
models is presented.
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Introduction
Computing a realistic stress and strain field in a fuel pellet is an essential ingredient to any
mechanistic approach to fuel behaviour modelling. Given the brittle nature of UO2 and its low tensile
strength [1], fuel cracking occurs under all operating conditions. It determines to a first order the extent
to which thermal stresses are relieved in the pellet. Many behavioural models such as pellet creep,
fission gas swelling or indeed fuel densification are notoriously stress-dependent. Therefore, the intricate
coupling between these phenomena and the state of stress in the fuel can only be described if fuel
cracking is taken into account.
Cracking also gives rise to major geometrical changes in the fuel pellet and is thought to be one of
the main causes of fuel relocation and fragment repositioning.
The aim of this paper is to illustrate the consequences of fuel cracking on fuel rod behaviour and to
review the models which can be used in order to describe this phenomenon.
The first part of this paper is devoted to some of the major consequences of fuel cracking which are
examined by comparing selected experimental data to model calculations or discussing calculation
results. In the second part of the paper, the MEFISTO model is described in its one- and two-dimensional
forms. Application of MEFISTO-type models is a convenient means, albeit phenomenological, of
describing stress relief in fractured fuel pellets. Damage models of this kind, however useful, do not
provide a physical description of crack growth or propagation. Furthermore, they are unable to account
for possible interactions between two contiguous crack surfaces. The last part of the paper is therefore
devoted to describing the advantages to be gained from applying cohesive zone models in a
three-dimensional fuel behaviour application. Such models have been developed and implemented in
the ZEBULON finite element (FE) package developed at the Ecole des Mines de Paris and Onera [2].
Because ultimately the aim is to compare the response of specific fracture models and study
multi-dimensional effects, it is important that all calculations be performed with the same finite element
package. Throughout the paper all model calculations therefore use the ZEBULON FE package.
Some consequences of fuel cracking on fuel behaviour
Coupling fuel behaviour models to stress calculations
A comprehensive description of pellet-cladding interaction is made all the more difficult because of
the many coupled phenomena involved, which in some cases are strongly stress-dependent. A realistic
stress distribution in the pellet is therefore required for a comprehensive and descriptive modelling of
those phenomena.
This is the case for fission gas swelling and fuel creep. A mechanistic, stress-dependent, fuel
swelling model was applied to the study of the GONCOR experiment. It was carried out in the DECOR
rig of the SILOE test reactor at Grenoble [3,4], which provided in-pile cladding diameter measurements.
The experiment was initially designed to quantify the effect of high burn-up fission gas induced fuel
swelling and fission gas release. To illustrate the importance of stress relaxation due to fuel pellet
cracking, two calculations are compared to the experimental results and are shown in Figure 1. This
figure indicates measured and calculated cladding diameters as a function of time along with the
corresponding linear power changes. In case 1, fuel cracking and creep are modelled by application
of the MEFISTO model in its one-dimensional form. In case 2, fuel pellet cracking is not considered.
The sharp rise in cladding diameter as the linear power reaches 400 W.cm–1 is due to a combination of
fission gas swelling and thermal expansion. This increase is adequately calculated in case 1 because fuel
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Figure 1. Measured vs. calculated cladding diameters

creep and cracking both contribute to the relaxation of thermal stresses. The model also adequately
describes the cladding diameter decrease due to the onset of fission gas release as the experiment
proceeds. In case 2 on the other hand, bubble swelling is negligible because the hydrostatic stresses in
the fuel which are used as input for the fuel swelling model are overestimated. For the same reason, the
fuel creep model applied in conjunction with the plane strain hypothesis leads to a calculated cladding
diameter increase at odds with the experimental evidence.
Structural effects
Effect of cracking on stress and strain concentrations in cladding
Pellet fracturing is also liable to have more direct thermo-mechanical consequences, which in certain
cases can be quantified using multi-dimensional models. A two-dimensional schematic representation
of a pellet-cladding interaction event is shown in Figure 2. Assuming that there is little or no relative
movement between the pellet and the cladding, it is then reasonable to assume that stress and strain
concentrations will occur in the cladding at pellet fragment interfaces. It is also reasonable to surmise
that the number of existing pellet fragments or micro-cracking within each fragment will affect the
extent to which load concentrations develop in the cladding.
Effect of cracking on pellet hourglassing
We demonstrate in this section that pellet hourglassing, which is a consequence of the radial
temperature gradients in the pellets, is greatly enhanced as a result of the presence of cracks (see Figure 3
for a schematic view). To this end, thermo-elastic test cases relative to one-, two- and three-dimensional
models were run and the corresponding displacement fields compared for standard pellet geometries.
The two-dimensional model is one in which the pellet is not fragmented and a symmetry of
revolution around the OZ axis is assumed. The three-dimensional model is similar to that described in
Ref. [5], i.e. the fuel pellet modelled is assumed to be cracked from the outset, thus forming eight
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Figure 2. Stress concentration in the cladding in relation to pellet fragmentation and cracking

Figure 3. Hourglass distortion
Inter-pellet

Oz

Mid-pellet

Contact between
fuel fragments
in the mid-pellet plane

identical fragments. All pellet fragments are identical and have two planes of symmetry, therefore only a
quarter of a fragment need be modelled. Unilateral contact conditions are assumed at fragment-fragment
interfaces. The mid-pellet plane is assumed to be a plane of symmetry and to remain so in the course of
the irradiation which implies that the axial displacements in that plane are uniform.
Figure 4 shows the radial displacements for all three test cases as a function of the pellet radius.
Radial displacements in the mid inter-pellet planes are also given for the two and three-dimensional
models. The figure illustrates several important results:
1. The radial displacements relative to the one-, two- and three-dimensional calculation results are
identical in the mid-pellet plane.
2. The hourglassing effect in the case of an un-cracked pellet is negligible (| 4 Pm).
3. The three-dimensional calculation reveals extensive hourglassing due to pellet fragmentation.
The model predicts that in the inter-pellet plane, pellet fragmentation effectively doubles radial
displacement in comparison with a one- or two-dimensional calculation.
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Figure 4. Structural effects on pellet radial displacements

Point 3 is of considerable importance because it can be compared against outer cladding diameter
measurements which reveal that cladding ridging is observed after only a two-cycle irradiation period [6].
This result is entirely consistent with a 39 Pm hourglass effect (and conversely inconsistent with that of
4 Pm). It is also consistent with fuel relocation models used in one-dimensional fuel behaviour
applications [7].
The MEFISTO pellet fragmentation model
In the previous section we emphasised the importance of modelling pellet fragmentation in fuel
behaviour applications. In this section a simple way of doing so, applicable to one- and two-dimensional
analyses is described.
One-dimensional approach
A one-dimensional approach provides a useful framework for describing the consequences of
thermal stress relief. The METEOR fuel performance application, which describes a fuel rod as stacked
independent fuel “slices” [8], uses the MEFISTO mechanical model, which accounts for creep and
cracking of the oxide fuel pellets and creep and plastic flow of the zircaloy sheath. A complete physical
and numerical description of the model and its assessment can be found in [8].
Radial and axial cracks, which appear when the hoop and axial stresses exceed the fuel fracture
stress, are modelled through a modification of Hooke’s law. The material is described as loosing its
stiffness in the direction perpendicular to the crack plane and its elastic properties are reduced
accordingly. The initially isotropic elasticity tensor thus becomes an-isotropic and the stress-elastic
strain relationship is written as follows:
V

DD   V D
el

B .C .

(1)

where D refers to the local crack configuration, D D is the matrix expression of the elasticity tensor in the
(r,T,z) cylindrical base and V D is an additional term introduced as a boundary condition and which
ensures that the stress in the direction normal to a crack is set to the internal pressure of the fuel rod.
The value of each term can be found in Table 1.
B .C .
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Table 1. Elasticity tensor in every cracked configuration

Un-cracked

VD

B .C .

DD
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¨ Q 1 Q
Q ¸
¨ Q
Q 1  Q ¸¹
©

Cracked radially

E
1 Q 1 Q

§ 1 0 Q·
¨ 0 0 0¸
¨Q 0 1¸
©
¹

Cracked axially

E
1 Q 1 Q

§ 1 Q 0·
¨Q 1 0¸
¨ 0 0 0¸
©
¹

Cracked both radially
and axially

§1 0 0·
E¨ 0 0 0 ¸
¨ 0 0 0¸
©
¹

0
§ 1 ·
¨1  Q ¸
Q
¸

Pi ¨
1 Q ¨ v ¸
¨ 1 ¸
¹
©
§ 1 ·
¸
¨
Q
Pi ¨ 1 ¸

1  Q ¨1  Q ¸
© Q ¹
§ 2Q ·
 Pi ¨ 1 ¸
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The MEFISTO model was initially developed for the METEOR fuel performance application.
It has since been implemented using the ZEBULON FE package with the aim of applying it to a 2-D or
possibly 3-D analysis. This implementation also provides a convenient and efficient means of comparing
one-, two- or three-dimensional analyses.
Figure 5 shows the calculated hoop stress distribution in the pellet for a simple thermo-elastic
calculation at linear power of 200 W.cm–1. It validates the ZEBULON developments and indicates that a
fuel crack extends over approximately half the pellet radius.
Figure 5. Hoop stress distribution in the pellet for a simple thermo-elastic
calculation using the MEFISTO stress relief model (|20 W.mm–1)

Development of a 2-D axisymetric model
A two-dimensional axisymmetric version of the MEFISTO model would make it possible to
describe hourglass effects or dish-filling observed as a result of a combination of fuel creep and fission
gas swelling. The difficulty however lies in that in such a version of the model shear stresses appear in
the r-z plane, which results in the co-ordinate system defined by the principal axes of stress and the space
co-ordinate system being different. Simple crack initiation and propagation criteria cannot be as
straightforwardly applied as in a one-dimensional approach.
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The idea therefore is to apply the crack initiation criteria in the principal axes of stress co-ordinate
~
system ~
r , T, ~z in which the elasticity tensor is still given by expressions contained in Eq. (2). Let D
be the expression of the elasticity tensor in this co-ordinate system and alpha the rotation angle between
r , ~z planes. Stresses and strains in both bases are related as follows:
the (r,z) and ~
~ ·
§ V
°¨ r ¸
®¨ V T ¸
~ ¸
°̄¨© V
z ¹

§V ·
§ cos 2 D 0 sin 2 D sin 2 D ·¨ V r ¸
¨ 0
1
0
0 ¸¨ T ¸
¨ sin 2 D 0 cos 2 D - sin 2 D ¸¨ V z ¸
©
¹¨ V ¸
© rz ¹

(2)

which can be symbolically written:
~ RV
°V
®~
°̄ R

(3)

In the ~
r , T, ~z co-ordinate system the stress-elastic strain relationship follows Eq. (1). Applying
Eqs. (2) and (3) to it yields:
V

t
t ~ B .C .
R D R  R V
D

(4)

with:
t ~
D R DR

(5)

It therefore appears that a two-dimensional version of the MEFISTO model can easily be
implemented in a general purpose finite element package if the stress-strain relationship is modifiable
by the user. This is the case of the ZEBULON package, and Figure 6 indicates the hoop and axial stress
distributions calculated using this model. Note that the axial crack is localised just below the mid-pellet
plane, which is consistent with three-dimensional calculations (see Figure7).
Cohesive zone models
Toward more physical fuel cracking description
Although damage models such as MEFISTO are useful in describing stress relief, they do take into
account many of the complex aspects of fuel cracking such as:
1. Crack nucleation and mixed modes crack propagation in a visco-elastic multi-cracked media.
2. Crack closure occurring when linear power decreases.
3. Crack healing or high-temperature material re-sintering, which has been experimentally
observed in the central region of fuel pellets in highly rated rods.
4. Unilateral contact or friction between two crack surfaces.
A class of models known as “cohesive zone models” [9] provides a means of accounting for this
complex behaviour. A short review of these models is given below.
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Figure 6. First results of the extension of MEFISTO to 2-D axisymmetric analysis
a) Hoop stress (MPa)

b) Axial stress (MPa)

r , ~z plane and consistency with
Figure 7. Damage localisation in the ~
three-dimensional thermo-elastical axial stress calculation on the outer pellet face

Cohesive zone models, general formulation
&
A cohesive zone models consists of a relationship between the tractions T and the displacements
&
jump [ u ] across the modelled interface [see Figure 8 (b)]:
&
T

&
F >u @, ;

where ; is a set of internal variables. Positive [u]n corresponds to increasing interface separation.
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Figure 8
(a) Representation of the process zone

(b) Definition of tractions and displacements
jump across a cohesive zone

Zone with linear
elasto-visco-plastic behaviour

Localised
damage zone

The behaviour of the interface corresponds to the specific non-linear behaviour of the material in
the damaged zone ahead of the crack tip [see Figure 8(a)], where the material losses its cohesion,
i.e. where crack develops.
Once the crack is formed (i.e. the zone has lost all mechanical cohesion), unilateral contact or
sliding behaviour through the use of COULOMB-type dry friction laws between the crack surfaces can
be modelled.
Figure 9 illustrates the behaviour of a cohesive zone model. Damage develops once an initiation
criterion is reached, such as reaching a critical stress. Progressive de-cohesion occurs under increasing
loading. Damage in normal and tangential loading can be coupled. Total de-cohesion under normal
loading is characterised by a critical displacement jump Gn.
Figure 9 illustrates how unloading a reloading can be treated with a particular attention being paid
to unilateral contact for [u]n = 0. The tangential behaviour exhibits a progressive evolution from
cohesion to friction.
Figure 9. An example of the cohesive zone model under normal loading, unloading and reloading.
The dashed part of the curve represents the response to an increasing loading. The grey
area corresponds to the energy dissipated during the de-cohesion process [see Eq. (6)].

COULOMB

COULOMB
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Energy dissipated during the fracture process
An interesting result is that for a crack propagating in mode I, the energy dissipated during the
de-cohesion process can be computed simply by integrating the expression of Tn with respect to un:
G Ic

³

Gn

0

Tn >u @n d>u @n

(6)

where Gn is the distance corresponding to total de-cohesion for an increasing load (valid if no rate effects
are taken into account) and [u]n the displacement jump in the direction normal to the cohesive zone. This
energy can be identified to the fracture energy. This illustrates the link between cohesive zone models
and linear elastic fracture mechanics which can be useful to determine model parameters experimentally.
The type of behaviour law described above can be implemented in the ZEBULON finite element
package through the use of specific interface or boundary elements. Crack paths are then obviously
limited to the interfaces between two volume elements.
Conclusion
This paper has shown through selected examples that pellet cracking was essential to modelling the
in-pile behaviour of fuel rods, be it from the point of view of the direct effects it has on the mechanical
behaviour of the structure or because of the need to use a reasonably well evaluated level of stress as input
data for stress-dependent fuel behaviour models. Some results obtained through the implementation of
simple damage models currently being developed are shown. These models are extremely useful from
an engineering point of view and are relatively easy to use, but they fail to account for some of the more
complex aspects of pellet cracking. Although more validation work is required, especially for the
two-dimensional approach presented in this paper, research is now focusing on the application to pellet
behaviour of “cohesive zone models”. They should eventually provide a mechanistic and physically
based description of pellet cracking applicable to all operating conditions.
Notations
The CAUCHY stress tensor is denoted V and its components in the (r,T,z) co-ordinate system are
§ Vr
¨V
¨¨ rT
© V rz

V rT
VT
V Tz

V rz ·
to
to
V Tz ¸¸ . Supposing small deformations, the total strain tensor is denoted  .  is related to
V z ¸¹

§tot
·
tot
tot
r
rT
rz
¨ tot
¸
tot
and its components ¨rT T tot
Tz ¸ .
¨tot tot tot ¸
z ¹
Tz
© rz
However, for symmetry reasons, some shear components of the strain and stress tensors are zero and
those tensors can be written in a vector column for convenience. Fourth-order tensors are then
represented by a matrix. For example, in a mono-dimensional analysis, shear components are all zero
·
§tot
r
¸
¨ tot
and the total strain may be written: ¨T ¸ . The superscript t denotes the transpose operation. (r,T,z)
¨ z ¸
¹
©
denotes the cylindrical basis and ~
r , T, ~z denotes the principal stress basis.

1 && &&
the displacement field by the standard formulae u  u
2
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CRACK AND DISHING EVOLUTION MODELS AND PCI-SCC CONSIDERATIONS
FOR FUEL PELLETS IN A QUASI-BI-DIMENSIONAL ENVIRONMENT

Armando C. Marino
Comisión Nacional de Energía Atómica & Instituto Balseiro, Argentina

Abstract
Axial symmetry and generalised plain stress-strain state assumptions lead to quasi-bi-dimensional codes
for nuclear fuel rod simulation under irradiation. A model for crack evolution including the opening,
closing and sealing of fuel cracks is included in the structure of the BACO code with densification,
restructuring, burning and the usual aspect of fuel behaviour plus a model of dishing-shape evolution
developed as an extension of crack modelling. The hoop stress predicted by BACO at the inner surface
of the cladding correlates well with the fuel failure probability over a wide range of applications.
Atucha NPP and CANDU fuel data are used for the identification of PCI events during irradiation
along with the illustration of our crack and dishing modelling. A simple criterion of fuel failure under
a quasi-bi-dimensional environment, taking into account probabilistic and parametric analysis, is
emphasised in this paper.
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Introduction
Obtaining the support of safety and economic criteria for nuclear power generation requires an
in-depth knowledge of fuel behaviour under many different situations. The economics of the power
generation might be greatly improved by means of relatively minor changes regarding the design, fuel
processing and operating conditions, which would in turn require careful verification of the fuel design,
considering parts performance as well as their in-service thermo-mechanical coupling. In a nuclear
reactor, fuel rod materials support relatively large temperatures and suffer the effects of an aggressive
chemical and radiation environment. Therefore, mechanical solicitation might sometimes be near the
limits of materials endurance even under normal operating conditions. Computer codes are required to
obtain results that are quantitatively and even qualitatively valid. Numerical predictions depend heavily
on realistic modelling. The classical tool used to study these changes is reliable numerical simulation.
The simulation of behaviour of nuclear fuel rods under irradiation is based on a few strong
assumptions. These assumptions lead to programming numerical codes which engender the loss of a
complete three-dimensional coverage. In fact, a complete two-dimensional scenario will be followed
by the usual quasi-bi-dimensional approach. This is due to the hypothesis of axial symmetry and
generalised plain stress-strain state.
Nevertheless, we can recover an approach to the three-dimensional point of view by using an
adequate modelling as relocation of pellet fragments and gap heat conductance, as well as via some
angular average method, etc.
A realistic fuel rod simulation must include several means of releasing stresses. Mainly creep,
plasticity and cracks are responsible of the relaxation of thermo-elastic stresses or the stress originated
by swelling, coolant pressure or inner gas pressure. The fuel design includes an engineering solution
for the relaxation of stress as for the pellets with “dishing” or “shoulders”.
The challenge for the design or the prediction of the behaviour of nuclear fuel rods is present as
the burn-up extension in the Atucha-I NPP with the transition from the original natural UO2 core to a
slightly-enriched uranium (SEU) fuel core.
BACO (BArra COmbustible, Spanish expression meaning “fuel rod”) is the code developed at the
Argentine Atomic Energy Commission (Comisión Nacional de Energía Atómica, CNEA) for the
simulation of the behaviour of a cylindrical fuel rod under operation conditions describing the coupling
between stress-strain evolution, thermal field and irradiation-induced effects. BACO includes the
“extreme case”, parametric (or sensitivity), probabilistic (or statistical) and performance (or full core)
analysis. Our modelling approach is based on using effective models, which are however sustained on
physically sound ideas and critical evaluation of their consistency.
The BACO code
Presentation of the BACO code
The BACO code structure and models have already been described by Marino, et al. [1],
including steady-state and transient thermal analysis. Presently, the number of instructions is about
eleven thousand FORTRAN 90 sentences. Data post-processing improves the code’s performance and
the analysis of results.
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When modelling the UO2 pellet, elastic deformation, thermal expansion, creep, swelling,
densification, restructuring, cracks and fission gas release are included. For the Zry cladding, the code
models elastic deformation, thermal expansion, anisotropic plastic deformation, and creep and growth
under irradiation. The modular structure of the code easily allows the adding of different material
properties. It can be used for any geometrical dimensions of cylindrical fuel rods with UO2 pellets
(either compact or hollow, with or without dishing) and Zry cladding.
Fuel rod power history and either cladding or coolant outside temperatures must be provided to
the program. Rod performance is numerically simulated using finite time steps (finite differential
scheme). The code automatically selects time steps according to physical criteria. Temperature profile
within pellet and cladding, main stresses at pellet and cladding, radial and axial crack pattern in the
pellet, main strains and hot geometry of pellet and cladding, change in porosity, grain size and
restructuring of the pellet, fission gas release to the free volume in the rod, trapped gas distribution in
the fuel and in the UO2 grain boundary, internal gas pressure and current composition of the internal
gas, and dishing shape evolution are calculated. The output of the code contains the distribution along
the rod axis of these variables.
Cylindrical symmetry is assumed for the fuel rod; our model is bi-dimensional and angular
co-ordinates are not considered. However, angular-dependent phenomena, as well as radial cracking,
are simulated via an angular averaging method. For the numerical modelling the hypotheses of axial
symmetry and modified plane strains (constant axial strain) are adopted. The fuel rod is divided in axial
sections in order to simulate its axial power profile dependence. The details of the mechanical and
thermal treatment and the pellet, cladding and constitutive equations are available from Ref. [1].
Numerical treatment
A summary of the assumptions taking into account the numerical treatment includes:
x

Cylindrical symmetry.

x

Pellet and clad are divided into circular concentric rings.

x

For the numerical modelling the hypothesis of axial symmetry and modified plane strain
(constant axial strain) are adopted. The three-dimensional stress-strain problem is reduced to a
quasi-two-dimensional problem.

x

Behaviour equations integrated with a finite difference scheme.

x

Fuel pin irradiation life is divided into subsequent finite time steps for the temporal integration.

Mechanical treatment
It is assumed that during the time interval (t0, t0 + Gt), the strain-stress increments can be
expressed as the superposition of the strain-stress increments due to the different existing deformation
mechanisms.
By defining the strain-stress state at time t0, at the corresponding time t0 + Gt (with Gt very small),
it is possible calculate as follows:
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H = H0 + GH
where H0 is a stress-strain magnitude at t0 and GH is the corresponding time step variation.
The equations to be integrated are, essentially, the compatibility equation of each ring, the
equilibrium equation, and Hook’s generalised equations, subject to the appropriate boundary conditions.
That means a system of seven coupled differential equations. The finite difference approximation
leads to a non-linear system of algebraic equations, which is linearised through a Taylor expansion.
The previously described system for a given time increment can be solved for the main stresses by
direct matrix inversion.
Thermal treatment
The temperature distribution in the pellet or cladding for the strain state results from solving
Fourier’s equation for steady-state heat transmission. The boundary condition is a fixed temperature at
the cladding external surface and the amount of heat generated is known.
Modelling cracks in a quasi-bi-dimensional environment
The pellet is allowed to crack radially and axially; circumferential cracks are not included in the
mechanical modelling but may be considered in the temperature calculation using relocation of pellet
fragments and gap heat conductance. The criterion adopted for crack opening is that the pellet cracks
when the tensile stress (radial or axial) is greater than the fracture strength Vfr of the material [2].
As the description of the pellet has an axial symmetry and no dependence on the axial co-ordinate
(at each axial section), cracks are smeared in the pellet. This means that both axial and radial cracks
are represented as a continuous distribution of infinitesimal cracks in the cracked ring. If ring i/i + 1 in
the pellet is radially cracked (there is an open crack in the tangential direction), the tangential stress
V iT1 is given by the boundary condition:
V iT1

 pg

where pg is the internal gas pressure. Taking into account the boundary condition:
V r rext

 pg

where rext is the pellet radius [1].
This boundary condition is strictly valid at the surface of a radial crack, but the assumption of
crack width smearing along the whole ring, as a continuous distribution of infinitesimal cracks, allows
for its approximate validity.
Similarly, if ring i/i + 1 is axially cracked, the axial stress is defined by the boundary condition:
V iz1

 pg
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When the pellet is cracked in the radial direction, the displacement is:
X r H T  KT

and the increment in radial displacement:
GX r GH T  GK T

where KT is the radial crack opening per unit length normal to its surface (that is, per unit length of the
circumference of radius r). The average radial crack opening ~
v , at a radius r is:
~
v

Since GH r

2SrK T

w GH 3 GH1  GH3
wGX
, compatibility equation

wr
r
wr
GH  GK0  GH r
w
>
GH T  GK0 @  T
wr
r

For axial cracks, the generalised plane strain condition, GH 2
GH z  GK z

0 , becomes:

0
'E z , transforms into:

'E z

where 'Ez is the axial strain.
The cracking modelling is a compromise between the need to maintain axial symmetry and no
axial dependence on one side, and the fact that cracks are finite and localised in a real pellet. However,
we think that our model takes into account the most important effects of pellet cracking:
x

The stress relaxation in the pellet (when the tensile stress reaches a value Vfr, it is relaxed by
the opening of a crack).

x

The relaxation of tensile stress in the cladding caused by pellet expansion when there is
pellet-cladding mechanical interaction (PCI) (i.e. part of the pellet expansion, instead of
stressing the cladding, is accommodated by crack closure).

The code distinguishes a sealed crack from a merely closed one. When a crack closes, if the local
temperature is high enough, the crack surfaces will disappear due to the combined action of temperature
and compressive stresses. In that case, continuity of matter is restored and memory of the previous
existence of a crack is lost. On the other hand, if the local temperature is low, the crack surfaces still
exist and compressive stresses may be the only ones supported in that region, i.e. any tensile stress will
re-open the crack.
The BACO model of the dishing
Pellet dishing has, among others, the effect of reducing the pellet stack axial deformation and of
relaxing stresses at the cladding during pellet-cladding interaction. The latter effect is, in fact, due to
UO2 creep into the dishing. Both effects are highly temperature dependent, and therefore will not be
properly represented by any dishing model based on generalised plain strain hypothesis, where all radial
dependent (and therefore, temperature dependent) axial strains are averaged over the cross-section.
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In BACO, the dishing depth at each pellet radius is uniformly distributed along the pellet height.
This means that, instead of having dishing at the two (or one) pellet flat ends, there is a continuous
distribution of infinitesimal dishing in the entire pellet, in the same way as axial cracks are distributed.
Dishing is modelled as an as-fabricated axial crack; this means that dishing closure will be
radially (therefore temperature) dependent. One difference between dishing and axial cracks is that
when dishing closes, it always “seals”, and on the other hand, dishing will never re-open in BACO
modelling.
It must be kept in mind that this dishing model over-predicts the effect of dishing in reducing axial
strains and in relaxing cladding tensile hoop strains during pellet-cladding mechanical interaction.
For this reason, in BACO the possibility of not using the dishing model is left as a user’s option.
In this case, the dishing is only taken into account for calculating the rod free volume for internal gas
storage; dishing changes are calculated under the generalised plain strain hypothesis by keeping the
pellet land width unaltered. The code will predict a higher pellet stack elongation and, if pellet-cladding
contact occurs, higher contact pressures and hoop stresses in the cladding. These will be over-predictions
of the fuel behaviour.
In conclusion, if users need to make an assessment of cladding integrity based on tensile hoop
stress (that is, based on a stress corrosion cracking criteria), it is recommended to run the standard
version of BACO, and to repeat the calculation eliminating the dishing model.
Modelling the pellet shape evolution
A cylindrical UO2 pellet during irradiation becomes as an “hourglass” shape (or “bamboo” effect)
due to its temperature profile. The axial strains and stresses at the centre zone of the pellet-to-pellet
contact are the highest. Pellet geometry was studied in order to determine effects on sheath strain
under normal and ramp conditions [3]. The classical engineering solution is the design of a “dishing”
at the pellet flat end in order to reduce these axial pellet-to-pellet stresses along the entire pellet stack
and its effects over the cladding (“ridges”). It is interesting to define a model in order to follow the
filling of the dishing during irradiation and to improve the design of a dishing with the minimum
requirement of volume (and maximise the UO2 contain), among other things.
A 3-D approximation of the pellet shape modelling
A three-dimensional calculation of stress-strain for a cracked Atucha NPP pellet was performed
for Buscaglia, et al. [4] using finite elements with ad hoc computational tools [5]. Only elasticity was
included so as to determine the right influence of the cracks for the release of stress in the pellet. The
temperature profile of the pellet was calculated with the BACO code. It was clearly shown that the
presence of one crack in a cylindrical pellet releases stresses in a wide UO2 material region around the
cracks. Figure 1 shows the influence of the crack size in the stresses of the pellets during irradiation.
The influence of the cracks is clearly seen in the stress release in the zone around the crack and the
concentration of stresses at the starting point of the crack (with the temperature profile of Figure 2).
The dishing is not included in order to emphasise the hourglass shape of the pellet during irradiation
(see Figure 3). The calculation with no more than elasticity produces the highest stresses in the pellet,
and then we find the most extreme deformation of the pellet. The pellet-to-pellet interaction will induce
the highest axial stress and pellet-to-cladding radial and tangential stress at the ridge position. This 3-D
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Figure 1. Top views of the distributions of von Mises’ equivalent stresses
Darker zones correspond to higher stresses

Crack size: 20%

Crack size: 40%

Crack size: 60%

Figure 2. Temperature profile of the pellet under irradiation
at the Atucha-I NPP (linear heat generation rate ~500 W/cm)
800

Temperature [°C]

700

600

500

400

300

200
0

0,1

0,2

0,3

0,4

0,5

0,6

0,7

Radius [cm ]

Figure 3. Side view of the distribution of von Mises’ equivalent stresses for a pellet with crack
size 40%. Strain scale is emphasised in order to magnify the hourglass shape (or bamboo effect).
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calculation, assisted by the quasi-bi-dimensional approach of the BACO code, enabled us to design the
most conservative dishing depth of the pellet enough to dismiss the pellet-to-pellet interaction at the
strongest irradiation conditions keeping UO2 material.
Reshuffling analysis and SCC criteria at the Argentinean NPPs
Argentina has two nuclear power stations in operation: Atucha-I (a pressure vessel PHWR) and
Embalse (CANDU 600 type). The basic fuel design is different in the two cases. The Atucha-I fuel
assembly consists of a supporting rod and 36 pre-pressurised, self-standing 600-cm long fuel rods (the
active length is 530 cm), similar to the PWR rod except for its unusual length. The CANDU fuel
bundle has 37 non-pressurised, collapsible, 50-cm long fuel rods. In both cases, a stress-relieved Zry-4
cladding and UO2 pellets are used. As natural uranium heavy water reactors, Atucha-I and Embalse
NPPs require continuous refuelling and on-power fuel shuffling in radial direction.
Fuel integrity during power ramping depends on many factors: burn-up, ramp height, initial linear
heat generation rate (LHGR) and previous time at that power level, ramp rate, etc. Despite the low
burn-up at which heavy water reactor (HWR) fuel operates, stress corrosion cracking (SCC) has been
identified as a failure mechanism. This requires a concentration of corrosive fission products in the
fuels, a strain rate above some initial value and tensile stress on the cladding during certain time. The
threshold values for all these variables are inter-dependent.
Stress corrosion cracking of the cladding is a complex function of power history, fission gas release
and stress at the cladding. Spino [6] did a careful study of Zry cladding fracture in corrosive media.
There, he claims that the threshold value for stress-relieved Zry are much smaller than the plasticity
limit [7,8]. The critical iodine concentration for SCC depends on the system [9,10]. However, it
appears to be very small in value and it seems to be attained at relatively small burn-up [6,10]. With
respect to the stress threshold for SCC, we take this as the critical parameter and adopt a fixed
threshold hoop stress (VSCC = 170 MPa [6]) as a lower limit for initiation and safe operation at burn-up
values over the 1 500 MWd/tU.
Atucha-I NPP fuel rod behaviour
Figure 4 shows an example of a strong power history for Atucha-I. The calculations made with
the BACO code include the standard parameters of the reactor and the original design of the fuel
element. The power history was provided by the PUMA code (neutronic calculation) [10].
Figure 4. Typical strong power history for the CN Atucha-I
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Figure 5 includes the evolution of pellet and cladding inner radius at the same axial section. As a
reference were included the same radii at beginning of life. There is a situation of pellet-cladding
contact during the irradiation of the second stage. The cladding radius decrement is due to creep-down.
After PCI there is a slow reduction of pellet temperature due to the enhancement of the conductance
and the pellet diameter is following the cladding evolution.
Figure 5. Pellet and cladding radii evolution due to the power history of Figure 4
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Figures 6 and 7 belong to the extreme cases analysis of the Atucha-I fuel. Figure 6 shows the
cladding tangential stress at its inner surface (hoop stress). Here, there are compression stresses during
the irradiation. At the same plot we include the same curve assuming the hypothesis of minimum gap
compatible with the as-fabricated tolerances (maximum values for pellet diameter and density,
minimum values for cladding inner and outer radius among others). Here, there is stress reversal at the
cladding and we reach a stress of V = 180 MPa. That value is slightly up to the threshold to induce
failures due to SCC.
Figure 6. Hoop stress at the cladding in the middle of the rod.
Standard (thick line) and minimum gap situation (thin line).
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Figure 7 shows the temperature at the pellet centre as a function of burn-up at the central axial
section of the fuel rod. In the same plot we include the same curve with the assumption of maximum
gap compatible with the as-fabricated tolerances (maximum values for pellet diameter and density,
maximum values for cladding inner and outer radius among others).
Figure 8 includes the penetration of radial cracks (produced by tangential stresses in the pellet)
from the surface to the pellet centre (cracks out) and the cracks opening from the centre to the pellet
surface (cracks in). Figure 9 shows the grain size change during irradiation at the UO2 pellets of the
same axial section of the previous plots. The increment of the dishing depth after 4 000 MWd/tUO2 is
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Figure 7. Pellet centre temperature during the irradiation in the middle
of the rod. Standard (thick line) and maximum gap situation (thin line).
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Figure 8. Radial cracks evolution of the UO2 pellets of the Atucha-I NPP
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Figure 9. Grain size evolution of the UO2 pellets of the Atucha-I NPP
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due to the pellet restructuring (when the centre temperatures are greater than 1 700qC). Figure 10
shows the dishing evolution during irradiation. The increment in the dishing depth at the end of the
irradiation is related to the axial crack opening (see Figure 8) and restructuring (see Figure 9) in the
centre of the pellet.
A parametric analysis is represented in Figures 11 and 12. The relative influence of the dishing
parameters at the maximum power during the first reshuffling in Atucha-I are analysed (See Figure 4).
The weight of the different rod parameters is being determined in order to identify its proper influence
on fuel behaviour [13].
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Figure 10. Dishing shape evolution

Figure 11. Hoop stress parametric analysis
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Figure 12. Gas pressure parametric analysis
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Figures just include the most significant parameters at the present calculation: dishing depth,
dishing radius, UO2 density and/or plenum volume. For illustrative purposes we vary the parameters
between minimum and maximum reasonable values. The figures sketch the BACO results for the hoop
stress (see Figure 11) and gas pressure (see Figure 12). We find that the dishing depth is the most
relevant fuel parameter in order to reduce the hoop stress at the cladding (see Figure 11). Figure 12
shows the high influence of dishing depth for the gas pressure taking into account its contribution to
the free volume, nevertheless the volume plenum is associated to the pellet stack and fuel length with a
narrow band of variation.
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Atucha-I NPP fuel reshuffling analysis
We studied the power ramps due to fuel reshuffling from a low power channel to a higher power
one in an Atucha-I fuel [18]. We assume that operation might be performed within a wide range of
burn-up levels at the first position, which is not the case for the fuel paths used at the station, where the
position shift is performed approximately at mid-life (~3 700 MWd/tU). The main parameters of the
power history to study the reshuffling operation are dq, the power increase between two reactor channel
positions, q0 and B0, respectively the local power and the final burn-up at the axial position of the fuel
rod where the maximum power is attained before the ramp. Realistic axial power gradients were also
included in the calculation. Fuel integrity under stress corrosion cracking (SCC) was studied [12,18].
We calculated the power increase necessary for dq to reach, at the cladding, the above limiting
value of VSCC during the ramp. We found that the designer’s recommendation for reshuffling ramps is
conservative for reasonably low burn-ups, as those attained at present by the fuel in the reactor.
As the Atucha cladding is self-standing at reactor pressure, the rod initiates its stay in the reactor
with an open fuel-cladding gap. Depending on power and burn-up at the first position, this gap might
close during the rod stay at that position or during the reshuffling, reaching a positive hoop stress due
to PCI. Therefore, in the case of the initial position corresponding to a low power q0 channel, or
relatively low burn-up for the fuel, a larger power in the second fuel position must be reached before
the hoop stress is at the threshold value. The power increase needed is smaller for a larger q0. In the
case of a relatively large power q0 at the initial position, the gap might have closed before the power
ramp. Therefore, tensile stresses due to PCI have already relaxed at that first fuel position due to UO2
and Zry creep and the stress tends to a saturation value before reshuffling. This, in turn, implies that
the increment in power, dq, needed for reaching the fixed SCC hoop stress threshold has a tendency to
be constant.
We conclude that the designer’s recommendation for reshuffling is conservative at the burn-up
level used at the station for that operation. In the case of developing a high burn-up fuel, that needs to
be reshuffled after a larger burn-up than those in the present design; better models of SCC could be
needed in our code for testing its performance in a realistic way.
A probabilistic analysis of fuel fabrication tolerance
The sensitivity of cladding hoop stress predictions to fabrication tolerance in fuel geometry is
studied in this section [12,1]. To this purpose a probabilistic analysis was performed with the Atucha-I
fuel [12,13]. Several hundred BACO input data were randomly selected within assumed fabrication
tolerance for pellet diameter and height, inner and outer diameter of the cladding and pellet density
assuming a uniform distribution of values between limits. The results shown here have only a qualitative
purpose, and are not representative of the variations in the fuel rod fabrication, where the dimensional
variations are kept to a very narrow band within tolerance.
The power input data was adopted with B0 = 4 500 MWd/tU, q0 = 400 W/cm and a dq ramp of
200 W/cm. The probability that, by varying homogeneously the fuel dimensional parameters within
the assumed fabrication tolerances, the cladding tensile stress of 170 MPa could be reached during the
power ramp is calculated. The parameter variation leads to several thousand runs, where the code
calculates the change in power dqscc within the ramp, which is needed for attaining the hoop stress
value VSCC. For 20% of the cases, the threshold value is effectively reached during the ramp. Table 1
shows the relative contribution to that percentage at different ranges of dqscc, within the ramp. It can be
seen that, even for dqscc between 100 and 150 W/cm, the probability approaches 5%.
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Table 1. Probability of stress threshold VSCC = 170 MPa
to be reached during a power ramp dq = 200 W/cm
Probability values against the range in power difference value, dqSCC, for which the stress threshold
is predicted to be reached. Preconditioning power is 400 W/cm. B0: Burn-up at reshuffling.

150
100

dqSCC (W/cm)
< dq < 200 W/cm
< dq < 150 W/cm
dq < 100 W/cm

B0 = 4 500 MWd/tU
15%
5%
–

B0 = 7 500 MWd/tU
24%
21%
48%

We repeat the above calculation for the same variations in fuel parameters but assuming a higher
burn-up (7 500 MWd/tU) at the first position of the fuel. In this case (see Table 2), the prefixed SCC
threshold value is attained in 93% of the cases, during the 200 W/cm ramp. It was found that in most
cases (48%), this happens right at the start of the ramp (at dqscc < 100 W/cm). Further calculations
demonstrates that a larger q0 value increases the probability of reaching SCC threshold more than a dq
ramp larger value. This trend also occurs when the burn-up B0 at reshuffling is increased [12].
CANDU fuel performance analysis
When pellet and cladding are in contact the best heat transfer from pellet to coolant is obtained,
but this is not the best general condition when taking into account the stresses between pellet and
cladding. When stress reversal occurs at the cladding surface, the worst condition develops because
the cladding is not under compression stresses. Nevertheless, the CANDU fuel rod design incorporates
a collapsible cladding in order to improve the heat transfer.
In CANDU reactors, fuel reshuffling is undertaken during reactor operation. During reshuffling,
the fuel undergoes a power ramp due to the power distribution along the fuel channel. For this reason,
it is interesting to study the behaviour of a CANDU fuel under fast (10-20 minutes) power ramps.
The linear heat generation rate (LHGR) before the ramp, the burn-up at which the ramps occurs, and
the ramp height, cover a wide range. AECL has published boundaries for safe operation, based on actual
experience of power ramping due to fuel reshuffling in nuclear power stations. Usually [15,16], the
maximum power increase and maximum power such that fuel operation is below those values present
no failures, and are given as a function of burn-up.
The experimental bounds for power increase and maximum power corresponding to the Pickering
Stations are plotted by Penn, et al. [14]. Power histories simulating reshuffling were simulated with
the BACO code. In the code, the criterion for safe operation was based on the maximum hoop stress at
the cladding inner surface; this is related to susceptibility to stress corrosion cracking. BACO results
are in good agreement with AECL data; even the mispredictions can be explained on a physical
basis [18]. A CANDU fuel rod simulation including statistical analysis was included in the Ref. [19].
SEU in Atucha-I NPP
Atucha-I is a PHWR originally fuelled with natural uranium. The programme to introduce SEU
(0.85% 235U) fuel in Atucha-I started in 1993, and the first SEU fuels were loaded in 1995. Mean fuel
discharge burn-up increased from 5 900 MWd/tU to more than 11 000 MWd/tU. The impact of the
fuel on the cost of operation had an important reduction. SEU fuel design analysis was related with the
internal pressure, strains in fuel cladding and PCI-SCC sensitivity in power ramps at high burn-up [17].
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Behaviour of the SEU Atucha-I fuel rod
We analyse one of the SEU fuels irradiated at the Atucha-I NPP under the most extreme conditions
in burn-up, power ramp at reshuffling, and maximum power. The first position of that fuel in the Atucha
core was around a power level of 350 W/cm. The reshuffling was done at 4 500 MWd/tU. The second
and final position was at the central zone of the core with a linear heat generation rate of 470 W/cm.
The average burn-up at end of life was 12 500 MWd/tU and the fuel was discharged at the end of 2003
without any failures. Figure 13 shows the hoop stress at axial section under the most demanding fuel
conditions. The maximum temperature calculated was less than 1 600qC and the hoop stresses
calculation shows compression during the entire period of irradiation. Figure 14 shows the evolution of
the pellet and inner cladding radius during irradiation. There was contact between pellet and cladding
after 7 000 MWd/tUO2 with a reduction of 100qC in pellet centre temperature and an increment on the
rate of the hoop stress. BACO calculations show no columnar grains during irradiation and a zone at
the pellet centre with equiaxed grains after reshuffling. Axial deformations were less than 0.2% and
radial strains were less than 0.3%. Fission gas release was less than 1%. Calculations also show that
fuel rod internal pressure is below coolant pressure, so no cladding lift-off is expected.
Figure 13. Most demanding hoop stress of a SEU
fuel at the Atucha-I NPP with the highest demands
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Figure 14. Pellet and cladding inner radius evolution
(as-fabricated pellet and cladding radius included as a reference)
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Figure 15 shows the evolution of the dishing during irradiation using our cracks and dishing
modelling. The decrement in dishing volume starts at reshuffling; the increment in pellet temperature
produces a stress profile with axial expansion at the pellet centre. The stress release is due to creep.
The axial cracking is done at the periphery of the pellet. Figure 16 shows the calculated pattern of
cracks; in this case, cracks were opened from the surface to the middle of the pellet. Calculations show
the absence of opened cracks in the pellet centre and no centre hole.
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Figure 15. Dishing depth evolution

Figure 16. Crack evolution in a SEU pellet
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The above calculations are supported by the absence of failure in the SEU fuel element.
Nevertheless, the strong demanding conditions during irradiation could produce local failures due to
the as-fabricated tolerances. The normal calculations are performed using standard values. The BACO
code allows a sensibility analysis taking into account the standard values of the fuel parameters with
their as-fabricated tolerances and their statistical distributions.
The probabilistic analysis for the pellet centre temperature presents a temperature band after
reshuffling less than 200qC of uncertainty around the standard calculation. This band does not mean a
big change in pellet grain morphology and the pattern of cracks. The sensitivity analysis for the gas
pressure in the fuel rod shows a progressive increment of the dispersion following the irradiation. This
is due to the fact that the gas pressure calculation is the result of the most severe coupling of
stress-strain and the temperature calculation, among other effects. Nevertheless, the maximum
pressure is less than the coolant pressure. Standard calculations after reshuffling results converge to
the maximum values of the sensitivity analysis results.
Figure 17 shows the probabilistic analysis for hoop stress (tangential stress at the inner surface of
the cladding). There are similar values before the reshuffling. During reshuffling, a strong dispersion
of results and the stress relaxation, especially due to creep after these events, is evidenced. Several
points with a stress value greater than 170 MPa are also found. Events of these types at these values
suggest a probability to induce a fuel failure due to SCC. Standard calculations produce results sufficient
to maintain the integrity of the fuel; nevertheless, after reshuffling the sensitivity analysis results in a
probability to produce a failure due to SCC. The random values of pellet and cladding radius between
as-fabricated tolerances (among other fuel parameters) produce a great dispersion of the stresses after
reshuffling due to the different time at which PCI occurs.
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Figure 17. Cladding hoop stress results from the BACO code probabilistic analysis

PIE at the NPP Atucha-I with SEU fuels
The presented fuel was one of the top burn-ups reached at the Atucha-I NPP. The local burn-up at
the middle-bottom position of the core was 16 000 MWd/tU. The visual inspection shows the excellent
state of the fuel element. The fuel rods presents an oxide layer thickness of about 3-5 microns. (The high
burn-up of PWR fuels could produce an oxide layer at the cladding between 30-40 microns.) Ridges at
the fuel rods were not clear at all, but were visible (see Figures 18 and 19). The PHWR Atucha-I NPP
has a control of the water chemistry sufficient to assert that there is no crud deposition. The water is a
reducing agent in the primary circuit of coolant.
Figure 18. SEU Atucha-I fuel rods with small ridges at the cladding surface
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Figure 19. Another view of SEU Atucha-I fuel rods with small ridges at the cladding surface

Performance of the first SEU core at Atucha-I NPP
The sensitivity and parametric analysis could be sufficient for the efficient design of fuel rods,
taking into account the safety and economic limits from a realistic point of view. The extension of the
previous design is the analysis of the performance of irradiated fuel elements when an improvement of
the original design is required as the burn-up increment of the SEU fuel at the Atucha-I NPP. The
behaviour of the SEU first loading at Atucha-I is analysed in this section.
Figure 20 shows the power ramps at the first reshuffling of the fuels when Atucha-I becomes a
homogeneous SEU core. The fuel length is divided into ten axial sections.
Figure 20. Power ramp of the first SEU core at the Atucha-I NPP
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BACO allows the calculation of a complete set of irradiations of the same fuel design as the
calculation of the complete core of the Atucha-I NPP. Figure 21 presents the maximum hoop stress
reached for each fuel rod during each individual irradiation. All the fuels are under the VSCC value
listed in previous sections (VSCC = 170 MPa). Just one fuel present stress reversal. The rest of the fuels
are under compression during the irradiation. The maximum pellet temperatures for all the fuels
present a maximum temperature ~1 900qC. We could expect columnar grains at the pellet centre of the
fuel and, for a few pellets, a small hole. All the values of the calculated fission gas release at
reshuffling are under 0.9%. The maximum calculated gas pressure in the rod maintains values below
the coolant pressure. We find an increment of pressure with burn-up.
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Figure 21. Maximum hoop stress calculated for each fuel of the first SEU core of Atucha-I
20

0

Hoop Stress [MPa]

0,0

2000,0

4000,0

6000,0

8000,0

10000,0

12000,0

-20

-40

-60

-80

-100
Average Burnup [MWd/tU]

Figure 22 shows the maximum calculated values of axial and radial deformations. These values
were calculated at fuel reshufflings. The deformations increase with the burn-up. The radial
deformation is done due to creep down of the cladding (see Figure 14).
Figure 22. Axial deformations
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The BACO code calculations of hoop stress, pellet centre temperature, axial deformations and gas
pressure were made using conservative values [17]. The results are in good agreement with the
successful irradiation without any fuel failures of the first SEU core irradiation.
Conclusions
The modular structure of the BACO code and its detailed coupling of thermo-mechanical and
irradiation-induced phenomena make it a powerful tool for the prediction of the influence of material
properties on the fuel rod performance and integrity. The hoop stress predicted by BACO, for a fixed
ramp velocity, at the inner surface of the cladding correlates well with the fuel failure probability over
a wide range of pre-conditioned powers and power increments during the ramp.
On-power fuel reshuffling was done at Atucha-I NPP with the original, natural UO2 core and the
new SEU core. For the sake of the exercise, we adopt a hoop stress value at the cladding of 170 MPa
as a realistic limiting threshold stress that allows SCC to initiate (though, actually, it only results in a
progressive deterioration once the proper atmosphere has been attained inside the rod). A simple rule
for fuel failure was included in the calculation of CANDU fuel performance. That PCI-SCC criterion
was enough for the understanding of the fuelogrammes of Ref. [15].
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The coupling between 3-D application and quasi-bi-dimensional codes can lead to an enhanced
understanding of the fuel rod behaviour, as was shown in the analysis of the stress in a cracked 3-D
pellet. Otherwise, the models for the cracks and dishing influence in the fuel rod behaviour were
presented in a pure quasi-bi-dimensional environment, particularly the stress release, gas pressure in
the rod as well the economy of UO2.
The transition of the core of the Atucha-I NPP from natural UO2 to SEU was presented from the
point of view of the fuel rod behaviour in order to illustrate the BACO code capabilities. Extreme case
analysis, parametric (or sensibility), probabilistic (or statistic) analysis plus the analysis of the fuel
performance (full core analysis) are the tools developed in the structure of BACO in order to improve
the understanding of the burn-up extension in Atucha-I. The PCI-SCC criterion, among others, was
sufficient for the complete core transition to SEU fuels without any significant failure.
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Abstract
The modelling of mechanical pellet-clad interaction requires knowledge of the thermo-mechanical
behaviour of nuclear fuels. Some nuclear fuels such as MOX are composed of several phases.
The mechanical properties of these phases, which are elastoviscoplastic in-pile, are changing in-pile.
The objective is to formulate a mechanical behaviour law taking all the physical phenomena into
account in the different phases, which can easily be introduced into a fuel rod modelling code.
Consequently, Non-uniform Transformation Field Analysis (NTFA) is used on the one hand, to
correctly capture the heterogeneity of the anelastic strain in the different phases and, on the other hand,
to provide a simple overall constitutive law for computational codes. This method is a good way to
describe the behaviour of MOX fuel. Transformation Field Analysis (TFA), which corresponds to
piecewise uniform transformation fields, is used to perform a sensitivity study.
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Introduction
PCI modelling requires knowledge of the thermo-mechanical behaviour of nuclear fuels. This paper
focuses on MOX fuels. MOX fuels have a heterogeneous microstructure with several porous phases.
MOX material is considered as a uranium-bearing matrix and plutonium-bearing agglomerates. Each
phase has elastoviscoplastic behaviour in-pile and its microstructure changes in-pile; this includes an
evolution of the porosity and the grain size, the appearance of fission products in solution, gas bubbles
and various precipitates.
The aim is to formulate an overall elastoviscoplastic behaviour depending explicitly on the
elastoviscoplastic behaviour of each phase, and which can easily be introduced into a fuel rod modelling
code. It is known that the effective behaviour of materials made of different elastoviscoplastic phases
is itself elastoviscoplastic; however it is composed of an infinity of internal variables which are the
fields of local internal variables. In order to obtain effective models which are useable, simplifying
assumptions are considered.
Transformation Field Analysis (TFA), proposed by Dvorak [1], assumes that the local fields of
internal variables are piecewise uniform. The TFA is simple to implement. It only requires elastic
calculations on the Representative Volume Element, using analytical models. However this approach,
applied to two-phase models, does not correctly ensure the relation between effective behaviour and
the behaviour of each phase. But in the case of MOX fuel, the behaviour law of the uranium-bearing
phase [2] is well known and the parameters of the law for aggregates are identified from experimental
data which provide information on the macroscopic level. Therefore, the local parameters of the
plutonium-bearing phase are obtained from the experimental overall behaviour law and by fixing the
uranium-bearing phase law.
In order to improve the predictions of the TFA, Michel and Suquet [3] recently proposed to take
the heterogeneity of the local fields of internal variables into account by considering non-uniform
transformation fields. This method is called Non-uniform Transformation Field Analysis (NTFA).
The paper is organised as follows. In the first part, microstructures of MOX fuels are presented.
The NTFA and TFA methods are described in the second part. In the third part, results obtained with
the NTFA method for a two-phase material are presented showing the interest in using this method for
MOX fuels. In the last part, the TFA method is applied to MOX fuels. The modified UO2 behaviour
law developed by Monerie and Gatt [2] is used for the matrix and a law in the same form as the UO2
behaviour law is used for the aggregates. The experimental data are used to determine missing
mechanical parameters. A sensitivity study is then proposed to evaluate the effect of the porosity and
of the volume fraction of the plutonium-bearing phase.
Microstructures of MOX fuels
Industrial MOX fuels (MOX MIMAS) are multi-phase materials. In the case of MOX MIMAS
AUC, two phases can be observed:
x

Agglomerates full of plutonium: plutonium-bearing phase (clusters).

x

A matrix poor in plutonium: uranium-bearing phase (matrix).
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For MOX MIMAS TU2, another phase is observed: a network more or less interconnected where
the plutonium content is contained between the content of the uranium-bearing phase and the
plutonium-bearing phase. Moreover, each phase is porous.
Figure 1. MOX MIMAS AUC and MOX MIMAS TU2

Non-uniform Transformation Field Analysis
Constitutive relations for the constituents
At each material point x the state variables are the strain tensor H and internal variables which
describe irreversible phenomena. Here we will only consider the dissipative mechanism which comes
through an anelastic strain Han. The behaviour of each constituent is defined by two thermodynamic
potentials, the free energy Z which defines (through the state law) the stress V, and the force potential
\ which gives (through the complementary law) the equation of evolution for the anelastic strain:
Z H , H an
V

(1)

1
H  H an : L : H  H an
2

wZ
H , H an
wH
H an

(2)

L : H  H an
w\
V
wV

(3)

For simplicity, attention is restricted to isotropic constituents. The elastic tensor L is therefore
characterised by a bulk modulus k and a shear modulus G, whereas the force potential \ depends on
the stress V only through its second invariant Veq. Under this last assumption, the evolution Eq. (3)
reduces to:
H an

V dev
3 w\
V
2 wV eq eq V eq

(4)

12

§3
·
¨ V dev : V dev ¸ . When there is no evolution of
©2
¹
the system, the stress and strain fields in the representative volume element (RVE) solve the following
linear elastic problem, with appropriate boundary conditions:

where Vdev denotes the deviating part of V and V eq
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Vx

L x : H x  H an x , div V x

0, H

E

(5)

E and Han(x) being known, the strain field H(x) solution of Eq. (5) can be written as:
Hx

A x :E 

1
V

³ D x , x’ : H

an

A x : E  D H an x

x’ dx’

(6)

V

where A(x) is the elastic strain-localisation tensor and D(x,xc) the non-local operator which gives the
strain at the point x created by a transformation strain Han(xc) at point xc.
Non-uniform transformation fields
In order to reduce the number of internal variables and to improve the TFA, Michel and Suquet [3]
proposed to take the non-uniformity of the local fields of internal variables into account by considering
non-uniform transformation fields. More precisely, the field of anelastic strain is decomposed on a set
of fields, called plastic modes, Pk:
H an x

M

¦H

an
k

(7)

Pk x

k 1

Unlike the classical TFA, the modes Pk are non-uniform, tensorial and can depend on the position x.
Their total number, M, can be different from the number of phases. Further assumptions are made to
simplify the theory. (i) The support of each mode is entirely contained in a single material phase.
It follows from this assumption that, for a given mode k, one can define its characteristic function Fk,
its free energy Zk, its elastic moduli Lk, its force potential \k as those of the phase which supports this
mode. (ii) For incompressible viscoplasticity, the modes are traceless tensor fields. (iii) The modes are
orthogonal. This condition is obviously met when the modes have their support in different phases but
has to be imposed to the modes which have their support in the same phase. Finally, in order to have
the H an
k homogeneous to an anelastic strain, (iv) The modes are normalised:
k
P eq

§2 k k ·
¨ P :P ¸
©3
¹

k
1 , where P eq

12

Reduced variables and influence factors
Under the approximation in Eq. (7), Eq. (6) becomes:
Hx

A x :E 

M

¦D

P l x H lan

(8)

l 1

Multiplying Eq. (8) by Pk and averaging on the RVE, one obtains:
ek

ak : E 

M

¦D

kl

H lan

(9)

l 1

where the reduced strain ek, the reduced localisation tensor ak and the influence factors Dkl are defined as:
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H : P k , ak

ek

P k : A , Dkl

(10)

Pk : D Pl

By analogy with the equation defining the reduced strain ek in Eq. (10), one can define the reduced
anelastic strain ekan and the reduced stress Wk:
H an : P k , W k

ekan

Note that the set ^H an
k `k

1,...,M

can be replaced by the set ^ekan `k
e kan

(11)

V :Pk
1,...,M

, since:
(12)

P k : P k H an
k

Constitutive relations for the reduced variables
Since the elastic tensors of the phases are assumed isotropic and the modes incompressible, the
reduced stress Wk is given by:
Wk

2G k e k  e kan

(13)

In order to derive an evolution equation for ekan , Eq. (4) is multiplied by Pk and averaged over the
RVE:
e kan

H an : P k

(14)

3 w\
V : Pk
V eq
2 wV eq
V eq

The next step is to simplify Eq. (14) to obtain a relation between the different ekan and the W k . This is
done in Michel and Suquet [3] by replacing in the right-term of Eq. (14) Veq by ar

1/ 2

§M r 2 ·
¨¨ W k ¸¸
©k1 ¹

¦

, where

M(r) denotes the number of modes with support in a given phase r:
e

an
k

W
3 w\ k
ar k , ar
2 wV eq
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1/ 2

§M r 2 ·
¨¨ W k ¸¸
©k1 ¹

¦

(15)

The system of Eqs. (9), (12), (13), (15) constitutes the effective constitutive relations of the composite.
This system is solved along a prescribed path, either in the space of macroscopic stresses or in the
space of macroscopic strains, which gives the internal variables H kan . Finally, the macroscopic stress is
obtained by averaging the stress field which results from Eqs. (2), (7) and (8):
6

The tensors L : D P k

~
L:E 

and L : P k

¦

L : D P k  L : P k H an
k

are computed once for all.
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(16)

Choice of the plastic modes
The choice of the plastic modes is a key point in the accuracy of the method. In this study the
plastic modes are determined by using the following procedure. Let Tk(x), k = 1,…MT(r) be the
normalised anelastic strain fields in a given phase r, determined for different macroscopic strain states
by numerically solving the unit-cell problem along certain loading paths. The Karhunen-Loeve
transformation is used to build a new set of modes Pk(x), k = 1,…MT(r):
(17)

MT r

¦v T

Pk x

k
l

l

x

l 1

where Qk, for k = 1,…MT(r), denote the eigenvectors of the correlation matrix g:
MT r

¦g

ij

O k v ik , g ij

v kj

Ti x : T j x

i , j 1...M T ( r )

(18)

j 1

and Ok the eigenvalues of matrix g. It is easy to verify that the new modes Pk are orthogonal. First,
P k : Tl
Ok vlk . Then:
P :P
k

Ok if k l
®
¯0 if k z l

l

(19)

Assuming O1 t O2 t O3 t .... t OM r , another interest of the Karhunen-Loeve transformation lies in
the fact that only the M(r) [M(r) d MT(r)] first modes of greater eigenvalues can be considered. In all the
examples presented, the M(r) principal modes are retained such that the following criterion is satisfied:
T

(20)
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Transformation Field Analysis
In the case of the TFA, the anelastic strain is assumed to be piecewise uniform within each
individual phase or subdomain:

¦H

H an

an
r

(21)

Fr x

The modes Fr are the characteristic function of the phase r. They are scalar, whereas the modes for
the NTFA are tensorial. Implementing Eq. (21) into Eq. (6), the average strain in the phase r is given by:
Hr

Ar : E 

N

¦D

rs

: H an
s

r 1,..., N

(22)

s 1

where Ar the average strain-localisation tensors and Drs the influence factors depend on the linear
elastic properties of the individual phases.
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so the macroscopic stress is given by:
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follows exactly the constitutive relations in phase r, the
The evolution of anelastic strain H an
r
stress being estimated as the average stress in phase r:
w\ r
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wV
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Application of the NTFA to a two-phase material
Configurations, material data
A two-phase composite with a viscoplastic fibre and matrix is considered. The viscoplastic
potential for both phases is of the form:
V 0 H 0 § V eq
¨
n  1 ¨© V 0

\V

·
¸
¸
¹

n 1

(26)

A hexagonal cell is considered where the fibre volume fraction is 25%. Its microstructure is not
representative of a nuclear fuel, but this case makes it possible, with mechanical parameters close to
MOX data, to underscore the advantages of the NTFA for MOX fuels.
The fibre data are the same for all the calculations:
Young’s modulus (GPa)

Poisson ratio

100

0.3

H 0

n

V0 (MPa)

–5

1

10

250

The matrix data are the following:
Young’s modulus (GPa)

Poisson ratio

n

H 0

180

0.3

1 or 8

10–5

n=1
V0 (MPa)
n=8
V0 (MPa)

1
13.712

1
50

2
100

2
18.286

3
500
3
24.384

4
1 000
4
32.517

5
6
5 000 10 000
5
43.362

6
57.825

7
77.111

For loading, the direction of the overall stress is imposed (here, a uniaxial tension is imposed) and
the magnitude of the overall strain in this direction is controlled.
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Viscoplastic modes
The viscoplastic modes are chosen to be actual viscoplastic strain fields under uniaxial tension
(the component 611 is non-zero, the other components are nil). We decided to take 25 modes between
0-5% of macroscopic strain for each phase. Thanks to the Karhunen-Loeve decomposition, we can
obtain the principal modes. Figure 2 shows the eigenvalues of each phase. The matrix yield stress is
50 MPa, the fibre yield stress is 250 MPa.
Figure 2. Eigenvalues of the matrix g [defined by Eq. (18)]

It can be seen in Figure 2 that the eigenvalues decrease very rapidly. Generally, the criterion in
Eq. (20) is satisfied with only two modes for each phase, sometimes with three in the matrix according
to the material data. Figure 3 shows the component P11 of each mode in the matrix and in the
aggregates in the case where the matrix yield stress is 50 MPa and the fibre yield stress is 250 MPa.
Figure 3. The component P11 of the four modes used to the NTFA
(a) and (b) represent the mode of the highest energy(e.g. the greatest eigenvalue) respectively in the matrix and
in the inclusions, (c) and (d) represent the mode for the following eigenvalue in the matrix and the inclusions

(a)

(b)

(c)

(d)

Results
Figure 4 compares the results obtained with the TFA, the NTFA versus the “exact” results
(reference) performed by a computational method based on fast Fourier transforms (see Refs. [4,5] for
more details about this computational method). The overall stress in the imposed direction as a
function of the overall strain in the same direction has been plotted.
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Figure 4
(a) Predictions of TFA, NTFA with one or two modes
in each phase and exact result in the case where
exponent n = 1 in the matrix and in the inclusions

(b) Predictions of TFA, NTFA with two modes in each
phase and exact result in the case where exponent
n = 8 in the matrix and n = 1 in the inclusions

In all cases, it can be observed that the TFA provides too-stiff predictions. It can also be seen in
Figure 4(a) that the NTFA with only one mode per phase is not in good agreement with the reference,
in particular at the level of the bend. On the contrary, with two modes per phase, the NTFA is in
excellent agreement with the reference whatever the strain considered.
Next, the effective yield stress obtained with the TFA and the NTFA were compared in all the
cases previously presented. Moreover, the yield stress was calculated in all the cases with parameters
of the NTFA calculated for another case: for n = 1 in the matrix, the matrix yield stress had been taken
at 50 MPa, for the case n = 8 in the matrix, the matrix yield stress had been taken at 13.712 MPa.
The aim of these calculations is to verify the effect of mechanical parameters on the NTFA method; as
the parameters for nuclear fuels evolve during irradiation, it is important that the results not be strongly
dependant on them.
Figure 5. The effective yield stress versus the matrix yield stress
according to the used method, the inclusions yield stress being 250 MPa

It can be seen that the effective yield stress calculated with the TFA is always overestimated, in
particular for the cases where n = 8; the error can reach more than 300%. Otherwise, the NTFA gives
excellent results (the error is not greater than 0.02% in the case n =1 and 2.4% in the case n = 8).
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When modes calculated with a different matrix yield stress are used, a good agreement with the
reference is obtained, in particular in the case n = 8, where the error does not exceed 1.7%. This is a
very good point for MOX fuels.
Application of the TFA for MOX fuels
For the TFA approach, two phases are considered [the uranium-bearing phase (cu) and the
plutonium-bearing phase (cp)]. The phases are porous (fu and fp are the porosity of each phase) and
their behaviours are assumed to verify the following viscoplastic potential [2]:
<r
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where dr is the grain size of phase r, <ir the force potential linked with two creeping mechanisms at
the microscale (the scattering-creep acts for low temperatures and small stresses, the dislocation-creep
acts for high temperatures and high stresses) and Tr is the coupling function between the two creeping
mechanisms.
The elliptical form of this potential allows us to take the creep into account under hydrostatic
loading. The evolution of the porosity of each phase verifies the following mass balance equation:
f r

1 f

r

w< r
wV r

(30)

In order to evaluate localisation tensors and influence factors, we use the Mori-Tanaka estimate [6].
Introducing the classical isotropy orthogonal base with the 3 u 3 following matrix [7]: J 1 3 i i
(where denotes the classical tensor product, and iij = Gij) and K = I – J, all isotropy elasticity tensors
can be written as:
L

3kJ  2GK

^3k ,2G`

(31)

where k and G are respectively the bulk modulus and shear modulus. So we have for each phase:
Lr

^3k

r

,2G r `

(32)

With these notations, we can write the effective elastic tensor:
~
L

^3k

MT

,2G MT `

408

(33)

with:
 MT
°k
°
°
®
°G MT
°
°
¯

k p  ku
k p  ku
1  cu *
k  ku
G p  Gu
Gu  c p
G p  Gu
1  cu *
G  Gu

(34)

ku  cp

the parameters k* and G* being defined by:
k*

4 u
G and G *
3

G u 9k u  8G u
6 k u  2G u

(35)

To evaluate localisation tensors Ar, the following equations are used:
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To evaluate influence factors, the following equations are used:
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The constant parameters of potential <u were identified by considering UO2 behaviour and results
of tests on MIMAS0 (0% of Pu) [8]. In Figure 6, we compare UO2 (GM) and MIMAS0 (GM*)
behaviour laws with experimental data. It is observed that GM behaviour law underestimates the
creeping at low stresses and overestimates the creeping at high stresses. GM* law improves the GM
model as is shown in Figure 6.
For the potential <P, MIMAS6 (6% of Pu) and MIMAS10 (10% of Pu) were used [8]. The
agreement between experimental data and numerical simulations is plotted in Figure 7.
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Figure 6. Comparison between simulate creep rate and experimental data
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Figure 7. Comparison between simulated creep rate and experimental data
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Porosity effect
Figure 8 shows, with different imposed stresses, the creep rate evolution versus the cluster porosity.
For the first curves, the global porosity constant (7.05%) is considered. For the second, the matrix
porosity constant (7.05%) is considered, and the porosity of clusters made to evolve. The results show
a weak porosity effect to the creep rate. This effect is greater at high stresses.
Figure 8. Effect of the porosity, creep rate versus clusters porosity
mean porosity: 7.05 %

Porosity of matrix: 7.05 %
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Volume fraction of clusters
Figure 9 shows the evolution of the creep rate versus the volume fraction of clusters for different
imposed stresses. We can observe a weak effect of this parameter at small stresses, however this effect
is bigger at high stresses.
Figure 9. Effect of the volume fraction of clusters on creep rate
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Conclusions
The NTFA, used with a good choice of modes, provides excellent results and this study has
shown that the method would be a good way to describe the behaviour of MOX fuels.
The TFA made possible a sensitivity study. For the porosity in clusters and the volume fraction of
the plutonium-bearing phase, the higher the stress, the more these parameters influence the creep rate.
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Abstract
To identify the differences in cladding response between out-of-pile mechanical property tests and
in-reactor PCMI of high burn-up fuel, finite element calculations have been conducted to evaluate the
stress and strain distributions throughout the cladding in the vicinity of a hydride lens under both
PCMI and pressure loading conditions. These calculations were performed using the ABAQUS
general-purpose structural analysis code coupled with a specialised zircaloy-zirconium hydride
composite mechanical constitutive model. In addition, local effects PCMI calculations were performed
using the FALCON finite element fuel behaviour code. The results of the finite element calculations
are compared to burst tests performed using irradiated cladding material containing hydride lens defects.
Comparison of pressure/low friction loading and PCMI conditions indicate that the friction arising from
fuel-clad bonding plays an important role in the development of cladding stress and strain distributions
in the presence of cladding defects such as a hydride lens. Because of interfacial pellet-cladding friction,
cladding failure models based directly on pressure or low friction mechanical property tests produce
a lower-bound failure boundary when applied to the interpretation of cladding failure during PCMI
loading of high burn-up fuel.
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Introduction
Understanding the primary cause of cladding failure during power transients such as a reactivity
initiated accident (RIA) requires a cladding integrity model that considers the cladding conditions and
the type of loading applied to the cladding during the event. Typically, out-of-pile mechanical property
tests are used to characterise the cladding failure process as a function of several key variables. These
variables include: 1) material conditions defined by temperature, fast fluence, and hydrogen content
and distribution, 2) geometry effects arising from transverse or longitudinal loading, and 3) loading state
such as uniaxial or biaxial tension. Many experimental programmes have been conducted to evaluate
the mechanical properties of irradiated zirconium alloy cladding. Several of these programmes are
described in Refs. [1-4]. The primary objectives of these experimental programmes are to determine
the important mechanical properties used to define the material elastic-plastic constitutive law, namely,
yield stress, ultimate tensile strength, uniform elongation and total elongation. Testing methods used to
obtain these properties include uniaxial, axial and ring tension tests on tube material, uniaxial tests
using plate material and biaxial burst tests [1-5]. These test types are not specifically designed to
measure the failure processes of zirconium alloy cladding tubes and as a consequence, using the results
from such tests to define the conditions for cladding failure may represent an extrapolation, depending
on the differences between the method of loading within the tests and the loading conditions within the
fuel rod. Therefore, consideration must be given to the type of mechanical properties tests used to
develop a cladding integrity model to determine how representative the test conditions are for the
intended fuel rod transient response under evaluation.
Part-wall cladding defects can be formed during the manufacturing process or during normal
operation. These defects can lead to through-wall cladding failure by mechanical fracture when sufficient
PCMI loading occurs under normal or accident conditions. One type of cladding defect that can form
during normal operation under extreme external oxidation conditions is a hydride lens defect [2,6].
Mechanical property tests on cladding material containing hydride lens defects have found a significant
decrease in material strength and ductility [2,3] for the pressure or zero-friction loading conditions
used in these tests. Also, through-wall cladding failure can occur in heavily hydrided material under
PCMI loading conditions, depending on the size of the hydride lens defect. An example of a hydride
lens defect resulting in cladding failure has been reported by Papin, et al. [7]. This hydride lens defect
and through-wall crack is shown in Figure 1 and was observed in post-test examinations of the CABRI
REP Na-8 rodlet.
Figure 1. Hydride lens defect and through-wall crack in the underlying zircaloy-4 ligament
observed in post-test metallographic examination of the CABRI RE P Na-8 rodlet [7]

Hydride lens defect

It is difficult to apply the failure characteristics exhibited in out-of-pile mechanical property tests
to in-reactor fuel rod behaviour to interpret the process of cladding failure shown in Figure 1 because
of the differences between PCMI loading conditions experienced in a fuel rod and the available loading
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conditions used in mechanical property tests. The results of mechanical property tests generally
represent average (circumferential or gauge) properties whereas the failure process is governed by the
local conditions at the weak spot or defect. The possibility exists that the local conditions leading to
failure evolve differently for PCMI loading than those observed in out-of-pile mechanical property
tests. Therefore, an important step in developing an understanding in the process of cladding failure is
to identify the differences in cladding mechanical response under the loading conditions used in
mechanical property tests and under PCMI loading within a fuel rod.
The objective of this paper is to present a preliminary evaluation of the influence of an incipient
cladding defect associated with the formation of a hydride lens on the cladding failure response under:
1) pressure or low friction loading conditions typical of mechanical property tests and 2) PCMI loading
conditions representative of high burn-up fuel with the presence of high interfacial pellet-cladding
friction. Detailed finite element calculations were performed to determine the influence of an incipient
cladding defect on the local stress and strain distributions produced with and without the presence of
pellet-cladding friction. By comparing the evolution of the stress and strain localisation in the vicinity
of an incipient cladding defect for the different loading conditions, it is possible to identify the impact
of the defect on the overall cladding tube response leading up to failure.
Load-controlled versus PCMI loading conditions
The following addresses, conceptually, the differences in the cladding mechanical response
between pressure or zero friction displacement loading (load-controlled) conditions and pellet-cladding
mechanical interaction (PCMI) loading conditions. Pressure or zero/low friction displacement loading
conditions are generally used in tube burst tests or uniaxial tension tests to measure cladding mechanical
properties, whereas PCMI loading conditions are the primary loading process in irradiated fuel under
normal and off-normal operating conditions.
Figure 2 shows a schematic comparing both the load-controlled and PCMI loading conditions in
the presence of a cladding defect. Pressure or zero friction displacement loading applied to cladding
tubes where deformations have little or no influence on the applied force represent load-controlled
conditions. Under load-controlled conditions an increase in strain results in an instantaneous increase
in stress due to changes in cross-sectional area, and, since the force is maintained (follows the cladding
displacement) further strain develops. Once plasticity occurs load-controlled conditions typically result
in material instability and failure since the material cannot resist additional stress. Furthermore, the
presence of a defect that introduces variations in the cross-sectional area normal to the force causes local
stress concentrations as shown in Figure 2. In the case of cladding with a hydride lens, the inability of
the hydride lens to sustain a load due to cracking or plastic flow of the hydrides localises the force into
the remaining zircaloy ligament. Under load-controlled conditions, the force across the r-z plane of the
cladding is the same at all azimuthal locations. This means that the smaller effective cross-sectional
area in the vicinity of the hydrides lens produces higher local stresses. This stress concentration results
in focusing of the strain, or strain localisation, into the thinner region once plasticity occurs at the
defect location.
For PCMI conditions, a mandrel or pellet displaces the cladding inner surface (Figure 2). This
displacement is nearly uniform around the circumference under typical PCMI conditions representative
of RIA-induced pellet thermal expansion with friction between the pellet and cladding. Under PCMI
conditions, the cladding is loaded by displacement-control, i.e. the cladding deformations are limited
by the amount of pellet or mandrel expansion. The presence of pellet-cladding friction is an important
element of the PCMI loading process. The existence of friction between the pellet and cladding
distributes the PCMI force throughout the cladding inner circumference and causes more of the cladding
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Figure 2. Schematic of force and stress distribution for
(a) load-controlled and (b) PCMI loading conditions
Hydride Lens Defect
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V1 | V
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(b) Force and Stress Distribution for
PCMI Conditions

material to participate in the deformation process. As a consequence, PCMI conditions representative
of RIA-induced thermal expansion of the pellet minimise the stress and strain concentrations in the
presence of cladding defects such as a hydride lens. Furthermore, the cladding cannot strain beyond
the amount of displacement resulting from the PCMI imposed forces, unlike the load-controlled
condition, which can strain indefinitely because the force is maintained throughout the cladding
displacement process.
For un-irradiated tubes or irradiated tubes without large defects, the mechanical response of the
cladding under the two different loading conditions differs only beyond the uniform elongation strain
range. However, the differences in mechanical response between load-controlled and PCMI loading
become more significant with the presence of cladding defects, such as hydride lenses. It is important
to understand these differences in order to correctly use and apply the results of mechanical property
tests such as tube burst tests or uniaxial ring tension tests in the interpretation of in-pile experiments
such as the CABRI REP Na-8 tests that are dominated by PCMI [7].
Analysis approach
To evaluate the stress and strain response under both load-controlled and PCMI loading conditions,
a detailed finite element (FE) analysis of a cladding region containing a hydride lens was performed
using two different methods. First, a cladding tube analysis was performed using the ABAQUS general
purpose structural analysis code coupled with a specialised zircaloy-zirconium hydride (ZrH2) composite
mechanical constitutive model [8,9]. The cladding-tube-only analysis considered both a pressure loading
condition at the cladding inner surface and an imposed inner cladding surface displacement loading
condition. To capture the effects of pellet-cladding mechanical interaction, a second series of finite
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element analyses were performed using the FALCON fuel rod behaviour code [10]. Since FALCON is
a fuel rod behaviour code, the analysis contained the effects of pellet-cladding mechanical interaction,
including the effects of pellet-cladding friction. In addition to pressure loading, pellet thermal
expansion from a linear power ramp was used to load the cladding in the FALCON model.
Figures 3(a) and 3(b) contain illustrations of the finite element models used in the ABAQUS and
FALCON calculations, respectively. The models shown in Figure 2 contain a 180q cladding tube and
fuel pellet (for FALCON only) representation with two symmetry boundary condition locations;
0q corresponding to the deepest location of the hydride lens and 180q corresponding to the far-field
location. A generalised plane-strain boundary condition is applied in the axial direction for both the
ABAQUS and FALCON finite element models.
Figure 3. Finite element models used in the ABAQUS and FALCON calculations
(a) ABAQUS 180º tube model with zirconium hydride distribution
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Both the ABAQUS and FALCON finite element models included the presence of a cladding
defect in the form of a hydride lens. The representation of the hydride lens was different between the
two analytical approaches. In the ABAQUS analysis, the hydride lens was modelled using a two-phase
constitutive elastic-plastic mixture model developed specifically for cladding material containing a
distribution of circumferential hydride platelets and solid hydride lenses [9]. Imposing a non-uniform
hydride distribution resulted in the two-phase mixture model having a local weak spot representing the
hydride lens location. As shown in Figure 3(a), the hydride lens in the ABAQUS model extended
more than 50% of the cladding wall and over a distance of ~30q around the circumference. As post-test
observations generally find that the hydride lens forms a crack at the deepest location, the ABAQUS
analysis was performed with a part-wall crack in the hydride at the 0q symmetry boundary location.
The FALCON finite element model shown in Figure 3(b) contains an explicit representation of the
remaining zircaloy-4 ligament beneath a hydride lens in the cladding. Such a treatment of the hydride
lens was necessary because the two-phase mixture model is not present in FALCON at this time. The
approach used in FALCON assumes that the hydride lens cracks at low stress and strain conditions
and the main structural component that resists deformations is the remaining zircaloy-4 ligament.
Utilising the models shown in Figure 3, two sets of clad loading conditions were analysed:
1) a pressure boundary condition at the cladding inner surface and 2) a pellet-cladding mechanical
interaction (PCMI) boundary condition at the cladding inner surface. The pressure boundary condition
at the cladding inner surface represents a load-controlled condition consistent with a tube burst test.
The pressure boundary condition case was analysed with both ABAQUS and FALCON. The PCMI
boundary condition was modelled using two different methods. Since a fuel pellet model is not readily
available in ABAQUS, a radial displacement history was applied to the cladding inner surface nodes
of the ABAQUS model to represent the outward expansion of the pellet. In addition, the hoop
(or azimuthal) displacement of the cladding inner surface was restrained, compatible with a bonding
condition between the pellet and cladding. The displacement boundary condition at the cladding inner
surface simulates the PCMI expected during a power rise of a reactivity initiated accident (RIA).
Second, the FALCON model includes a fuel pellet and PCMI was represented through fuel pellet
thermal expansion. To evaluate the role of friction on the cladding stress and strain distributions,
different levels of pellet-cladding interfacial friction were used in the FALCON analysis.
Analysis results
The following presents the analysis results for the cladding stress and strain behaviour obtained
from the ABAQUS and FALCON finite element calculations for both the load-controlled and PCMI
loading conditions. The load-controlled loading conditions included a linear pressure ramp to 30 MPa
in the ABAQUS analysis and both a linear pressure ramp to 60 MPa and a zero-friction PCMI load in
the FALCON analysis. The difference in the pressure levels reached in the ABAQUS and FALCON
calculations is a result of the hydride lens defect size used in the two models. The PCMI loading
conditions used in the ABAQUS consisted of a displacement boundary condition at the cladding inner
surface. The radial displacement at the cladding inner surface was linearly increased to a value
corresponding to ~2% hoop strain at locations far from the hydride defect. In the FALCON model, a
linear power ramp over 5 minutes was used to produce PCMI loading. The pellet-cladding interfacial
friction coefficient was varied between zero and 1.0 in the FALCON calculations to evaluate the role
of friction on the cladding stress and strain distributions.
To evaluate the effects of a hydride lens defect, the cladding hoop strain in the vicinity of the
hydride lens (0q) and at far-field locations (180q) are provided in Figures 4 and 5 from the FALCON
and ABAQUS models, respectively. Contained in these figures is a plot of the cladding hoop strain at
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Figure 4. The FALCON calculated hoop strain at the defect location as a function of the
hoop strain 180q from the defect for both load-controlled and PCMI loading conditions.
Different levels of pellet-cladding interfacial friction are shown for comparison.
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Figure 5. The ABAQUS calculated hoop strain at the defect location as a function of the
hoop strain 180q from the defect for both load-controlled and PCMI loading conditions
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the defect location as a function of the cladding hoop strain at the 180q location during the loading
process. In all the figures, the cladding hoop strain at both the defect location and the 180q location are
plotted at the radial position corresponding to the mid-wall of the cladding ligament in the defect.
The results from both the load-controlled and PCMI loading conditions are shown in the figures.
Both the FALCON and ABAQUS calculated cladding hoop strain for the load-controlled loading
conditions, either pressure or zero friction, demonstrate strain localisation once plasticity is reached in
the cladding ligament near the hydride lens defect. The strain localisation in the thin ligament section
results in plastic instability and ultimately failure at far-field strain levels well within the elastic regime.
These results are consistent with tube burst test results on irradiated cladding material containing a
hydride lens reported by Garde [2]. In this burst test, the failure stress calculated from the burst pressure
using a thin wall tube approximate (Pr/t) was ~50% of the ultimate tensile strength for tubing without
a defect, indicating failure in the elastic regime.
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Under PCMI loading conditions, the presence of friction between the pellet and cladding causes
more of the cladding circumference to participate in the deformation process. As a result, the cladding
hoop strain at the far-field location continues to increase even though the ligament at the defect location
has yielded and is undergoing plastic deformation. The results shown in Figure 4 and 5 indicate that
the amount of strain localisation under PCMI loading conditions is a function of the pellet-cladding
interfacial friction. The amount of strain localisation decreases as the interfacial friction is increased in
the FALCON analysis. At pellet-cladding interfacial friction coefficients representative of high burn-up
fuel conditions (f > 0.5), strain localisation is minimised and plastic instability is suppressed until higher
far-field strains have developed. The least amount of strain localisation occurs under the pellet-clad
bonding conditions as represented in the ABAQUS model. The displacement boundary conditions used
in the ABAQUS model restricts the deformations at the cladding inner surface to the radial direction
only and prohibits any azimuthal deformations to occur at the cladding inner surface, thus minimising
the strain concentration within the ligament at the hydride lens defect. Further analysis work is needed
to confirm that the pellet-clad bonding conditions simulated in the ABAQUS analysis are representative
of actual PCMI behaviour.
The maximum stress calculated 180q from the defect location (far-field) divided by the maximum
stress in the defect location is plotted as a function of the relative hydride lens depth in Figure 6 for the
FALCON and ABAQUS results. The relative hydride lens defect depth is given by the ratio of the
hydride lens (or defect) depth divided by the nominal cladding wall thickness. As expected, the
analysis results show that the stress in the thin ligament section in the defect is linearly proportional to
the thickness reduction at the defect under pressure or zero interfacial friction loading conditions. The
load-controlled FALCON and ABAQUS calculations agree well with the results of burst tests
conducted on cladding with a hydride lens defect present in the sample. Included in Figure 6 is the
result from a burst test reported by Garde on cladding suspected of containing a hydride lens defect [2].
The result of this burst test is shown in Figure 6 where the maximum circumferentially-average hoop
stress (Vfailure = Pfailure*rn/tn) calculated from the pressure at failure (Pfailure), the nominal tubing radius
(rn) and the oxide-corrected thickness (tn) is divided by the ultimate tensile strength from tests on
cladding tubes without hydride lens defects. Also shown are the uncertainties in the hydride lens depth
and variation in ultimate tensile strength.
Figure 6. Cladding hoop stress ratio as a function of relative defect
depth for the FALCON and ABAQUS calculations. A linear dependence
based on a wall thickness reduction formulation is shown for comparison.
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Also shown in Figure 6 is the stress ratio from the FALCON analysis including the effects of high
interfacial friction (f = 1.0). The FALCON calculated stress ratio resides well above the load-controlled
loading conditions and a linear function based on a simple wall thickness reduction. This result
demonstrates that the presence of friction increases the stress level at regions far from the hydride lens
defect location, thus minimising the stress and strain localisation process. As a result, the mechanical
work required to produce plastic deformation and strain localisation is higher for PCMI loading with
friction than for load-controlled loading conditions.
In order to evaluate the increase in the mechanical work required to cause strain localisation, the
strain energy density (SED) calculated in the ligament region is plotted as a function of the SED at the
180q location in Figure 7. The SED this location is a good approximation of the circumferentially
averaged SED calculated from mechanical property tests or typical axi-symmetric r-z fuel rod analysis
codes. As shown in Figure 7, strain localisation in the defect region results in very low SED values in
regions away from the defect for pressure or zero friction load-controlled loading conditions.
However, for PCMI loading with interfacial friction, the deformations developed throughout the
remainder of the cladding cause the SED in these regions to increase. Depending on the failure
characteristics of the ligament, the circumferentially averaged SED could be 3-4 times higher under
PCMI loading compared for load-controlled conditions.
Figure 7. FALCON calculated cladding SED at the defect location as a function of the
SED at the 180q location. FALCON results are shown of both load-controlled (pressure
and zero friction) loading and PCMI loading with different levels of interfacial friction.
80

SED at Defect (MJ/m3)

60

40
Pressure Loading
PCMI Friction
0.0
0.2
0.5
1.0

20

0
0

1

2

3

4

5

6

SED 180o from Defect (MJ/m3)

Discussion
Some important differences have been observed in the deformation analysis of the load-controlled
and PCMI loading conditions for cladding with a hydride lens defect. Load-controlled conditions
cause stress and strain localisation in the region of wall thinning associated with a local defect such as
a hydride lens. As a result, pressure loading or zero friction loading conditions only mobilise the thin
ligament of material beneath a hydride lens. Most of the cladding remains in the elastic regime at
stress levels approximately equal to the thin-wall tube (Pr/t) stress. These deformation analysis results
are consistent with observations from tube burst tests on cladding with hydride lens defects. On the
other hand, PCMI loading conditions with pellet-cladding interfacial friction activates more of the
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cladding tube material during the deformation process. As a result, it is necessary to deform more of
the cladding tube to achieve deformation in the ligament adjacent to a hydride lens. Although strain
concentration occurs in the thin wall section adjacent to the hydride lens, the relative difference between
the defect region and the remainder of the cladding is considerably lower.
The finite element analyses performed using more realistic PCMI loading conditions for irradiated
fuel demonstrate that burst tests in the presence of cladding defects overemphasises the impact of these
defects on the mechanical response of the cladding under PCMI conditions. The friction conditions
between the pellet and cladding isolates the local defect and allows more of the cladding material to
participate in the deformation process. As a result, the strain localisation process is minimised for
PCMI conditions.
It can be assumed that the local stress and strain in the ligament region near the hydride lens defect
governs the ultimate failure of the cladding at that location, irrespective of the loading conditions.
The deformation analyses described above show that to reach the same local stress and strain conditions
within the thinned wall region of the hydride defect, the far-field stress and strain levels could be
2-3 times higher under PCMI loading than for load-controlled loading where most of the cladding wall
is only at a fraction of the yield stress. This means that for PCMI conditions, the pellet expansion work
needed to strain the cladding to failure is much higher than the pressure work needed to reach failure
in burst tests.
Because load-controlled mechanical property tests such as burst tests or ring tension tests
overemphasise the stress and strain concentrations caused by wall-thinning near a hydride lens defect,
the circumferentially averaged stress, strain and strain energy density determined from these tests will
be considerably lower at failure than for conditions of PCMI with a strong friction component. Based
on observations from mechanical property tests on heavily hydrided irradiated cladding, several failure
models have been developed using strain localisation mechanisms [11-12]. Failure models based on
strain localisation such as those by Koss, et al. [11] and Jernkvist [12] will over-predict the failure
potential for cladding with defects experiencing PCMI loading conditions, especially those typical of
an RIA event in high burn-up fuel. These strain localisation models ignore the role of PCMI on the stress
distribution throughout the cladding tube. Furthermore, direct application of results from mechanical
property tests to interpret cladding failure in RIA experiments as reported by Papin, et al. [7] will also
over-predict the failure potential for irradiated fuel rods.
Cladding failure models based directly on the results of load-controlled mechanical property tests
on heavily hydrided cladding samples containing hydride lenses will be biased downward because of
the differences in the stress and strain states between load-controlled and PCMI loading conditions.
Such models represent a conservative lower-bound failure boundary when applied to the interpretation
of cladding failure under PCMI loading of high burn-up fuel rods. Recently, PCMI loading conditions
with friction have been simulated in out-of-pile mechanical property tests using the expansion due to
contraction (EDC) testing method [13]. The results of EDC tests performed on cladding material
containing hydride defects could provide data suitable to develop cladding failure models applicable to
PCMI conditions.
Conclusions
A preliminary evaluation has been performed to identify the influence of an incipient cladding
defect associated with the formation of a hydride lens on the cladding failure response under both:
1) pressure or low friction loading conditions typical of mechanical property tests and 2) PCMI loading
conditions representative of high burn-up fuel with the presence of high interfacial pellet-cladding
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friction. To identify the differences in cladding response between out-of-pile mechanical property tests
and in-reactor PCMI of high burn-up fuel, finite element calculations were used to evaluate the stress
and strain distributions throughout the cladding in the vicinity of a hydride lens under both PCMI and
load-controlled loading conditions. These calculations were performed using the ABAQUS general
purpose structural analysis code coupled with a specialised zircaloy-zirconium hydride composite
mechanical constitutive model. To support the ABAQUS analysis, local effects PCMI calculations
were performed using the FALCON finite element fuel behaviour code. The PCMI calculations
performed with FALCON included the effects of pellet-cladding interfacial friction.
Both the FALCON and ABAQUS calculated cladding hoop strain for the load-controlled loading
conditions, either pressure or zero friction, demonstrate strain localisation once plasticity is reached in
the cladding ligament near the hydride lens defect. This result is consistent with tube burst tests
performed on cladding material with hydride lens defects. In contrast, the analysis results for PCMI
loading demonstrate that the presence of interfacial friction between the pellet and cladding causes
more of the cladding circumference to participate in the deformation process. As a result, the pellet
expansion work needed to strain the cladding to failure is much higher than the pressure work needed
to reach failure in burst tests. The results of the finite element calculations indicate that the friction
arising from fuel-clad bonding plays an important role on the development of cladding stress and
strain distributions in the presence of cladding defects such as a hydride lens. Both the ABAQUS and
FALCON analysis results demonstrate that the stress and strain concentrations caused by wall-thinning
near a hydride lens are larger under burst test conditions as compared to PCMI conditions. As a rresult,
cladding failure models based directly on the results of tube burst tests or low friction ring tensile
mechanical property tests on heavily hydrided cladding samples containing hydride lenses will be
biased downward because of the differences in the stress and strain states between load-controlled and
PCMI loading conditions.
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ASSESSMENT OF CLADDING RELAXATION AND PCMI MODELS IN INFRA

Young-Min Kim, Yong-Sik Yang, Chan-Bock Lee, Dae-Ho Kim, Youn-Ho Jung
Korea Atomic Energy Research Institute, Korea

Abstract
A contact model analysing the PCMI of a LWR fuel rod with the Lagrange multiplier technique was
developed, and a model for strain relaxation of cladding was suggested. These models were inserted
into a high burn-up fuel performance analysis code. Displacement, strains, stresses, and contact pressure
of the pellet and the cladding were calculated at powers between 13 and 60 kW/m and at the frictional
coefficients between 0 and 1 using the finite element program and ABAQUS. Results of both the
programs showed a very good agreement. Cladding elongation for two ramps of in-pile test data was
calculated using the irradiation creep toward the pellet. The result from the calculation described the
cladding relaxation well. The frictional coefficients are 0.8 at the ramp during the early stage and
0.2 at the ramp during the late stage of the test.
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Introduction
Mechanical behaviour of the fuel rod is the stress and strain distribution in the pellet and the
cladding, pellet-cladding mechanical interaction (PCMI), and pellet cracking by thermal stress due to a
temperature gradient. Since PCMI greatly affects the failure behaviour, including the crack, of a high
burn-up fuel rod, it is important to set up a correct and effective PCMI analysis method. In-pile tests
show that the strain relaxation of the cladding during a high power holds, and that the weakening of
the PCMI causes the cladding relaxation [1]. The detailed mechanism should be known.
The numerical methods used to traditionally evaluate the PCMI are the penalty method [2,3] and
the Lagrange multiplier technique [4,5]. The penalty method is easy to implement into the finite
element equation. It maintains the symmetry of the stiffness matrix in the finite element equation.
However, the results become erroneous if the value of the penalty constant is not given exactly. In the
Lagrange multiplier technique, some constraints are added to the finite element equation. The stiffness
matrix is no longer symmetric, and the calculation then becomes very slow. However, the Lagrange
multiplier technique produces a correct solution.
In this study, a contact analysis method for estimating the PCMI was set up using the Lagrange
multiplier technique, and the irradiation creep of the pellet was selected in order to describe the
cladding relaxation. These models were inserted into a finite element modelling (FEM) program for
calculating the stress and strain distribution of a structure, and then the integrated FEM module was
connected to a high burn-up UO2 fuel rod performance analysis code. The cladding elongation results
from the FEM module and the re-irradiation tests of the fuel rod were compared after the validation of
the FEM module.
Modelling of PCMI and cladding relaxation
Finite element modelling module in INFRA
A PCMI analysis program written in FORTRAN was integrated into a previously developed FEM
program for structural analysis; the combined program was inserted into the INFRA (INtegrated Fuel
Rod Analysis) code. INFRA is a high burn-up UO2 fuel rod performance analysis code developed at the
Korea Atomic Energy Research Institute [6]. Figure 1 shows the FEM module in INFRA. The module
calculates the mechanical behaviours of a half pellet and the adjacent cladding with a load incremental
method using the basic data from the INFRA, and it does not change any functions of the other
routines in INFRA. The basic data being transferred from the INFRA to the FEM module are the
geometric dimension, the temperature distribution of the pellet and cladding, as well as the mechanical
loads, and some physical quantities such as the density, fast neutron flux, fast neutron fluence, etc.
Mechanical analysis results from the FEM module are the displacement, stress and strain, as well as
the strain energy density of the pellet and the cladding, and the contact state and pressure between the
pellet and the cladding.
Finite element modelling of the pellet and cladding
A two-dimensional axisymmetric finite element model, shown in Figure 2, was set up for the pellet
and the cladding. A quarter of a pellet was divided into five radial and three axial elements. The adjacent
cladding was divided into three axial elements. An eight-node serendipity finite element was employed.
The pellet was assumed to move freely in the axial direction. By using the symmetry conditions, it is
assumed that the radial centre of the pellet and the axial centre of the pellet and the cladding are not
displaced.
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Figure 1. FEM module in INFRA

Figure 2. Geometric finite element modelling for the pellet and cladding

G
Contact analysis model
Contact states and the interfacial pressure at the surface of the pellet and the cladding in the gap
should be calculated in order to correctly describe the deformation and failure behaviour of the fuel
rod. Figure 3 represents three modes of contact behaviour: open, stick and slip states. In the open state,
a pellet approaches the cladding mainly due to thermal expansion and swelling, but the pellet and the
cladding are not yet contacted. In the first stage of the stick state, soft contact between the pellet and
the cladding occurs. Contact forces of the same magnitude act on the interface of the pellet and the
cladding in the opposite direction. Strong contact between the pellet and the cladding occurs with a
further expansion of the pellet. The pellet and the cladding slip with each other if the contact force
becomes equal to the frictional force on the contact surface.
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Figure 3. Contact modes between the pellet and cladding

There are no constraints in the open state of Figure 3(a). The total potential energy for the open
system is:
1
^H`T ^V` d:  ^x`T ^r`
:
2

³

 OP

(1)

where 3OP is the total potential energy for the open surface, {H} is the total strain vector, {V} is the
stress vector, {x} is the displacement vector, {r} is the load vector, : is the volume considered and
superscript T means the transposed vector or matrix.
In the stick node, the gap thickness is zero and the axial displacement of the pellet node is equal
to that of the cladding node. Thus the constraints for the stick node are written by:
gr

gz

g r0  u p u c 0

 w p  wc

0

(2)
(3)

where gr is the radial gap thickness, g r0 is the initial radial gap thickness, gz is the difference of the
axial displacement between the pellet and the cladding, up is the radial displacement of the pellet node,
uc is the radial displacement of the cladding node, wp is the axial displacement of the pellet node and
wc is the axial displacement of the cladding node. Constraints for the stick node are applied to the total
potential energy as follows:
 ST

1
^H`T ^V` d:  ^x`T ^r`  ^g`T ^O`
2 :

³

(4)

where 3ST is the total potential energy for stick surface, and {g}T = {gr gz}, {O} = {Or Oz}T is the vector
of the Lagrange multipliers. The Lagrange multipliers, Or and Oz, mean the physically radial and axial
contact forces on the pellet surface, respectively. Their values are always less than or equal to zero.
Thus the value of {g}T{O} is always zero.
In the slip state, the axial displacement of the pellet node is not equal to that of the cladding node
any more. The constraint for the slip node is only Eq. (2). The axial force becomes equal to the
frictional force. By applying the Coulomb’s friction law to the slip surface, the frictional force can be
defined as follows [7]:
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Oz
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(5)

where P is the frictional coefficient and W is the dimensionless variable which represents the direction
of the frictional force, defined by:

W

 1 for w p  wc ! 0
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° 1 for w  w  0
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¯
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The total potential energy for the system including the slip state is:
 SL

1
T
T
^
H` ^V` d:  ^x`
2 :

³

^r`  WPO r ^e`

 grOr

(7)

where 3SL is the total potential energy for the slip system and the vector {e}T is equal to {0  0 –1 0 0
 0 1 0 0  0}. In vector {e}, the elements -1 and 1 appear at the location of the pellet and the
cladding node in the finite element equation, respectively. Frictional forces at the pellet and cladding
nodes are explicitly added to the loads in the total potential energy.
The finite element equation can be obtained by applying the minimum potential energy principle
to the contact system like Figure 3 [8,9]. Table 1 shows the finite element equations, gap thickness,
and contact forces according to the contact states. Figure 4 is the contact analysis flow for all the nodal
pairs in the gap. The deformation and contact states are computed by adding constraints according to
the old contact states to the finite element equation. New contact states are determined using contact
criteria consisting of the variables newly calculated. The calculated contact forces are converted into
contact traction or pressure by equating the work done by the nodal contact forces to the work by the
equivalent traction [10].
Table 1. Finite element equations according to the contact states
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Figure 4. Contact analysis flow for all the nodal pairs in the gap

G

Cladding relaxation model
Various in-pile tests showed that the strain relaxation of the cladding occurred during a high
power hold. The cladding decreases axially under a constant high power. It is suggested that cladding
relaxation is caused by the dimensional changes of the pellet. The pellet thermally expands like an
hourglass and the peripheral cusp of the pellet pushes out the cladding, causing the cladding to
elongate and ridge. Change in the pellet volume reduces the size of the pellet cusp and its force
pushing out the cladding. Then cladding relaxation occurs.
Irradiation creep strain has also been used as a model for the pellet deformation causing to reduce
the size of the pellet cusp. The irradiation creep strain rate [11] is written by:
H irr

AF V

(8)

where H irr is the effective strain rate for the irradiation creep (s–1), A is a constant describing the creep
resistance of the pellet (sfissions/m3/sMPa)–1, F is the fission rate (fissions/m3/s), and V is the
effective stress at the deformed region of pellet (MPa).
Validation of the finite element modelling module
Results from the FEM module were compared with those from the commercial structural analysis
software ABAQUS [12] in order to validate the developed FEM module. The geometric, material and
loading data are shown in Table 2. Figure 5 shows the temperature distribution in the pellet and the
cladding at various powers. The temperature distribution was calculated in INFRA. Displacement,
strain, stress and contact pressure were calculated at various powers between 13 and 60 kW/m and at
various friction coefficients between 0 and 1 using the FEM module and ABAQUS. It is assumed that
the pellet and the cladding have thermal, elastic and plastic characteristics.
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Table 2. Geometric, material and loading data for the test calculation
Data

Value
Uranium dioxide
10.86
12.70
0.0343
25.3
1.28
0.99
0.02
Zircaloy
12.79
10.91
0.230 ~ 0.233
3.447
12.034 ~ 12.044

Pellet material
Pellet outside diameter (mm)
Pellet length (mm)
Dish depth (mm)
Spherical radius of dish (mm)
Dish shoulder (mm)
Fractional density of UO2
Gap thickness (mm)
Cladding material
Cladding outside diameter (mm)
Cladding inside diameter (mm)
Gas pressure (MPa)
Coolant pressure (MPa)
Axial pressure on cladding (MPa)

Figure 5. Temperature distribution in a fuel rod for the test
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Figure 6 shows the circumferential strain at the Gauss points near the top of the pellet and the
cladding at 13 and 60 kW/m. Figure 7 displays the circumferential stress at the Gauss points near the
top and the axial centre of the pellet and the cladding at 13 and 60 kW/m. Circumferential strain and
stress from both programs are in good agreement. Figure 8 represents the radial and axial contact
pressure for the inner surface of the cladding at various powers. Both radial and axial contact pressure
increase with the power. The results from ABAQUS and the FEM module are in good agreement.
Figure 9 indicates the effects of the frictional coefficients on the axial stress and strain at a power
of 50 kW/m. Axial strain and stress increase with the frictional coefficients near the radial centre, and
vice versa near the pellet surface. Frictional resistance for the pellet’s expansion at the pellet surface
increases with the frictional coefficients. And that accelerates the pellet material expansion near the
radial centre more easily because the top part of the pellet is not constrained. Figure 10 shows the
hourglass-like deformation of the pellet and the cladding. The pellet is more axially displaced than the
cladding because all the contact nodal pairs are in the slip state.
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Figure 6. Circumferential strain at the top points of a half-pellet and cladding (P = 0.3)
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Figure 7. Circumferential stress at the top points of a half-pellet and cladding (P = 0.3)
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Figure 8. Contact pressure at various powers
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Figure 9. Effect of the frictional coefficients on the axial stress and strain
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Figure 10. Deformed shape of the pellet and cladding

Calculation of the cladding relaxation
Cladding elongation calculated by the FEM module in INFRA was compared with the re-irradiation
results of a UO2 PWR rod fuel rod, which is operated up to 60 MWd/kgUO2. The history of the power
and the temperature at the fuel centre of the rod is shown in Figure 11. The temperature at the fuel
centre in Figure 11 was calculated by INFRA. Figure 12 shows the burn-up history. Burn-up was 67 to
70 MWd/kgU during the in-pile test. The cladding elongation of the second and the last ramp was
calculated when the irradiation creep is applied to the pellet.
Figure 13 represents the cladding elongation of the second ramp. The value of constant A in
Eq. (8) is 5 u 10–30 (sfissions/m3/sMPa)–1. The value of the frictional coefficient is 0.8. The result
from the calculation depicts the relaxation behaviour of the cladding in the experimental data well.
However, the results of calculation were underestimated at the increasing power and overestimated at
the decreasing power.
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Figure 11. Power and temperature history
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Figure 12. Burn-up history
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Figure 13. Cladding elongation of the second ramp according to power level and time
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Figure 14 shows the cladding elongation of the last ramp. The value of the frictional coefficient
is 0.35. It is lower than the value of the second ramp, meaning that the hardness of the pellet becomes
weak in the last ramp. The value of constant A in Eq. (8) is also 5 u 10–30 (sfissions/m3/sMPa)–1.
The calculated cladding elongation is larger than the measured one when the power is increasing from
15 to 22 kW/m. The pellet usually becomes quite fractured after it experiences many transient periods.
Thus a strong pellet cusp is not formed as with the unimpaired pellet. The present PCMI model does not
yet consider this kind of phenomenon. The calculated elongation was decreased after about 20 kW/m,
the reason being that the pellet slips on the surface of the cladding at that power. Figure 15 represents the
cladding elongation of the last ramp according to the power level after adding experimental permanent
deformation of cladding, which is about 0.04 mm. The permanent deformation was not calculated in
the FEM module. In the FEM result, the cladding had not been plasticised over the entire time interval.
Figure 14. Cladding elongation of the last ramp according to power level and time
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Figure 15. Cladding elongation of the last ramp according to
power level after adding experimental permanent deformation
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Conclusion
A model to analyse the pellet and cladding contact was developed by the Lagrange multiplier
method and was successfully applied to PCMI estimation. A FEM module for the mechanical behaviour
analysis of a fuel rod was developed and validated by comparison with the commercial FEM code
predictions. Stress, strain and PCMI results for the fuel rod were calculated at powers between 13 and
60 kW/m and at frictional coefficients between 0 and 1 using the FEM module and ABAQUS. Both
results showed a very good agreement.
The cladding relaxation at the ramps for the 60 MWd/kgU fuel was well described by the irradiation
creep. The results are not exactly in agreement. The irradiation creep of the pellet is one of the causes
of cladding relaxation. The frictional coefficients are 0.8 at the ramp during the early stage and 0.2 at
the ramp during the later stage of the in-pile test. The constant describing creep resistance of the pellet
was 5 u 10–30. The weakening of the pellet cusp in the fractured pellet should be included in the present
PCMI model.
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TWO-DIMENSIONAL (2-D) PELLET-CLADDING
MODELLING USING FEM AT NRI REZ PLC

0RMPtU9DODFK-L t=\PiN
Nuclear Research Institute Rez plc, Czech Republic

Abstract
The method and calculation results of 2-D (r-z) and 2-D (r-M) contact elasto-thermal solutions of
pellet-cladding configuration are presented. Calculations were performed with coupled thermal and
mechanical methods with inner sources and appropriate material properties dependent on temperature.
Preliminary results of those simulations will be appropriate for advanced Russian TVEL fuel geometry
recently delivered to the Dukovany NPP. Validation on experiment will be the subject of further work.
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Introduction
The necessary assumption concerning wider nuclear energy development is the maintenance and
improvement of the safety of nuclear fuel. On the other hand there is an imperative to operate NPPs
economically. The importance of nuclear fuel as a basic part of each NPP is ever more apparent, so the
effort of our work is to more accurately describe the behaviour of the cylindrical fuel rods under more
stringent operational conditions, obviously achieving high burn up. This implies that modern fuel rod
computer models are required to predict a “margin” of cladding tube integrity loss under normal
operation and operational transients more reliably. One of the critical moments, which occurs during the
fuel duty, is pellet-cladding contact (and also modified pellet-pellet contact after a thermo-mechanical
interaction). The difficulty of contact event modelling can be documented by a very simple example:
one core in one loading of one reactor contains ~104 fuel rods, each fuel rod contains ~102 fuel pellets;
where, when, how and in what detail must it be predicted and modelled?
Unilateral contact
Mathematical modelling of unilateral contact problems is a quite new area in applied mathematics;
practical realisation indicates the application of the finite element method (FEM). The principle of the
method is based on the fact that a zone of unilateral contact of two solid bodies need not be defined
a priori; its correct definition is one of the results of the solved problem.
The classical analysis of this problem, begun by Herz in 1896, was limited to simple geometries.
The age of high-speed computers brought a qualitative change to the analysis of the contact problems.
On the basis of suitable discretisation – by means of finite differences or FEM – the problems can be
solved approximately even for complex geometrical situations and boundary conditions. As a technical
problem, this was originally formulated by A. Signorini in 19933 for the case of unilateral contact of
an elastic body with the ideal rigid and smooth basis (the so-called “Signorini’s problem”). From a
mathematical point of view the unilateral contact problem performs the application of variational
inequalities, which today forms the basis for convex analysis and is the link between mathematical
physics problems and optimisation ones. As opposed to classical variational equations, the solution of
variational inequalities is not found on the whole function space but on some closed part of it. The
problem tends to seek the conditional extreme of the functional of deformation energy. These problems
are non-linear, due not only to existing material non-linearities, but also by the set on which the
solution is being found, which can change during the solution process.
Let two bodies occupy the bounded regions :c,:s with Lipschitz boundaries. In the following,
one or two primes denote that the quantity is referred to the body :cor :s, respectively. Let x = (x1,x2) be
Cartesian co-ordinates. We seek the displacement vector field u = (u1,u2) over :c:c, i.e. u c u1c , u 2c
on :c and u cc u1cc, u 2cc on :c and the associated strain tensor field eij. The stress tensor Wij is related to
the strain tensor by means of the generalised Hooke’s law. The stress tensor satisfies the equation of
equilibrium in :c:c and some (classical) conditions on boundaries w:cw:s of the domains
:c:s = :.
Now we shall focus on the parts of the domains :c:s, where a possible contact may occur.
We distinguish two classes of contact problems, as follows: 1) bounded contact zone, 2) enlarging
contact zone, which differ significantly with regard to the character of the contact. For the sake of
simplicity let us consider now the case of zero friction.
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Bounded contact zone
First let us consider the case, when the contact zone cannot enlarge during the deformation
process. Such an assertion is determined by the geometrical shape of the two bodies in a
neighbourhood of he possible contact zone (Figure 1).
Figure 1. Illustration of unilateral contact with bounded contact zone

:c
*K

:cc
*u

*W
*0

Let the body :c be fixed on a part *u of its boundary, let the surface traction be prescribed on a
part *W of the body :c, let the condition of the axis symmetry is defined on a part *0 of the body :c.
Hence we may define the contact zone *K = w:cw:s. We purport that a unilateral bounded contact
occurs on *K if:
u nc  u cnc d 0

(1)

holds on *K, where unc uic  nic , uncc uicc nicc are projections of displacement components into the
outward unit normal n c n1c , n c2 , ncc nc corresponding to the sets :c,:s(summation convention is
used over the repeating index). Eq. (1) signifies the non-penetrating of both bodies.
Next let us consider the contact forces. By virtue of the law of action and reaction we have:
Ttc Ttcc ,

Tnc Tncc on *K

On the other hand, the tangential components vanish because of zero friction and the normal
contact force cannot be tensile, i.e.
Ttc Ttcc 0 ,

Tnc Tncc d 0

Altogether, we define the boundary conditions on *K as follows:
unc

uncc d 0 ,

Tnc Tncc d 0

(2)

unc  uncc  Tnc 0

(3)

Ttc Ttcc 0

(4)

Eq. (3) signifies that at points without contact no contact force may occur.
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Enlarging contact zone
In some important cases the contact zone can enlarge during the deformation process. Such a
situation occurs if two bodies :c and :s have smooth boundaries in the neighbourhood of
*K = w:cw:s. Then the definition of the contact condition must be changed. Let us consider the case
of Figure 2. A co-ordinate system ([,K) is placed in such a way that the [-axis coincides with the
direction of ns and K-axis with the common tangent of w:c and w:s at a “central” point Pw:cw:s.
Figure 2. Illustration of unilateral contact with enlarging contact zone

K
:s

b
*Ks
*Kc

:c

P

[

a

Figure 2 corresponds with the situation before the deformation. The parts of w:c and w:s, which
come into a contact during the deformation process, can be estimated as follows:
*KM

^ [ , K ; a d K d b, [

f M K `, M c,cc

where fc, fs are continuous on ¢a,b². (The interval has to be chosen a priori.) Arguing similarly as in
the previous section, we are led to the following condition:
u[cc  u[c d H K

K  a ,b

(5)

where H(K) = fc(K) – fcc(K) is the distance of the two boundaries before deformation; u[c and u [cc are
projections of the displacement vectors into the direction of (positive) [-axis.
Also using the law of action and reaction, we arrive at the conditions:
 T[c cosDc

1

T[cc cosDcc

1

d0

(6)

TKc TKcc 0

(7)

u[cc  u[c  H  T[cc 0

(8)
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which hold at all points of *Kc  *Kcc with the same co-ordinates K¢a,b². Here:
1/ 2

cosD

M 1

§ § df M · 2 ·
¨1  ¨
¸ ¸ , M c,cc
¨ © dK ¹ ¸
©
¹

DM being the angle between K-axis and the tangent to *KM , respectively. The condition in Eq. (8) follows
from this consideration: at points without contact, i.e. if u [cc  u [c  H  0 , no contact force may occur,
i.e. T[c

T[cc 0 . Eq. (7) approximates the zero friction – after neglecting the projection T[M  sinD M .

Variational formulation
To the above-mentioned unilateral contact problems a variational formulation – principle of
minimum potential energy – can be associated. Instead of the standard variational formulations, the
unilateral contact problems minimise the functional:
L(v) = 1/2 A(v,v) – L(v)

(9)

on the set of admissible displacements K, which fulfils Eq. (1) in the case of bounded contact zone and
Eq. (5) in the case of enlarging contact zone. The quadratic part of the functional L:
A v ,v

³: c

W v .H kl v dx

ijkl ij

is the strength energy of the bodies (:c:s = :), the linear part L v

³ F .v dx  ³ P .v dS
i

:

i

i

i

is the work

*W

of the body forces and of the surface tractions.
A function u  K is called a weak (variational) solution of the unilateral contact problem, if:
L(u) d L(v)  v  K

(10)

Due to the fact that the set K does not form the whole space, but only this closed subset, the variational
inequality in Eq. (10) does not tend to a system of linear equations, it has to be solved as a bonded
extreme problem – to seek the minimum of the functional L on the set K.
Each numerical realisation of the particular unilateral contact problem leads to a system of linear
equations, which has to be solved. This system is not directly connected with the derivation of the
functional but results from the applied numerical method for solving non-linear optimisation problems
(Lagrangian multipliers, conditional conjugate gradients method, Newton-Raphson method, etc.).
Available tools used for modelling
The problem has been solved by means of the COSMOS/M software system. It is a complete,
modular finite element system, which includes for instance modules to solve linear and non-linear static
problems in addition to problems of heat transfer. Developing a reliable model capable of predicting
the behaviour of structural systems represents one of the most difficult problems facing the analyst.
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The FEM provides an effective vehicle for performing these problems due to its versatility and the
great advancement in its adaptation to computer use. The success of a finite element analysis depends
largely on how accurately the geometry, the material behaviour and the boundary conditions of the
actual problem are idealised. One has to take into consideration that all real structures are non-linear in
some way. In addition, the unilateral contact problems are non-linear due to their optimisation substance
as was mentioned above. The unilateral contact forms the basis for adequate pellet-cladding modelling
and it was used in all calculated problems.
After opening with the thermo-elastic linear cases, all further problems of pellet-cladding interaction
were solved as non-linear ones in some ways: a geometrical non-linearity and the thermal, mostly
non-linear dependencies of all used material properties. Heat transfer with inner sources included was
always solved as the initial one for the next mechanical problem. The bulk heat generation density was
considered as 6.9247108 W/m3, which corresponds to the linear heat generation density ~301 W/cm.
Results of pellet-cladding modelling
Fuel models without clad oxidation
Several results of 2-D (r-z) and (r-M) pellet-cladding modelling are introduced in this chapter. All
presented cases were solved as steady-state problems with zero friction. You can see the basic
dimensions of the WWER fuel rod components considered in Table 1.
Table 1. Basic dimensions of WWER fuel rod components considered
Fuel rod inner radius [m]
Fuel rod outer radius [m]
Cladding inner radius [m]
Cladding outer radius [m]
Fuel pellet height [m]

0.710–3
3.78510–3
3.8610–3
4.5510–3
1010–3

The initial pellet-cladding P-C radial gap was set at 75 Pm for the data from Table 1. To simulate
a P-C contact, the fuel rod outer radius was only varied to the value of 3.8410–3 m, so the P-C radial
gap was changed to 20 Pm. The temperature distributions of both (r-z) cases are shown in Figure 3 and
Figure 4; maximum calculated temperatures are 1 619 K and 1 313 K, respectively.
Figure 3. The radial temperature profile in the case
of the radial gap 75 Pm, without the P-C contact
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Figure 4. The radial temperature profile in the
case of the radial gap 20 Pm, with the P-C contact

The von Mises effective stress distributions of the two cases are shown in Figure 5 and Figure 6,
respectively.
Figure 5. Effective stress in deformed state without the P-C contact

Figure 6. Effective stress in deformed state with the P-C contact
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In Figures 7 and 8, the comparison of calculated radial temperature profiles in (r-M) and (r-z) models
of the case without P-C contact can be seen.
Figure 7. Radial temperature profile in (r-M) model without P-C contact

Figure 8. Radial temperature profile in (r-z) model without P-C contact

The maximum calculated temperatures in (r-M) and in (r-z) are 1 598 K and 1 619 K, respectively
(we believe due to meshing).
Creating of cladding oxide model
The ZrO2 material with its temperature dependent material properties was created in COSMOS/M
library by use of the MATPRO-SCDAP material library. The ZrO2 scale is used to simulate partially
burned nuclear fuel. The first calculations with the two-sided cladding oxide layers were performed.
Each oxide thickness of 25 Pm was used; the remaining thickness of the metal clad was set at 50 Pm
smaller. The radial temperature profiles of the fuel rod with bilateral clad oxidation in both models
(r-z) and (r-M) are shown in Figure 9 and Figure 10. Maximum calculated temperatures are 1334.9 K
and 1335.4 K, respectively.
Let us introduce the example with non-uniform cladding oxidation. Now, let us assume that the
oxide layer occurred on the clad inner side at the point where the local P-C contact first appeared. The
oxide layer at clad outer side is assumed uniform. Meshing of the (r-M) segment is displayed in
Figure 11. The oxide layers are dark; the clad metal layer is light. Due to the symmetry, the example
solves the problem with two opposite inner oxide layers (Figure 12).
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Figure 9. Radial temperature profile of (r-z) fuel rod
model with bilateral oxidation and with P-C contact

Figure 10. Radial temperature profile of (r-M) fuel rod
model with bilateral oxidation and with P-C contact

Figure 11. Non-uniform cladding oxidation example

Figure 12. The complete example with non-uniform inner clad oxidation
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In Figure 13, the non-uniform tangential temperature profile in the nodal points of inner cladding
surface (from the left to the right) is shown. In Figure 14, you can see the von Mises effective stress,
especially the higher values in the inner cladding side close to the inner oxide layer. The initial (P–C)
radial gap was 20 Pm, to establish the P-C contact.
Figure 13. Tangential temperature profile in the
clad inner surface nodal points (from left to right)

Figure 14. Effective stress profile with signed stress non-uniformity

To compare the combined effects of an inner cladding oxidation range and of possible P-C
unilateral contact, two sets of calculations were performed. The first one was undertaken without P-C
contact (radial gap: 75 Pm), the second one with P-C contact (radial gap: 20 Pm). All of them were
performed with four types of the inner clad oxide range, no oxide; one “oxide” finite element (which
simulates 1/6 of the inner oxide circumference, see Figure 11 and the arrow in Figure 14); three
adjoining “oxide” finite elements (which simulates two quarters of the inner oxide circumference – see
Figure 12); full inner surface oxidation. All cases were computed with a fully oxidised outer clad
surface.
Von Mises effective stress values of the selected inner “oxide” finite element (see Figure 11 and
the arrow in Figure 14) are shown in Table 2. It can be said that the “cladding stress” increases with
the increasing inner clad oxide azimuthal surface, in both contact cases. The stress level is a little
higher in the case with P-C contact.
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Table 2. Dependence of effective stress values [MPa] of selected
finite element on the inner oxidation surface and on the P-C contact
Circumferential oxide range
No oxide
2/12 of the circumference
2/4 of the circumference
The whole circumference

Without P-C contact With P-C contact
181
369
419
486
439
492
449
503

Conclusion
The method and calculation results of 2-D (r-z) and 2-D (r-M) contact elasto-thermal solutions of
pellet-cladding configuration were presented. All calculations were performed using the COSMOS/M
software system. The formerly developed non-linear, thermal-dependent material properties were applied.
In the near future, anelastic fuel and cladding material behaviour will be addressed, the most
important of these being fuel and clad creep models. These steps will also be related to cladding crack
(crack growth and crack stability) modelling.
All considered contact problems were solved with zero friction between the contact regions.
Moreover, the COSMOS/M system allows using various types of friction models – including structure
sliding.
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Abstract
Assessing fuel rod integrity in PWR reactors must enjoin two opposite goals: a one-dimensional finite
element code (axial revolution symmetry) is needed to provide industrial results at the scale of the
reactor core, while the main risk of cladding failure [e.g. pellet-cladding interaction (PCI)] is based on
fully three-dimensional phenomena. First, parametric three-dimensional elastic calculations were
performed to identify the relevant parameters (fragment number, contact pellet-cladding conditions, etc.)
as regards PCI. Axial fragment number as well as friction coefficient are shown to play a major role in
PCI as opposed to other parameters. Next, the main limitations of the one-dimensional hypothesis
of the finite element code CYRANO3 are identified. To overcome these limitations, both two- and
three-dimensional emulations of CYRANO3 were developed. These developments are shown to
significantly improve the results provided by CYRANO3.

453

Introduction
Thermal stresses combined with the fragile tensile behaviour of uranium dioxide lead the fuel
pellet to crack during the first rise to power [1]. This fragmentation induces both tangential and axial
dependencies of the displacement field throughout fuel rod. As a result, one-dimensional finite element
analysis (axial revolution symmetry) underestimates the rod radial extension while the pellet’s radial
distribution of stresses is overestimated. Furthermore, friction between cladding and pellet induces a
hoop stress concentration in inter-pellet areas in front of fuel radial cracks (denoted hereafter “triple
point” areas) [2].
This paper aims toward deriving one-dimensional thermo-mechanical models taking into account
previous phenomena. It starts with a parametric study based on three-dimensional elastic calculations.
These calculations were performed to identify the relevant parameters (fragment number, contact
pellet-cladding conditions, etc.) as regards PCI. Moreover, these calculations provide reference results
illustrating the main limitations of the one-dimensional hypothesis of the finite element fuel rod EDF
code CYRANO3 [3]. The next section is devoted to a new model, which takes into account the friction
between pellet and cladding and the opening up of pellet radial cracks. The last section is devoted to a
fragmentation model. This model stands on assumptions consistent with previous ones [4,5] but its
implementation in CYRANO3 is still different.
Three-dimensional parametric study of PCI
The aim of this study (see Ref. [6] for additional details) was to assess and classify the influence
of certain parameters on hoop stress concentrations in the cladding during a power transient. Fuel rod
thermo-mechanical calculations to a power transient have been improving continuously for many
years [7]. Nevertheless, improvements in the physical knowledge concerning constitutive behaviour
(the effect of irradiation on pellet behaviour, for instance) as well as simulation codes (up-to-date
constitutive law, coupling phenomena, etc.) are still necessary. This is why the calculations that follow
are based on a crude (but conservative) thermo-elastic description of pellet and cladding behaviours.
Conversely, this thermo-elastic description allows performing quite a few three-dimensional calculations,
including friction effects. Here, the focus is on hoop stress variations with respect to geometrical
parameters.
Parametric study
The parameters are the number of axial and radial pellet cracks, the relative size of pellet fragments,
the initial location of the fragments, the pellet-pellet and the pellet-cladding friction coefficients. For this
study, we consider a half-height cladding portion, in front of two half-height and half-width pellet
fragments. The finite element method is used; calculations are performed with the EDF general-interest
thermo-mechanical code Code_Aster (www.code-aster.org). The set of fragments and cladding is
meshed with hexahedral and prismatic linear elements. To avoid rigid body motions, in the modelling
an element designated the “discrete element” is added. This permits to link the pellet fragments with the
fuel column. The next step is the parametrical study, which is undertaken by varying the parameters
from a standard configuration. The variation fields of the parameters are given in Table 1. Parameter
notations are given in Figure 1, where hau = 6.7468 mm, rextgai = 4.701 mm, epgai = 0.577 mm and
ei is defined by ei = (rextgai – epgai) – (jeui + rext). Pellet geometrical data are given in Figure 2. For
numerical reasons, a fictitious internal radius (rint = 0.1) is used to define the size of the mesh near the
centre of the pellet. For the standard case, corresponding to the most likely case, the parameters values
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Table 1. Parameter variation fields
Parameter
Pellet-cladding Coulomb’s friction coefficient (mug)
Pellet-pellet Coulomb’s friction coefficient (mup)
Radial pellet crack number (nbfr)
Axial pellet crack number (nbfax)
Fragment size (teta1, with teta1 + teta2 = 45°)
Relative fragment displacement (jeu2 with jeu1 = 0)

Values
0/0.2/0.4/0.6/0.8
0/0.2/0.4/0.6/0.8 / 1
4/6/8/10/12/14 (with teta1 = teta2)
1/2/3/4
6.5/10.5/14.5/18.5/22.5°
7/14/21/27.9 Pm

Figure 1. Geometrical data definition: (X,Z) (left) and (X,Y) (right)
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Figure 2. Definition of the geometry of the ends of the pellet
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are: teta1 = teta2 = 22.5°, jeu1 = jeu2 = 0.009 mm (minimum value numerically accepting to have
maximal gap between each pellet fragment and the cladding), one axial and eight radial pellet cracks,
a zero pellet-pellet friction coefficient and a 0.2 pellet-cladding friction coefficient.
To determine the thermomechanical loading applied to the structure, a CYRANO3 calculation of
a fuel rod is done. It consists of two PWR cycles (with a power equal to about 200 W/cm) followed by
a power transient (with a maximum power equal to 412 W/cm). The result for the thermal loading
(in °C) for the pellet and the cladding are respectively Tp(r) = -59.4555 r2 – 56.2636 r + 1765.54 and
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Tc(r) = -128.906 r + 972.262, and for the mechanical loading: a 12.2 MPa internal pressure, a 15.5 MPa
external pressure, a 420 MPa axial pressure on pellet and a -325 MPa axial pressure on cladding. The
material properties are given in Table 2.
Table 2. Material properties
Pellet
186 847
0.31
7.868

Young’s modulus (MPa)
Poisson’s ratio
Thermal expansion coefficient (10–6 °C–1)

Cladding
75 910
0.252
6.326

Discrete element
2 700
0.31
0

Main results
In order to classify the six parameters according to their respective effect on the hoop stress level
on the internal face of the cladding, the difference between the maximum and the minimum hoop
stresses ('V) obtained at the inter-pellet/inter-fragment point on the whole parameter variation range
was introduced. The results are given in Table 3. Two amongst the six parameters have a significant
influence on the PCI for the base case suggested by EDF: the pellet-cladding friction coefficient and
the axial pellet crack number.
Table 3. 'V for each parameter
Parameter
Pellet-cladding friction coefficient (mug)
Pellet-pellet friction coefficient (mup)
Radial pellet crack number (nbfr)
Axial pellet crack number (nbfax)
Fragment size (teta1, with teta1 + teta2 = 45°)
Relative fragment displacement (jeu2 with jeu1 = 0)

'V (MPa)
407
91
57
394.3
8
58

A model of cladding stress concentration consistent with one-dimensional code
Previous results underline that the hoop stress concentration at the triple point is mainly due to the
crack lips being caught on the cladding (because of the friction between cladding and pellet) and to the
opening of the crack during power transients. A 1-D model has been developed in CYRANO3 in order
to take the phenomenon of hoop stress concentration in the cladding into account.
The model
According to previous results, friction between pellet and cladding and crack opening effect must
be taken into account for an accurate prediction of stress level. These phenomena are multi-dimensional,
while the code is based on a 1-D axisymmetrical description of the rod. A methodology has been used
to integrate multi-dimensional effects into a 1-D model. First, an analytical 2-D model (reference model)
was developed, accounting for the multi-dimensional effects. This model permits to determine hoop
stress at triple point. Then the 1-D modelling of the code was described with an analytical model,
where the pressure on the cladding is considered as a parameter. The hoop stresses of both models are
equalled in order to determine the value of the pressure. Then, by changing the pressure on the cladding,
the code can ascertain the hoop stress level due to crack opening.
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Hoop stress concentration phenomenon appears in case of PCI. The mechanical loading on the
cladding is then composed of external pressure (coolant pressure), internal pressure in the rod and
pellet fragments thrust. We modelled the part of cladding opposite a half fragment of pellet and a half
crack width using a curvilinear thin beam model (see Figure 3).
Figure 3. 2-D modelling of cladding
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The p, kp and px data are efforts per unit length. p comes from external pressure and contact
pressure. px comes from external and internal pressures. The half crack width is designated e. The length,
section and curve radius of the beam are respectively noted L, S and R. We represent the friction effect
between cladding and pellet due to the crack opening by the circumferential effort kp, where k is the
pellet-cladding friction coefficient. The boundary conditions are symmetry conditions: only radial
displacement of the ends of the beam is allowed. The material is considered elastic with a Young’s
modulus E.
The aim of this 2-D model is to assess hoop stress at the triple point (the point where curvilinear
abscissa is s = L). The principle of virtual works is applied on the curvilinear thin beam model where
the strain component along the co-ordinate line s with reference to a Frenet frame is:
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where Gu , Gv are, respectively, the tangential and normal virtual displacements and I the quadratic
moment of the beam.
The hoop stress (VTT) is then obtained by solving the problem given in Eq. (2). At the triple point
(s = L and r = 0) the hoop stress is equal to:
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In CYRANO3, the pellets and the cladding are modelled by 1-D axisymmetrical elements. Then,
the loading is axisymmetrical too. We developed an analytical 1-D axisymmetrical model (denoted the
“equivalent model”) to represent the code modelling. As for the reference model, the curvilinear thin
beam model is used (cf. Figure 4). It is based on the same geometry and the loading is replaced by an
axisymmetrical loading pe: effort per unit length resulting from external pressure and equivalent
contact pressure.
Figure 4. 1-D axisymmetrical modelling of cladding
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The thus-obtained equivalent pressure does not depend on the height or on the material parameters.
Implementation
In the CYRANO3 code, each rod is divided into axial slices (named standard slices) in order to
take into account the evolution of variables along the rod. For the finite element calculation, a 1-D
axisymmetrical element is used, which is a radial element (two-node segment). Pellets and cladding of
each slice are modelled with several elements and the gap between pellet and cladding is represented by
one element. Thus the strains and stresses calculated in standard slices are average values. The option,
named “fictive slice” provides an assessment of the local stresses in the cladding due to the hourglass
shape of the pellet. In this case, a local increase in the apparent diameter of the pellet is assessed after
the calculation of the standard slice. Then, a second mechanical calculation is performed with an
increased pellet diameter, maintaining the same thermal gradient as in a standard slice. The fictive slice
in CYRANO3 represents in fact the inter-pellet area. The “triple point” functionality developed in
CYRANO3 is based on the same principles as the “fictive slice” functionality. As the triple point is a
specific point of the inter-pellet area, the geometry and the mechanical loading are retrieved after the
calculation of the fictive slice. Then the new loading is determined with the previous model and a
mechanical calculation is performed with the modified loading on the cladding. This calculation gives
then the hoop stress level on the cladding at the triple point, which is due to the stress concentration
effect.
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Validation
The developed model has been validated by comparing the results obtained with CYRANO3 to
previous 3-D finite element simulations. As for 3-D calculations, the materials were considered elastic.
The aim is to compare the hoop stresses at triple point for different pellet-cladding friction coefficient
values. Because of axial interaction phenomena, the height of the pellet in the 3-D calculation is adjusted
for a friction coefficient of 0.1, so that the meaning of hoop stresses on the internal face of cladding in
front of the inter-pellet area is equal to the hoop stress on the internal face of the cladding of the fictive
slice calculated in CYRANO3. This adjustment is necessary for the validation of the model, considering
the hypothesis and the processing of the 1-D code compared with a 3-D calculation. This one is more
representative but is based on a certain number of hypotheses as well, especially concerning the
fragmented state of fuel material. Hoop stresses at triple point obtained in both codes are almost the
same (see Table 4).
Table 4. Comparison of CYRANO3 and Code_Aster results
Friction coefficient Hoop stress at triple point
(mug)
Code_Aster (MPa)
0
606
0.1
590
0.2
600
0.3
611
0.4
622
0.5
633
0.6
644
0.7
654

Hoop stress at triple point
CYRANO3 (MPa)
575
587
599
611
623
634
646
658

While further finite element calculations should confirm these encouraging preliminary results,
the next section focuses on a related problem: the effect of fragmentation on pellet displacement and
stress fields. This effect would improve on estimation of pellet-cladding gap. As a result, previous PCI
calculations would also be improved.
A one-dimensional model of pellet fragmentation
As concerns the cladding stress concentration model, the method consisting in describing the
phenomenon with a reference model and then modelling it with a 1-D code consistent model is used.
In the following, both models are presented.
Reference model
After pellet cracking, pellet fragments are bulged because of thermal expansion. In the case of
PCI, the cladding tends to collect pellet fragments, which are then in contact along a short length
represented by the ring on Figure 5.
For the modelling, the pellet is considered divided into eight equal fragments, which corresponds
to the most likely situation. Therefore, the studied fragment (see Figure 6) has an angle of 45q.
Its geometry is defined by the three radii R1, R 2 and R ext, where R1 and R2 define the area where
fragments are in contact and Rext is the external radius of the pellet.
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Figure 5. Contact between adjacent fragments

Figure 6. 2-D modelling of a fragment for pellet-cladding contact case
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The loading on the fragment consists of the internal rod pressure on the sides of the fragments
where there is no contact, the pressure Pe on the external side of the fragment, which represents the
pellet-cladding contact pressure, and a radial and parabolic temperature gradient, whose form is
T = ar2 + br + c.
To account for the temperature dependency of the material properties, three materials are
considered: for each area (i) (i = 1,2,3, see Figure 3) of the fragment are defined a Young’s modulus Ei
and a thermal expansion coefficient Di, which are respectively the mean values of Young’s modulus E
and thermal expansion coefficient D on each area (i). The Poisson’s ratio Q is constant on the fragment.
The height of the fragment is considered large enough compared to fragment dimensions in the plane
perpendicular to the axial direction, to make the hypothesis of plane strain valid. Besides, the hoop
displacement uT is assumed to be null such as only radial displacement is considered (denoted u
hereafter). As the material is assumed elastic and isotropic, the thermo-mechanical behaviour law
(Hooke-Duhamel law) can be written:
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where:
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u
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These equations describe the material behaviour in the “cast rigid” area (area 2). In cracked areas
(areas 1 and 3), on the fragment side, the hoop stress is equal to -Pi:
VTT(r,T) = VTT (r) = VTT = -Pi

(7)

The previous equations then become:
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The radial equilibrium equation yields
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The solution is found by solving these equations analytically and applying boundary conditions and
continuity conditions. To validate the hypothesis and especially to determine the limits of the reference
model, we proceeded to a comparison with 2-D numerical results (see Ref. [8] for more details).
One-dimensional equivalent model
The aim of this equivalent model is to simulate stress and strain relaxation due to the fragmentation
phenomenon, in the 1-D axisymmetrical code, considering a cast rigid pellet. To describe
fragmentation effects, that is to say, decreasing of stress level in the pellet centre and increasing of the
radial displacement at pellet periphery, the best solution is to damage the material [8]. An anisotropic
material is thus considered for the “cracked” parts, with a hoop Young’s modulus Ec different from the
E
) and with a Poisson’s ratio Qc different from the initial Q:
radial E (we note U
E’
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(10)

Figure 7. Equivalent model for a cracked pellet in case of pellet-cladding contact
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The geometry and loading data are the same as for the reference model. In area 2 (contact
between fragments), the material is cast rigid and defined as in the reference model [Eqs. (5) and (6)].
In areas 1 and 3, the material is considered “cracked” and is defined by the damage material [Eqs. (10)
and (6)]. Poisson’s ratios are Q for the cast rigid material, and Qc for the cracked materials. Hence, if
pellet cracks close up, areas 1 and 3 tend to disappear and the pellet is then defined by the material of
area 2 with the initial Poisson’s ratio and Young’s modulus. Thus the model is able to account for
crack closure.
To solve the problem, an equilibrium equation is solved for each area of the fragment and constants
are determined by applying boundary and continuity conditions. The three model parameters (U1, U3
and Qc) are adjusted equalling specific results for the reference model and equivalent model (radial and
hoop stresses of pellet centre and the radial displacement of pellet periphery). Both models were
developed for the general case, describes in Figure 6, with an elastic material behaviour. The models
have been extended for the hydrostatic case (when there is no contact between adjacent fragments) and
for a viscoplastic behaviour law [8].
Results
Once introduced in CYRANO3, several power transients were simulated to validate this model.
As depicted in Figure 8 for one of these transients, radial displacement at pellet periphery is increased
while radial and hoop stresses at its centre are relaxed [8]. These results are qualitatively satisfactory
but additional comparisons with two-dimensional finite element calculations are still needed.
Figure 8. Radial stress (a) and radial displacement (b)
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Conclusions, future works
On the whole, both the triple point localisation and fragmentation models presented here provide
good results without significantly modifying computing times. Further comparisons are still needed.
Particular attention should be paid to radial displacement as well as radial distribution of equivalent
and hydrostatic stresses which are related to the onset of viscoplastic flow and swelling, respectively.
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The next stage should include comparisons with FE calculations, including viscoplastic pellet and
cladding behaviours. The extension of quantitative triple point model validation to viscoplastic behaviour
should also be considered. Once validated, coupling these two models would lead to improved
uni-dimensional predictions. Finally, it is worth mentioning that triple point stress localisation as a
function of the crack pellet opening reads:
V TT L | 

º
R
e ª
§L·
[ p  « p x  p cotg ¨ ¸  kp »
S
R¬
©R¹
¼

where [ is constant with respect to e ([ = 1 if friction collapses). This last expression proves that the
R

proposed localisation coefficient depends on pellet tangential displacement. This linear dependency
should be confirmed through more sophisticated calculations. In any case, crack pellet opening being a
decreasing function of the number of pellet fragments, this model could predict the beneficial effects
of chromium oxide-doped fuel’s fragmentation behaviour.
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Abstract
COPERNIC is an advanced fuel rod performance code developed by FRAMATOME ANP. The main
objectives of COPERNIC are to accurately predict steady-state and transient operations at high burn-ups
and for advanced materials such as FRAMATOME ANP Cr2O3-doped fuel pellets. With demanding
PWR conditions like load-follow operation, PCMI and its associated risk of cladding failure remains
of utmost concern. Thus, mechanisms that lead to PCMI must be thoroughly modelled. Experimental
evidence has shown that Cr2O3-doped pellets reduce the PCMI risk as compared to standard UO2 pellets.
First, cladding model predictions are presented on the basis of key experimental data that prevail in
PCMI tests: hardening/relaxation, thermal creep, burst tests and power ramps. Then, the modelling of
doped pellets will be assessed. Improved behaviour of doped fuel is currently understood to be a
favourable combination of fuel creep and cracking properties. The MEFISTO model handles both
mechanisms and has been implemented into COPERNIC. A model for pellet dish evolution, which
also plays a role, has been added. Results on doped fuel creep and hardening data are presented.
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Introduction
COPERNIC is an advanced fuel rod performance code developed by FRAMATOME ANP to
provide accurate steady-state and transient fuel performance predictions. The COPERNIC code has
been qualified from an extensive database that includes UO2, UO2-Gd2O3 and MOX fuel pellets [1,2].
It is based on the TRANSURANUS code [8], which contains fast, accurate and numerically stable
solutions. It also offers flexibility regarding the incorporation of new fuel rod models.
This paper highlights the main features of the mechanical models of COPERNIC. These models
have been qualified through many analytical tests as well as by data from power and test reactors.
Good mechanical modelling is particularly important in order to thoroughly assess the risk of clad
failure as a result of pellet-cladding mechanical interaction (PCMI). Therefore, we focus on high-stress
situations that prevail under PCMI conditions.
The description is in cylindrical co-ordinates and is basically mono-dimensional in the radial
direction. Stresses and strains are obtained as solutions of the equilibrium balance and compatibility
equations with the proper boundary conditions assuming an axial plane strain. Some multi-dimensional
effects are included as specific models that are explained. Several conditions of pellet-cladding contact
are possible. However, the option of perfect contact, i.e. no slip between pellet and cladding, proved to
be adequate in mono-dimensional modelling and is used throughout.
In the first part, the results are presented for standard (non-doped) fuel pellets. The pellet is
chosen as a solid and pellet cracking is taken into account as an extra strain calculated by a so-called
“pellet fragment relocation” model. No pellet creep is used; as for a solid pellet, calculated stresses are
high and the computed creep strain would be unduly high. Analytical high-stress mechanical tests on
cladding are also presented here.
In the second part of the paper, pellet creep is presented. Then, a pellet cracking model is needed
as well to maintain realistic stress levels inside the pellet. The MEFISTO model [7] handles both pellet
cracking and creep. This model is implemented in COPERNIC with a further improvement: the pellet
dish is chosen as an initial crack and its evolution is calculated. An overview of the model is presented.
The pellets doped with chromium oxide developed by FRAMATOME ANP behave better than standard
pellets with respect to PCMI. It is believed that a combination of cracking and creep is favourable for
doped pellets. Out-of-pile experiments at the Commissariat à l’Énergie Atomique (CEA) provide a large
set of data to thoroughly model pellet creep both for standard and doped fuels. In particular, primary
creep is well addressed. This is important as primary creep is likely to prevail during a condition of
highest cladding stress during a power ramp.
COPERNIC mechanical analysis
High-stress zircaloy-4 tests
Cladding strains during strong mechanical interaction with the pellet are a combination of creep
and elastic-plastic strains, including stress relaxation. The share of each strain depends on the loading
encountered. During a ramp, the pellet expansion under the influence of the rising of power induces a
stable and high cladding strain rate in the 10–5-10–4 s–1 range. Then stress relaxation is controlled by
the cladding short-term properties during the power plateau. It is therefore important to correctly
predict hardening tests at constant strain rate imposed in this range, assumed to be representative ramp
conditions, as well as relaxation tests. The cladding creep is primarily controlled by thermal creep for
high stress levels. The plastic and creep properties of non-irradiated and irradiated zircaloy-4 were
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evaluated on many tests conducted at CEA that include thermal creep tests and internal pressure burst
tests. A classical Von Mises stress and an isotropic Prandtl-Reuss relation are used to redistribute the
equivalent plastic and creep strains in the three spatial directions.
Plastic strain
An isotropic work hardening model (see for instance Ref. [9]) is applied to the cladding material.
The yield stress Vys bounds the load surface which the equivalent stress V cannot exceed. The model
correlates the yield stress and the equivalent plastic strain HP as follows:
V ys

g T ,) 1  a u H nP

where g is a function of temperature T and of fast neutron fluence ),and a and n are coefficients.
The model is validated from internal pressure burst tests, run on specimens before and after irradiation
within the ranges: 350-400qC, 0-1021 neutrons/cm². Strain rates are in the range 2.10–6 to 8.10–3 s–1.
Figures 1 and 2 illustrate the good agreement between predictions and measurements.
Figure 1. Internal pressure burst test on non-irradiated zircaloy-4
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Figure 2. Internal pressure burst test on irradiated zircaloy-4
Fluence : 9.271 E25 n/m², Temp. : 380 °C, strain rate 2.E-4 /s
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Thermal creep
The thermal creep model correlates the equivalent thermal creep strain HT and the equivalent
stress as follows:
HT

§ T ·
f V , ) exp¨  0 ¸sinh cV t d
© T ¹
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where f is a decreasing function of ), expressing irradiation hardening, t is time, and T0, c and d are
coefficients. The model was benchmarked within the following ranges: 200-550 MPa, 350-400qC and
0-1021 neutrons/cm² and is incorporated into COPERNIC with a strain-hardening algorithm. Figure 3
compares predictions and measurements. Creep relaxation tests are also performed in approximately
the same ranges as thermal creep tests and are illustrated in Figures 4 and 5.
Figure 3. Thermal creep tests on zircaloy-4
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Figure 4. Relaxation test on non-irradiated zircaloy-4
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Figure 5. Relaxation test on irradiated zircaloy-4
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Pellet fragment relocation model
During PCMI, all pellet strains contribute of course to cladding loading. We illustrate hereafter
the two most important pellet contributions, namely, pellet fragment relocation and gaseous swelling.
Pellet fragmentation is modelled with an empirical relocation model that represents the outward
shift of the pellet fragments at BOL when the gap is open and the inward “rearrangement” of the pellet
fragments when the gap closes. The model for the relocation strain, HR, is expressed as follows:
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H R

aPC H R , H R t

b

0

G
D

where PC is the contact pressure between the pellet and the cladding, G is the initial cold diametral
gap, D is the initial pellet diameter, and a and b are constants.
The shift and rearrangement of the fuel fragments were derived from PWR cladding diameter
measurements as shown in Figure 6. There are clearly three distinct regions reflecting the state of the
contact between pellet and cladding. At low burn-up, there is a “no contact” region resulting in the
inward creep of the cladding. The pellet shift is calibrated in this region. At intermediate burn-up, there
is a “soft contact” region where fragment rearrangement takes place and overtakes the outward creep
due to solid swelling. The net effect is a slight diameter reduction with burn-up. The pellet rearrangement
is calibrated in this region. At high burn-up, there is a “hard contact” region where rearrangement is
fully established resulting in the outward creep of the cladding driven by solid swelling.
Figure 6. Measured and predicted clad diameter evolution
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The thermal expansion of a fragment is also modelled. Simple considerations [12] show that
the bulge of a fragment due to thermal expansion is proportional to the pellet temperature gradient.
We have used such a term with corrective terms up to the third order in temperature gradient with a
limit at high temperature because of viscoplastic effects. The model parameters were derived from
power transient data with short hold times that minimised gaseous swelling effects. An example is
shown in Figure 7.
Figure 7. OSIRIS ramp test: measured and predicted clad deformation
413 W/cm, 27 GWd/tM, ramp in 118 s, no hold time
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Gaseous swelling model
The gaseous swelling phenomenon is complex and includes, among other factors, the generation,
growth, coalescence and interconnection of gas bubbles and their impact on UO2 creep and deformation.
For simplicity, a semi-empirical formulation for the model was chosen.
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Gaseous swelling and fission gas release are closely linked. The model uses information from the
COPERNIC fission gas release model that is explained in detail elsewhere [3]. In particular, the onset
of gaseous swelling is supposed to be at the temperature threshold for thermal fission gas release.
Above this threshold, gaseous swelling increases with temperature and burn-up. This effect is mitigated
by fuel re-densification at high temperatures. During transients, gaseous swelling increases with a
kinetics that is proportional to the transient fission gas release.
Steady-state gaseous swelling was calibrated with NFIR porosity data [5], and indirectly qualified
with the full FRAMATOME ANP database. Transient gaseous swelling was qualified with cladding
deformations that were measured before, during and after transients that ranged from seconds to several
hours. Figures 8 and 9 show the comparison between predicted and measured cladding deformations
on rodlets ramped in the STUDSVIK test reactor. Clad deformations are measured at mid-pellet location
as deformations at inter-pellet location are affected by the inward creep of the fuel. This inward creep
induces the filling of the pellet dishes and is a multi-dimensional effect that is not modelled here but
will be addressed in the second part of the paper.
Figure 8. STUDSVIK ramp test: measured and predicted clad deformations at different cycles
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Figure 9. STUDSVIK ramp test: measured and
predicted clad deformations at different hold times
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Power ramp tests
Many power ramp tests are performed at CEA test reactors and at STUDSVIK in order to assess
the limit of clad failure. Rodlets re-fabricated from rods irradiated from 1 to 5 cycles are used. Ramp
hold times are in 0-12 hour range. Ramp rates are close to 100 W.cm–1.mn–1 to be representative of
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Class II incidents. Ramp peak power is in the range 400-600 W.cm–1. These power ramps are most
important to test the global validity of all the models. Typically, if the prediction at peak power is
good, the prediction at any rod elevation is also good.
Modelling of doped fuel pellets
Depending on market needs, operational flexibility and manoeuvrability are required to adapt
reactor load to the grid demand at any time. Such requirements warrant the development of fuel
products that reduce the risk of cladding failure during PCMI in order to maintain appropriate safety
margins. The addition of chromium oxide as a doping compound changes the microstructure of UO2,
notably by enlarging the grain size. The experimental results obtained show that this advanced doped
fuel can reach high linear power levels without failing in relation to an enhancement in the fuel creep
rates and an increase in cracking at the pellet periphery [6]. The future FRAMATOME ANP fuel rod
code will be able to take into account these specific properties in order to enhance the advanced fuel.
The solution chosen to implement a new mechanical model taking into account pellet cracking and
creep is presented hereafter. This ongoing work is developed by the three regional divisions (French,
German, US) of the FRAMATOME ANP Fuel Business Group, and is drawn in part from their
experiences and other codes (CARO, RODEX, SIERRA [4]).
Pellet creep
The post-ramp examinations on Cr2O3-doped fuel showed an enhancement of the fuel creep leading
to the filling of pellet ends at low power levels (40 kW.cm–1) [10] and an associated loading on the
cladding at inter-pellet planes. This points to the need to have a suitable pellet creep model to calculate
the fuel behaviour under transient conditions and to enhance Cr2O3-doped fuel.
FRAMATOME ANP established a creep law which allows predicting both creep tests and tests
with constant strain rate. To maintain consistent modelling, a single formulation was chosen for standard
UO2 and for doped fuel. The model of the pellet creep equivalent strain rate, H c , follows:
H c

§ H ·
vP  vS exp¨  c ¸  vS
© a¹

where one can see that vP and vS represent the primary and secondary creep rates and the variable a is a
measure of the transition between the two rates when Hc increases. This classical form is particularly
useful for integrating the strain with respect to time in order to fit the law with experimental data:
Hc

 v ª § v t ·º ½
aln ®1  P «exp¨ S ¸»  a ¾
¯ vS ¬ © a ¹ ¼ ¿

The quantities a, vP, and vS are of the form a a0 V n exp  T0 T where a0, n and T0 are either
constants or depend on initial chromium oxide concentration only. The model is validated from uniaxial
creep tests and from tests at constant strain rate within the following ranges: 1 358-1 575qC, 20-90 MPa
for Cr2O3-doped fuel and 30-60 MPa for UO2 fuel. Two tests with their predictions are illustrated in
Figures 10 and 11.
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Figure 10. Uniaxial test at constant strain rate with
doped fuel. Measured and predicted stress vs. strain.
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Figure 11. Uniaxial creep test with doped fuel. Measured and predicted strain rate vs. strain.
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To take into account the effects of irradiation, a factor of amplification due to irradiation is
introduced as well as a term of creep induced by irradiation, where K1, K2 and Tirr are constants.
Typically, irradiation-induced creep is weak and dominant at steady-state low power irradiation, and
H c becomes dominant during a power ramp.
H irr

§ T ·
H c u 1  K1I  K 2 VIexp¨  irr ¸ , with the fission density I (m–3.s–1)
© T ¹

As for the cladding, a Von Mises stress and an isotropic Prandtl-Reuss relation are used to
redistribute creep strains in the three spatial directions.
The MEFISTO model
A mechanical model called MEFISTO has been implemented in a COPERNIC development
version. This model comes from the thermal-mechanical fuel rod code METEOR developed at the
CEA [11], based also on the TRANSURANUS code. This common origin has been an advantage in
making the implementation a success. The MEFISTO model is explained in detail elsewhere [7]. The
basic formalism is recapitulated only to understand the dish filling model presented hereunder.
Without considering the cracking, the model uses a classical finite element method to resolve the
mechanical problem. From the inelastic strains Hnel computed out of the mechanics, the displacements
u are solutions of a linear system K  u = B  Hnel with an invertible stiffness matrix K and a matrix
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force B obtained from the equations of the mechanics. The compatibility relations allow the total
strains Htot to be obtained from the displacements. Finally, the stresses are calculated using Hooke’s
law V = D  (Htot – Hnel) for each material.
Cracking model
As soon as the fuel viscoplasticity behaviour is introduced, it is necessary to take into account
relaxation of stress by cracking, in order that the stress levels be realistic. Then the cracking model of
MEFISTO is described. A pellet element can be either intact, or present cracks normal to the radius r
(radial cracks), normal to the axis z of the pellet (axial cracks), or in both directions. Cracks following
the hoop direction T are not authorised in order to keep the pellet in a single block. Otherwise, relative
movement between pellet fragments could occur without applied stress. We always assume a continuous
material which possesses behaviour laws identical to that of an un-cracked material.
Let us take the example of a radial crack. Cracking is introduced whilst retaining the assumption
of axial symmetry. One could argue that when a radial crack appears, the symmetry of the problem is
lost. It is a multi-dimensional effect which cannot be taken into account here. The MEFISTO model
approaches the effect of a large number of radial cracks distributed throughout the periphery of the
pellet. That is why it is called a “diffuse” crack model. In an element of material, a radial crack is
understood as a volume of void extending in the radial direction and surrounded with material, and by
a relaxation of the hoop stress around the crack. The idealised view of a radial crack in a model of
continuous material is an additional volume corresponding to a hoop strain, associated with a threshold
value of the hoop stress in the part considered cracked. This introduces the notion of the crack hoop
, associated with the hoop stress V crack
of the cracked material. The latter is an input model
strain H crack
T
T
parameter assumed to be equal to the rod internal pressure. It is directly introduced in the model
through a modified form of Hooke’s law:
V

~
D  H tot  H nel  H crack  V crack
uF
T

~
where D and F are derived from D which depends on compression and shear moduli of the fuel only.
The hoop stress is not an unknown any more but a new one appears with the crack hoop strain. The
~
hoop component of D  H is zero. Therefore the crack hoop strain need not be known during the
mechanical resolution. It is obtained once the mechanical problem is solved by:

H Tcrack

nel
el
H tot
T  HT  HT

The same method is used for the axial cracking, differently recombining Hooke’s law according
to the state of cracking of each fuel element. Two criteria govern the opening and the closure of a
crack. The pellet is initially intact. A crack opens when the stress reaches the tensile fracture stress
which is an input parameter for the model. It closes when the crack strain becomes zero at the end of
the mechanical calculation. The treatment of creep and plasticity requires additional schemes, which
will not be detailed here.
Pellet dish model
The potential gain for PCMI brought by the creep and the cracking of the doped fuel cannot be
fully reflected in a one-dimensional generalised plane strain model, which describes rather what takes
place in the mid-pellet plane. Indeed in this case the material tends to flow by creep towards the
473

outside, loading more the cladding than without creep. Now in the inter-pellet plane where PCMI
failures are observed in power ramps, a significant part of the material fills dished pellet ends during a
ramp or at high enough power ratings. Roughly speaking, the dished ends can be considered as a large
initial axial crack where mechanical conditions are close to plane axial stress conditions. It is exactly
the kind of problem that the MEFISTO model is able to solve, without questioning the mathematical
formulation of impossibility between plane stress and plane strain. The treatment of cracking as described
above is just a particular case of this problem. By imposing a given value of stress (the internal pressure)
where there is a crack in one direction, it introduces an additional strain in this direction which is
interpreted as a crack (a void volume in the pellet). Considering this additional strain as a part of the
total strain, compatibility equations and equilibrium balance are still valid in the whole pellet. In a
similar way, if the dish is considered as an initial free volume, its behaviour can be compared to an
axial crack, and physical strains can fill it if an additional strain balances the total strain. But in this
case, the lower limit of this additional strain is no longer zero as in the crack problem, but less than
zero in such a way that its value is compatible with the following equation:
H tot
z

dish
H elz  H nel
z  Hz

varies from zero to the negative lower limit. This lower limit is
The dish can be filled when H dish
z
equal in absolute value to the volume part of the dish in the element normalised to the volume of the
element. In the pellet shoulder, the plane strain approximation is still applied as before, with the
possibility of modelling cracks, as is also the case when the pellet end becomes closed in each element.
To illustrate both pellet creep and dish filling models, Figure 12 shows the change with burn-up
of the contribution of pellet ends to the rod free volume, for a FRAMATOME ANP fuel rod irradiated
in a heavy duty reactor. The total void volume is correctly predicted thanks to the dish volume decrease.
It should be noted that dish filling is rapidly much less important at lower power levels.
Figure 12. Heavy duty reactor: measured and predicted
void volumes, predicted dish filling vs. burn-up
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Conclusion and prospects
The mechanical model of COPERNIC has been presented, highlighting phenomena occurring
during strong PCMI. The main cladding models playing a significant role are the viscoplastic high-stress
effects, along with the plastic model and the thermal creep model of the zircaloy-4 cladding. The pellet
relocation model includes the fragmentation and rearrangement phenomenon and thermal expansion of
a fragment. The latter is derived from power ramps with short hold times, whereas gaseous swelling
becomes dominant for long hold times. The models have been successfully assessed against experimental
data from tests run on FRAMATOME ANP rods and materials.
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The present mechanical model must be expanded to be able to include the physical phenomena
involved in PCMI remedies such as Cr2O3-doped fuel. Developments are in progress concerning the
introduction of the pellet creep associated with the cracking consideration. Creep laws for standard and
doped FRAMATOME ANP fuels were established from out-of-pile tests and implemented in the code.
The MEFISTO model [7] has been used for that purpose and extended with the dish filling treatment.
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MODELLING OF THERMAL MECHANICAL BEHAVIOUR OF HIGH BURN-UP
VVER FUEL AT POWER TRANSIENTS WITH SPECIAL EMPHASIS ON THE
IMPACT OF FISSION GAS INDUCED SWELLING OF FUEL PELLETS
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Federal State Unitary Enterprise VNIINM, Moscow, Russian Federation

Abstract
This paper is devoted to the modelling of unsteady state mechanical and thermo-physical behaviour of
high burn-up VVER fuel at a power ramp. The contribution of the processes related to the kinetics of
fission gas to the consequences of pellet-clad mechanical interaction is analysed by the example of
integral VVER-440 rod 9 from the R7 experimental series, with a pellet burn-up in the active part at
around 60 MWd/kgU. This fuel rod incurred ramp testing with a ramp value 'Wl | 250 W/cm in the
MIR research reactor. The experimentally revealed residual deformation of the clad by 30-40 microns
in the “hottest” portion of the rod, reaching a maximum linear power of up to 430 W/cm, is numerically
justified on the basis of accounting for the unsteady state swelling and additional degradation of fuel
thermal conductivity due to temperature-induced formation and development of gaseous porosity within
the grains and on the grain boundaries. The good prediction capability of the START-3 code, coupled
with the advanced model of fission gas related processes, with regard to the important mechanical
(residual deformation of clad, pellet-clad gap size, central hole filling), thermal physical (fission gas
release) and micro-structural (profiles of intra-granular concentration of the retained fission gas and
fuel porosity across a pellet) consequences of the R7 test is shown.
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Introduction
Of the many results obtained from post-irradiation examination (PIE) of high burn-up fuel rods
subsequent to intensive power transients in research reactors [1,2], those based on Quantitative Image
Analysis (QA), Electron Probe Micro Analysis (EPMA) and X-ray Fluorescence (XRF), testify to the
significant changes in the macro- and micro-structural state of the fuel pellets. These changes appear
to be:
x

A partial or complete filling of the internal voids in fuel pellets (central hole, dishes etc.).

x

Depression in the intra-granular area and total concentration of the retained fission gas in the
high-temperature areas of the fuel pellets.

x

Formation and enhanced development of fuel porosity in roughly the same areas of the fuel.

It is commonly agreed that the main inducement for these developments is constituted by the
intensified diffusive mobility of the fission gases accumulated in the pellet bulk during the base
irradiation previous to power ramps. From the point of view of rod reliability, the most unfavourable
outcomes of the appropriate kinetic processes are the unsteady state swelling of the fuel and additional
degradation of its thermal conductivity due to the formation and development of gas-inflated pores and
bubbles. This evidently enlarges the pellet growth and, thereby, strengthens pellet-clad mechanical
interaction (PCMI), which eventually can lead to clad damage and rod failure. The secondary effect of
the fission gas kinetics implies its release into the free volume of the fuel rod, which worsens the
conditions of pellet-to-clad heat conductance and increases gas pressure on the clad.
This is, in particular, why the development of the advanced model, which embraces the wide set
of the kinetic processes related to fission gas and fuel micro-structure in the widest possible range of
irradiation conditions, has been assumed to be a foreground task of the activity during improvement
and verification of the START-3 code for some years. One of the advantages arising from the model
application is the possibility to numerically analyse the contribution of the above-mentioned effects as
concerns the thermal-mechanical behaviour of fuel rods at power transients under PCMI conditions.
The basic elements and scope of the advanced model describing overall behaviour of stable fission
gas and evolution of fuel structure
The dynamic model GRSWEL-A [3,4] addresses the overall behaviour of stable fission gas and
the pertinent evolution of fuel microstructure. This is the advanced version of the model formerly
referred to as GRSWEL, which was developed for the START-3 code [4,5]. This new model is being
developed with a view toward analysis of fuel behaviour under in-pile and out-of-pile conditions; at
extended rod- and pellet-average burn-ups (up to about 80 MWd/kgM), as well as at an ultra-high local
burn-up in a pellet rim (up to about 200 MWd/kgM); in the exhaustive range of temperature, from the
magnitudes, which are typical for the coolant, to the melting point of the fuel; in the long-term modes
with slow or absent variation of the parameters of fuel thermal state, as well as at fast power transients
including accidents with reactivity insertion.
The numerical analysis of fuel behaviour is reduced to integration with respect to time, of the set
of rate equations for the array of dependent variables, which describes the current state of the fuel as
comprehensively as possible. The model variables are logically divided into groups, which take into
consideration the intra- and inter-granular processes, high burn-up structure features, high-temperature
assisted re-crystallisation, as well as the dynamics of as-fabricated intra-granular porosity leading to
early-in-life fuel densification or thermal sintering.
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The calculation is carried out as applied to the set of zones in a fuel pellet, characterised by
approximately uniform distribution of the external variables supplied by the mechanical and thermal
physical modules of the code. The external variables of the model are the local magnitudes of
temperature; temperature gradient; fission rate; hydrostatic pressure, which takes into account gas
pressure in the plenum; and PCMI intensity.
Figure 1 represents the flowchart for the integral analysis of fuel performance at power ramps as
realised in the START-3 code coupled with the advanced model GRSWEL-A. The flowchart shows
schematically the analysed processes affecting transient behaviour of fuel and cladding, as well as the
effects of base irradiation, which are essentially imposed on this behaviour. As seen from Figure 1 the
GRSWEL-A model provides the integral calculation with the current local and pellet average magnitudes
of different components of gas retention and porosity to calculate fuel thermal conductivity, mechanical
properties and pellet strain; absolute and relative fission gas release to calculate gas pressure in the
plenum and fuel-cladding heat conductance; average grain size, which affects mechanical properties of
the fuel (an equi-axial character of grains is assumed).
Figure 1. Flowchart for integral analysis of fuel performance at power ramp as
realised in the START-3 code coupled with the advanced model GRSWEL-A
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Clad ’lift-off’

Despite the complex set of feedbacks and feed-forwards between the thermo-mechanical behaviour
of the fuel rod and micro-processes in the pellet analysed by the GRSWEL-A model, it is noteworthy
that the resulting output of this model is transparent enough from the point of view of rod reliability
due to the possible contribution to:
x

Clad damage either by the mechanism of Stress Corrosion Cracking (SCC) or due to reaching
the ultimate strain via the strengthened PCMI.

x

Clad “lift-off” via the increase of gas pressure in the plenum.

x

Fuel melting via the increase of temperature.

The theoretical approaches to modelling of intra- and inter-granular processes as well as their link
to the effects of high burn-up structure (HBS) and high-temperature re-crystallisation, incorporated in
the GRSWEL-A model, are comprehensively described in [3,4]. Here, it is worthwhile representing
the final view of the relationships used for calculation of local fuel porosity in relation to fuel thermal
conductivity:
O(Ptot) = f(Ptot) O(Ptot = 0)
and volumetric swelling due to the fission products by assuming its isotropy 'V/V = 3'L/L.
The total value of fuel porosity is calculated as the sum of intra- and inter-granular components:
Ptot = PG + PF
The intra-granular component is calculated as [4]:
PG

4S
3

Nb

¦r B  P
3

i

i

s 1

G .as  fabricated

Here, the first term summarises the results of modelling for the size distribution of intra-granular
bubbles with the radii ri and concentrations Bi; the second term takes responsibility for the dynamics
of as-fabricated intra-granular porosity during early-life densification (or high-temperature sintering).
The equation for the sum of inter-granular porosity is as follows [3]:
PF

Bnv

4 3
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3

On the right-hand side of this equation, the first term corresponds to the porosity due to closed pores
with the current radius of surface curvature rf and volumetric concentration Bnv; the second represents
the contribution of the vented pores; the third is the time-constant as-fabricated inter-granular porosity.
The time-dependent variable H and coefficient kv0 account for the current relationship between the
numbers of lenticular and spherical pores confined to grain boundaries [4], thereby defining their
mean-effective shape in the re-crystallised fuel. The overall measure of re-crystallisation is calculated
as suggested in Ref. [6]:
1 H

 1 H

i

i

where i identifies the type of fuel re-structuring, so that i = 1 when this is HBS; i = 2 for equi-axial
grain growth.
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The geometric factor relating the volume of a lenticular pore to a sphere is expressed as:
kv0 = 1-3cos(T)/2 + cos3(T)/2 = 0.186, assuming T = 50q
The final equation for irradiation-induced swelling of the fuel is as follows:
'V
V0

( fuel | PF  PF .as  fabricated  B0 n0 Q g  ( intra

Here, the first term corresponds to swelling due to grain boundary pores; the second represents
gas clusters on the boundaries of grains; the third is the intra-granular swelling.
The component of fuel swelling relating to the intra-granular processes is calculated from the
expression:
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Here, the first term is responsible for strains due to solid fission products (Dsolid = 0.32 vol.% per
1% h.a. of burn-up b); the second term accounts for the volumetric strain due to mono-atoms of fission
gas in fuel matrix as well as small nucleuses of gaseous bubbles, which are assumed as solid spheres
(Ni is the number of gas atoms in the bubble, Qg = 85 Å3 is the volume occupied by one generalised
atom of fission gas); the last term accounts for the size distribution of intra-granular bubbles.
Finally, the relative fission gas release is calculated via the rate of the specific absolute gas loss L2
(atoms/cm3/s), as a ratio of release to cumulative generation:
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where Gfg(r,W) is the gas generation density, and integration is carried out with respect to the total
volume of the fuel stack Vfuel and irradiation time t.
Design parameters and results of PIE after base irradiation for integral rod 9 in R7 experiment
Of the six fuel rods re-irradiated at RIAR over the course of the R7 test [1], carried out in 1995,
integral rod 9 was characterised by the highest level of fuel burn-up in the active part of the total fuel
stack (60 MWd/kgU) subjected to power transient in the MIR research reactor. This is probably the
prime cause of the especially pronounced gas-induced swelling effects in this particular case. That (as
well as available results of PIE) is why this rod has been chosen here as a referent example for the
detailed numerical investigations.
Fuel rod design and base irradiation conditions
Rod 9 was extracted from fuel assembly (FA) No. 222 after a five-year irradiation in Unit 3 of
Kola NPP VVER-440 to a rod average burn-up of 52 MWd/kgU. The main characteristics of rod design
and base irradiation, assumed as the input data for the numerical analysis by the START-3 code, are
given in Table 1 and shown in Figure 2 [7].
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Table 1. Parameters of rod design and base irradiation conditions
Parameter

Value

Fuel rod
FA type
FA no.
Fuel stack length, mm
Length of plenum, mm
Fuel loading mass, g
Initial filling gas
Mean gap size (diametral), Pm
Pellet
Outer diameter, mm
Inner diameter, mm
Enrichment by 235U, wt.%
Fuel density, %TD
Grain size (mean linear intercept), Pm
Open porosity (relative contribution to total porosity), %
Densification, vol.%
Stoichiometry (O/U)
Cladding
Clad material
Outer diameter, mm
Inner diameter, mm
Characteristics of base irradiation
Place of operation
Rod average burn-up, MWd/kgU
Maximum pellet burn-up, MWd/kgU
Fission gas release (in sibling rod), %

VVER-440
222
2 420
85
1 087
0.6 MPa He
200
7.56
1.6
4.4
95
6.5
10 (assumed)
1.2 (assumed)
2.005 (assumed)
Zr+1%Nb
9.1
7.76
Kola NPP Unit-3
52
60
2.08

Figure 2. Maximum linear power and calculated fuel temperature in the leading rod of FA 222
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As seen from Figure 2 the base irradiation was carried out under rather moderate conditions, such
that the calculated fuel temperature is much less than the empiric threshold for thermal fission gas
release throughout operation. Thus, according to the calculation, the most of generated fission gas was
accumulated in the fuel matrix at the end of base irradiation, except for the HBS zone at the pellet rim
(see Figures 12, 13 with regard to the pellet rim). As analysis shows, the HBS effects are primarily
responsible for the fission gas release of 2.08%, as measured by puncture method in the sibling rod 14
of FA 222.
Regarding the mechanical state of the fuel rod after base irradiation, the important evidence
arising from the PIE is the absence of any considerable gap (mechanical) between pellets and clad.
This testifies to the onset of PCMI in the fuel rod before the end of operation in the power reactor.
With the exception of pellet fragmentation, no change in pellet macro-structure in comparison to
that of fresh fuel was found by optical ceramography (see the pellet state before the test on Figure 8).
Fuel rod re-irradiation in the MIR research reactor
Table 2 represents the main test conditions for rod 9.
Table 2. Parameters of rod 9 re-irradiation during the R7 test in the MIR research reactor
Parameter
Length of fuel active part (estimated), mm
Fuel burn-up in active part, MWd/kgU
Axial form factor for linear power in active part (estimate for time-average value), 1/1
Maximum linear heat generation rate during low-power holding, W/cm
Linear heat generation rate at the ramp terminal level, W/cm
Coolant pressure, MPa
Temp. of cladding outer surface in the hottest section for the low-power holding, q
Temp. of cladding outer surface in the hottest section at the ramp terminal level, q

Value
|750
60
|1.25
178
430
16
240
320

Figures 3 and 4 illustrate the conditions of the test with respect to linear heat generation rate
(LHGR) and fuel temperature. As seen from Figure 3, the test irradiation submits the sequence of
power modes, which are as follows:
x

Low power holding with a maximum local LHGR of 178 W/cm, which implies a certain rise
of the local linear power in comparison to that at the end of base irradiation (about 120 W/cm
according to our estimate).

x

Power ramp by 'Wl | 250 W/cm during a relatively short period of time (less than about
20 min).

x

High power “holding” with a tendency for the LHGR to gradually increase.
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Figure 3. Maximum linear power (LHGR) history for rod 9 of the R7 test
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Figure 4. Calculated fuel temperature in the “hottest” section of rod 9 during the R7 test
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Fuel rod behaviour at power transient: Results of modelling against experimental data
Thermo-mechanical behaviour
The main mechanical consequences of the R7 test with fuel rod 9, as calculated by the START-3
code coupled with the GRSWEL-A model, and according to the PIE, are quantified in Table 3 (see
Model A in the table). As the comparison shows, the results of advanced modelling (Model A) agree
reasonably with the experimental data for:
x

Residual deformation of the clad as a result of the strong PCMI during the ramp mode
(Figures 5-7).

x

Central hole filling by the fuel (Figure 8,9) as a result of fuel creep towards the pellet centre
under the conditions of elevated temperature (Figure 4) and compressive stress in the pellets.

x

Rise of the pellet-clad gap size resulting from the combination of the two above-mentioned
conditions.
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TOUTATIS: AN APPLICATION OF THE CAST3M FINITE ELEMENT
CODE FOR PCI THREE-DIMENSIONAL MODELLING
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Abstract
TOUTATIS is a thermo-mechanical simulation tool based on the finite element code Cast3M. It has
been developed in order to locally and accurately model the three-dimensional effects induced by PCI.
Three new developments are presented. The first is related to the renovation of the computing scheme,
which takes into account thermal and mechanical coupling induced by the heat exchange evolution in
the pellet-cladding gap at every time step. The second is the improvement of the pellet fragmentation
modelling, which cladding deformations are extremely dependent upon. The third is the implementation
of a Coulomb friction model at pellet-cladding interface. Associated with the initial pellet cracking,
it shows stress and inelastic strain concentration at the inter-pellet level in front of the fuel radial
cracks. A sensitivity study on both the friction coefficient and the boundary conditions influences has
been carried out to determine the most representative computation hypothesis and the most relevant
mechanical parameters as concerns PCI/SCC cladding failure.
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Introduction
During normal and incidental PWR operating conditions, reactor manoeuvrability is limited by the
prevention against fuel rod cladding failure by Pellet-cladding Interaction/Stress Corrosion Cracking
(PCI/SCC) for severe power transients. To reduce this penalty, PCI modelling is under development in
the framework of the CEA PCI research project, in order to contribute to a better understanding of PCI
mechanisms and to help in the selection of remedies.
To obtain an accurate evaluation of the cladding mechanical state, refined finite element (FE)
modelling is being developed at the pellet scale of the fuel rod. Thus the simulation of the fuel rod
mechanical behaviour, under nominal operating and transient conditions, has been programmed in the
TOUTATIS code [1], which is based on the FE code Cast3M [2], to solve the mechanical equilibrium
of the pellet-cladding system taking into account geometrical and material non-linearities.
Several developments are in progress to improve the mechanical state forecasts. Among them,
three points will be hereby discussed. The first point is related to the renovation of the computing
scheme. The second is the improvement of the pellet fragmentation modelling, upon which cladding
deformations are extremely dependent [3,4]. The third point is the implementation of a Coulomb
friction model at pellet-cladding interface [4]. The objective of this last development is to evaluate the
stress and strain concentration in the cladding in front of a pellet crack, where cladding failure by a
PCI/SCC mechanism is experimentally observed [5,6]. The application of these developments in
the simulation of experimental power transients on pre-irradiated fuel rods is done to estimate the
improvements. Comparisons between numerical and experimental results focus on the cladding
residual diametral deformations.
PCI mechanical phenomena
During the first power increase to nominal conditions, the fuel pellets are fractured by the internal
stresses due to the restrained thermal expansion (thermal gradient: 450qC for 4 mm in radius). A typical
fragmentation pattern is shown in Figure 1. Schematically a pellet is radially fragmented into four to
eight sectors and axially fragmented into three to five sections. This fragmentation leads to a pellet
expansion, combined with a reduction of the internal stresses. Due to the temperature gradient, the
expansion is higher in the central part than in the external part, thus the pellet gets a specific shape
called “hourglassing” (Figure 2).
Figure 1. Transversal and axial macrographies of a fuel
rod irradiated for two annual PWR operating cycles
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Figure 2. “Hourglassing” shape of a fragmented pellet computed with TOUTATIS 3-D

At the beginning of the irradiation, the cladding creeps in compression due to the differential
pressure of the system. This, combined with the pellet swelling induced by fission products, leads to a
progressive pellet-cladding gap closure. Due to the hourglass pellet shape, the first contact occurs at the
inter-pellet level where the gap is the lowest. This mechanism has been correlated with the remanent
“primary” ridges identified on the cladding diametral measurements after irradiation (Figure 3).
Figure 3. Primary ridges on diametral measurements for a
fuel rod irradiated for two annual PWR operating cycles

While the gap closes, the cladding, initially loaded in compression, progressively gets in contact
with the pellets and becomes loaded in tension. The tensile stress increases slowly up to about 20 to
30 MPa, which corresponds to an equilibrium value, according to the cladding creep rate and the pellet
swelling rate. So, under nominal conditions, the cladding easily accommodates the pellet swelling
kinetic by a neutron flux activated creep deformation: the cladding is loaded by low PCI (Figure 4).
Figure 4. Cladding hoop stress VTT as a function of time computed
under nominal conditions for two annual PWR operating cycles
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During transients (power ramps), the thermal gradient largely and quickly increases to reach
within a few minutes a value almost three times higher than the nominal value (1 200qC for 4 mm in
radius). High tensile stresses, resulting in the cladding from contact with the strongly and swiftly
dilated pellet, cannot be easily accommodated by visco-plasticity (Figure 5). Meanwhile, due to the high
temperatures, the fuel visco-plasticity is also activated in the pellet centre and leads to a progressive
filling of the dishings. The fuel creep has been identified on macrographies (Figure 6) and is correlated
with the formation of “secondary” ridges at the mid-pellet plane level (Figure 7). The high tensile
stresses combined with a chemically aggressive environment (corrosive fission products) may lead to
a cladding failure by a PCI/SCC mechanism [5,6] (Figure 8). Consequently, PCI is taken into account
in fuel rod design to avoid such a risk for power transient of Class 2 incident.

Cladding circumferentiel stress
at inter-pellet level (MPa)

Figure 5. Cladding hoop stress VTT as a function of time computed
during a power ramp after two annual PWR operating cycles
400
325
250
175
100
25
-50
Time

Figure 6. Axial macrography of a fuel rod irradiated for two PWR cycles and subjected
to a power ramp until 45.7 kW/m maintained 7 min. at ramp terminal level (RTL)

Figure 7. Diametral measurements of a fuel rod irradiated for two annual PWR
operating cycles, before and after a power ramp (45.7 kW/m, 7 min. at RTL)
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Figure 8. PCI/SCC cladding failure [5]
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The TOUTATIS code
The main objective of the TOUTATIS code is to propose the modelling and computing scheme
suitable for an accurate simulation of the cladding mechanical behaviour under PCI conditions, taking
into account material and geometrical non-linearities such as:
x

Fuel creep activated by fissions or by high temperatures in the pellet centre.

x

Cladding viscoplasticity activated by the fast neutron flux or by high stresses.

x

Contacts between surfaces warped by the thermal gradient (lateral surfaces or bases of a pellet
fragment).

To model all these non-linearities, FE discretisation and non-linear resolution algorithms are
required to solve the mechanical equilibrium of the pellets-cladding system. Thus, in TOUTATIS, the
general FE code Cast3M developments are used to elaborate a computing scheme applicable for a
complete simulation of the mechanical behaviour of pellet-cladding system under nominal and transient
conditions (i.e. soft and strong PCI conditions), using 2-D or 3-D discretisations of a fuel rod at the
pellet scale.
Since the pellet-cladding system accumulates inelastic deformations, especially with the formation
of the “primary” ridges on the cladding, its initial state before a power ramp has to be taken into account
for an accurate prediction of the mechanical state during the transient. In consequence, the computing
scheme [3] developed in the TOUTATIS code is based on a complete simulation of the fuel rod
irradiation under nominal and transient conditions.
The main phenomena taken into account within the TOUTATIS code are:
x

Nominal conditions: thermal dilatation, in-pile fuel densification and fuel swelling, cladding
creep under the coolant/rod differential pressure, evolution of the fuel-cladding gap thermal
conductance, PCI which involves the formation of ridges on the cladding at pellet interfaces.

x

Transient conditions: Intensification of PCI due to the fuel temperature increase, internal fuel
creep and cladding visco-plasticity under high stresses.
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Since the development of the first 2-D(r,z) discretisation [7], more accurate modelling has been
developed. In the usually-used version [8], the 3-D modelling presents the following characteristics:
x

To take into account the fragmentation due to nominal conditions, fuel pellets are assumed to
be pre-fractured into equal fragments (classically four or eight) by radial cracks extending to
the fuel centre line, this hypothesis being acceptable since fuel fracture occurs at the early stage
of irradiation. This idealised fracture pattern has been suggested by transversal macrographies
(Figure 1).

x

Using suitable boundary conditions, the discretisation is limited to one quarter of a pellet
fragment and the associated cladding portion (Figure 9). Using symmetries, this volume can
be considered as representative of the total rod.

x

Concerning the mechanical conditions at pellet-cladding interface, the imposed relations are:
–

Radial contact without friction.

–

No axial relative movement between pellets and cladding at mid-pellet level when contact
is established.
Figure 9. 3-D discretisation of ¼ fragment for a pellet supposed radially
fragmented in eight equal sectors and corresponding boundary conditions
Fuel pellet
compression force

z

'z = Cst while pellet-clad contact lasts
Symmetry plane (yOz)
Contact condition at interfragment
plane – Cladding symmetry plane
Radial contact at
pellet-clad interface

O

x

Support condition on
the inflexible plane
(xOy)

y

Computing scheme
The computing scheme takes into account thermal and mechanical coupling induced by the heat
exchange evolution in the pellet-cladding gap.
In preceding versions, the software computed slow transients depicted as a succession of permanent
states, or “periods”. The notion of “period” corresponded to a time lapse during which temperature
variation can be neglected, so it may be considered as constant. As a result, temperature was computed
once for the whole period (Figure 10).
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It is to be noted that, at that time, instantaneous plastic deformations and creep deformations
could not be computed simultaneously. As a result, each permanent state was divided into two
successive periods at the same power level (consequently, their thermal states were very close): a short
plasticity period, and a period corresponding to creep (Figure 10).
Figure 10. Old scheme
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In the latest version 3 of the TOUTATIS code, thermal and mechanical coupling is computed at
every time step (Figure 11). With the help of the MISTRAL modulus [9], elastic and inelastic strains
(elasto-visco-plasitcity) accumulated in the cladding are computed simultaneously at every time step
too. Furthermore, this scheme allows the computation of severe thermal transients.
Figure 11. New scheme
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Fragmentation model development
Using a radially fragmented 3-D model seems to be more accurate than a 2-D(r,z) model. However,
this 3-D model is hard to compare to experimental results, mainly cladding shape after unloading, as it
presents an artefact at the secondary ridges level. Those ridges are proven to be overestimated in
comparison with measured values [8]. In fact, due to the inelastic strain accumulation in the pellet during
the irradiation, the pellet gets a barrel shape after unloading and, consequently, the pellet remains in
contact with the cladding at the mid-pellet level. This remanent PCI leads to the formation of secondary
ridges in the elastic range (Figure 12).
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Figure 12. Pellet global deformation mechanism

In order to verify if this artefact is correlated or not to the account of the transversal pellet fracture,
new calculations have been performed with the 3-D model, considering both radial and transversal
fragmentations [3]. The pellet is assumed to be fractured by eight radial cracks and three transversal
cracks extending to the fuel centre line.
As for the pellet radial fracture, the axial fragmentation leads to a pellet expansion combined with
a reduction of the axial internal stresses (Figure 13). Moreover the reduced length of each single
fragment compared to the whole pellet induces a slight reduction of the barrel effect and the secondary
ridge amplitude after unloading (Figures 14 and 15).
Figure 13. Axial stress Vzz in the pellet for nominal conditions
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Figure 14. Cladding deformation after two annual PWR
operating cycles as a function of axial position along the pellet
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Figure 15. Cladding deformation for fuel irradiated during two annual PWR
operating cycles after a power ramp as a function of axial position along the pellet
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Another interesting point is the evolution of the hourglassing effect. During the base irradiation,
when the pellet-cladding gap is opened, both mid-pellet level and inter-pellet level fragments present
an hourglass shape since the global axial pellet deformation is not restrained. During the power ramp,
however, the strong pellet-cladding contact limits the radial deformation but also the axial pellet
deformation. As a result, the hourglassing effect is driven back to the pellet basis where the dishes
allow an axial deformation. Finally, the deformation of the system, including axially fragmented pellets,
clearly shows a significant reduction of the mid-pellet over-deformation although there is still a slight
PCMI effect at this location. Thus, the computed deformations present a better agreement with
experimental values.
Contact with friction at pellet-cladding interface
A Coulomb friction model at pellet-cladding interface has been implemented in the latest version
of TOUTATIS 3-D. The first results confirm those obtained in 2-D(r,T) plane geometry [4]. They show
that friction, associated with the initial pellet cracking, induces stress and inelastic strain concentration
on the cladding inner surface, at the inter-pellet level in front of the fuel radial cracks, so-called the
“PCI critical area” (Figure 16). These results are consistent with experimental observation of PCI/SCC
cladding failures initiating in this area during power ramp.
A sensitivity study on the friction coefficient influence has been carried out to determine the most
relevant mechanical parameters in the PCI/SCC cladding failure.
For some of the studied mechanical parameters, their value in the PCI critical area increases with
the friction coefficient. Such is the case for deviatoric hoop stress sTT and also inelastic equivalent
deformation H vp
eq . , those concentrations remain in this area during the ramp and the hold period at ramp
terminal level (RTL). Thus, these parameters are good indicators of the loading magnification at the
inner cladding surface in the PCI critical area. It is worthy of note that this is not the case for the hoop
stress VTT, which relaxes during the hold period at RTL because of the materials’ visco-plasticity
(Figure 17).
Two sets of boundary conditions imposed on the modelled fuel rod segment allow to close up the
unknown load resulting from the friction in the remaining un-modelled part. Axial locking (or not)
between pellet and cladding at mid-pellet plane after the first pellet-cladding contact, provides
respectively an upper (lower) bound of that load.
Nevertheless, comparison between computation and experimental results, concerning the cladding
residual diametral deformations, reveals a significant difference according to the boundary condition.
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Figure 16. Cladding hoop stress computed in the middle of the
ramp (300 W/cm) and cladding inelastic equivalent strain computed
at the top of the ramp (424 W/cm), with friction (right) or not (left)
VTT – 300 W/cm

VTT – 300 W/cm

– 424 W/cm
H vp
eq .

Contact without friction (P = 0)

– 424 W/cm
H vp
eq .

Contact with friction (P = 0.47)

PCI
critical
area

Figure 17. Hoop stress VTT (left), deviatoric hoop stress sTT (middle) and inelastic equivalent
strain H vp
eq. (right) as a function of time, computed in the cladding PCI critical area
during the ramp and the hold period at RTL, for different friction coefficient values
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Computations with axial locking between pellets and cladding at mid-pellet plane after the first
pellet-cladding contact (Figure 18, left) provide a mean position of the cladding external profile in
good agreement with experimental results, especially before the ramp and slightly under-evaluated
after the ramp. The evaluation of the cladding mean diameter increasing during the ramp is satisfying.
On the other hand, computations without axial locking (Figure 18, right) provide results that are
far from consistent with experimental ones. The computed mean position of the cladding external profile
is slightly under-evaluated before the ramp, but strongly after the ramp. Thus, the evaluation of the
cladding mean diameter increase during the ramp is significantly under-evaluated.
The boundary condition of axial locking between pellets and cladding at mid-pellet plane after the
first pellet-cladding contact appears to be the most representative computation hypothesis.
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Figure 18. Comparison between computed and experimental cladding residual diametral
deformations, before and after the ramp. Computations with axial locking (left) or not (right)
between pellet and cladding at mid-pellet plane after the first pellet-cladding contact.
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These computations have been performed with the classical radially fragmented pellet 3-D model.
It should be noted that, in this case, there is an artefact at secondary ridges which is overestimated, as
has been detailed before.
Assuming that axial locking is the most representative computation hypothesis, the precedent
comparative study between computation and experimental results shows the negligible influence of
friction coefficient on the mean position of the cladding external profile. Even if a slight influence of
friction coefficient is perceptible on the primary ridge height, which increases with the friction
coefficient value, the ridge height variation obtained is included in the interval of experimental
dispersion. Consequently it is impossible to deduce from this study a plausible value for the friction
coefficient.
Conclusion and prospects
The refined 3-D FE modelling developed within the TOUTATIS code allows a good description
of the thermo-mechanical aspects of the PCI problem in a fuel rod irradiated for two annual PWR
operating cycles and subjected to a power ramp. Computations show that taking into account the pellet
fragmentation is important for an accurate forecast of the pellet-cladding mechanical response at both
global and local levels. In addition, taking into account contact with friction at the pellet-cladding
interface is necessary for an accurate evaluation of the local mechanical state in the cladding in front
of a pellet crack at the precise location where stress corrosion cracking may appear. However, the most
realistic value of the friction coefficient is not yet determined. In order to improve the computation
representativeness, the work is in progress in the following directions:
x

Programming of fuel constitutive laws developed at CEA/DEC to take into account
micro-cracks.

x

Use of quadratic FE to improve stress and strain variations computed in the cladding PCI
critical area.

x

Programming of cladding SCC model developed at CEA/DMN.
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Christine Struzik, David Plancq, Bruno Michel, Philippe Garcia, Chrystelle Nonon
Commissariat à l’Énergie Atomique, Direction de l’Énergie Nucléaire
Département d’Étude du Combustible, Services d’Étude et de Simulation du Combustible
F-13108 Saint Paul-lez-Durance, France

Abstract
Within the framework of pellet-cladding interaction studies, CEA has developed 1.5-D modelling
(METEOR) and 3-D modelling (TOUTATIS). Both are used to understand PWR fuel rod behaviour in
case of power ramp conditions.
The 1.5-D description allows for modelling of the whole phenomena involved in case of ramp test
(thermo-mechanical behaviour or fission gas swelling particularly) and the 3-D description enables a
local description of the stress and strain fields on the scale of the pellet and the corresponding cladding
piece. The main hypotheses and some elements of experimental validation of them are evoked here.
The methodology employed to simulate a power transient experiment with the available tools, is also
presented.
TOUTATIS calculations can be chained to METEOR ones. This method allows a good description of
the medium pellet plan during power ramp tests in every case and a good evaluation of the geometrical
changes experimentally observed.
Finally, the new software presently developed (PLEIADES) for various applications concerning fuel
element modelling will be presented. The PLEIADES PWR application integrates advances in French
R&D programmes dedicated to pellet-cladding mechanical interaction, high-performance fuels and
advanced materials and provides a multi-dimensional unified tool for research and industrial fuel rod
performance modelling.
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Introduction
Within the framework of studies concerning fuel rod behaviour under Class 2 transients, it is well
known that failure, if it occurs, is induced by stress corrosion cracking. Thus, in order to predict the
cladding failure and better the time to failure under transient conditions, modelling must first calculate
as accurately as possible the mechanical loading of the cladding.
To that end, two types of modelling are developed at CEA, supported by its industrial partners EDF
and FRAMATOME ANP. One-dimensional modelling with the METEOR code [1], with which it is
possible to profit from the low computation time to develop high-level physical chemical modelling.
Three-dimensional modelling with TOUTATIS [2], in which there is no fission gas behaviour model,
but which can describe the local geometrical effect on the mechanical loading of the cladding.
Under PWR conditions two types of cladding mechanical interaction can be distinguished: soft,
which occurs during normal conditions and slightly affects the axial expansion and the external
diameter of the rod and, strong, which occurs during Class 2 transients and possibly leads to cladding
failure.
Experimental support
To illustrate the purpose of this paper, some experiments will be discussed in the text that
follows. They all have been performed on UO2 fuel enriched at 4.5% 235U with stress-relieved Zy-4
cladding. The pellets all have double dishes. The rods were initially irradiated in an EDF-PWR reactor
and then re-fabricated as shorter rods for testing in the CEA experimental reactors OSIRIS (Saclay) or
SILOE (Grenoble). More specifically, the following cases will be considered:
x

Case 1: Base irradiation in PWR during five cycles up to 60 GWd/tM, average power is about
17.5 kW/m, 21.5 kW/m, 18.5 kW/m, 15 kW/m, 14.5 kW/m during cycles 1, 2, 3, 4 and 5,
respectively.

x

Case 2: Re-fabricated rod initially irradiated in PWR during two cycles up to 28 GWd/tM,
whole rod average power is about 19 kW/m and 20 kW/m during cycles 1 and 2, respectively.
Ramp test was performed in OSIRIS up to 42 kW/m with 10 kW/m/min ramp rate, holding
time at high level was around 15 min.

x

Case 3: Re-fabricated rod initially irradiated in PWR during four cycles up to 50 GWd/tM,
the average power is about 22 kW/m, 20 kW/m, 17.5 kW/m, 14.5 kW/m during cycles 1, 2, 3
and 4 respectively. Ramp test was performed in SILOE in the GRIFFON loop equipped with
the DECOR device. DECOR [3] allows the cladding diameter change measurement in power.
Power was increased from 25 kW/m to 40 kW/m with 5 kW/m/min ramp rate, the holding
time at high level was around six days.

x

Case 4: Re-fabricated rod initially irradiated in PWR during two cycles up to 28 GWd/tM,
whole rod average power is about 18 kW/m and 23.5 kW/m during cycles 1 and 2, respectively.
Ramp test was performed in OSIRIS up to 46 kW/m with 10 kW/m/min ramp rate, holding
time at high level was around 7 min.
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One-dimensional modelling
The mechanical modelling is described in detail in Ref. [4]. Only the main points are recalled here.
Hypotheses
In this case, the whole rod is described. It is discretised in axial slices and radial meshes, and each
axial slice can represent more than one pellet.
For each axial slice, it is considered that the problem is axisymmetric, with generalised plane
deformation hypothesis without shear or bending.
The external conditions considered are the spring force, the coolant pressure and the internal gas
pressure.
It is also considered that in case of contact, no axial motion is authorised between fuel and
cladding. It is the same if the gap is closed on a slice higher than those considered.
The total strain is considered to be the sum of the elementary strains.
Strains considered in 1-D analysis
For the fuel pellet, depending on local quantities such as temperature (T), fission density (F),
burn-up (W) and hydrostatic stress (V), the following strains are considered:
x

The strains which are calculated before the mechanical loop:
–

x

x

Thermal expansion (T), densification (T,F,W), solid swelling (W) due to solid fission
products, fuel relocation which simulates the 3-D effects relative to the hourglassing of
the pellet due to the thermal temperature distribution, fuel repositioning (V).

The strains which are calculated inside the mechanical loop:
–

Cracking strains: Fuel is considered as cracked in one direction if the corresponding
calculated stress is greater than 150 MPa. Stress in that direction is then considered to be
equal to the opposite of internal pressure. Four states are considered for each mesh, which
could be not cracked, cracked in tangential direction, cracked in axial direction, or cracked
in axial and tangential direction.

–

Creep strains: Creep law considers irradiation creep, which intervenes at low temperature
(below 1 000qC), and thermal creep, which is dominant during power ramp test.

The strains which are calculated between mechanical and thermal analysis (the convergence
of the calculation is then obtained by iteration):
–

Gas swelling: this deformation is strongly correlated to the thermal regime of fuel. Before
transient, this regime determines the gaseous population distribution (inter- or intra-granular)
and during the power transient itself temperature strongly affects the gas evolution. The
hydrostatic stress distribution in the pellet and the evolution [5] of stresses is also of major
importance.
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For the cladding, the following strains are considered:
x

The strains which are calculated before the mechanical loop:
–

x

Thermal expansion, axial growth due to the impact of irradiation damage on the hexagonal
structure of the zirconium.

The strains which are calculated inside the mechanical loop:
–

Creep and instantaneous plasticity. These two strains can be calculated with the Von Mises
criterion or with the Hill criterion, in order to take into account the possible anisotropic
behaviour of zircaloy all the more if the alloy is re-crystallised.

Main phenomena described
Normal conditions
Under standard conditions, during the first cycle, fuel and cladding are not in contact and the
mechanical evolution of each material is independent from the other.
When the gap between fuel and cladding is closed, fuel is repositioned due to the external
pressure influence and the cladding radius continues to be reduced. After fuel repositioning, solid fuel
swelling induces an increase in the cladding radius. The axial strains of the two materials increase at
the same rate.
For experimental case 1, Figure 1 represents the evolution of fuel and cladding radii versus
irradiation time, associated with the contact pressure evolution between fuel and cladding. Figure 2
presents the evolution of the axial expansion.
Figure 1. Radius evolution under steady-state conditions
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Figure 2. Axial expansion under steady-state conditions
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Transient conditions
Under transient conditions, the thermal loading associated with gaseous swelling leads to strong
PCI conditions and important stresses are developing in the cladding.
At the top of the power ramp, the central part of the fuel is in a highly compression state. The
compressive stresses will decrease during the high power level due to fuel and cladding visco-plastic
properties on the one hand and, for high burn-up particularly, to the onset of gas release, which
induces a decrease in the gaseous swelling, on the other hand. For experimental case 2, the following
figures present the temperature and stresses radial distribution on the pellet at the top of the power
ramp (Figure 3) and few minutes later (Figure 4). On the cladding, stresses reach their maximum value
during the first moments of the high-level power.
Figure 3. Stresses distribution at the top of the ramp
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Figure 4. Stresses distribution 15 minutes later
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Gaseous swelling
The fuel gaseous swelling strains take an important part in the total loading of the cladding. It is
possible to quantify them with the help of experimental measurements, such as cladding external
diameter changes, before and after ramp, which are measured in hot cells, or in pile measurements of
cladding diameter evolution with a special device like DÉCOR [6].
The following figures present the results relative to the two methods for experimental cases 3 and 4.
In Figure 5, the cladding radius evolution, measured during experimental irradiation case 3, is plotted
with the estimated error bars versus calculations with fission gas swelling and without.
Figure 5. Cladding diameter measurement
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In Figure 6 (case 5), the gamma scanning measurement of the axial distribution of the short-lived
fission product lanthanum 140 takes the form of the axial power distribution to which diametral strains
are strongly correlated.
The calculations performed without fission gas swelling underestimate the diameter measurement
in the two cases, especially at the beginning of the ramp in Figure 5. It is clear that fuel gaseous swelling
has a great influence on cladding strains and thus on cladding loading even for short holding time.
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Figure 6. Cladding diameter measurement before and after ramp test (case 4)
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Discussion
Let us return to what happens in the pellet during a strong power increase. Pellet hourglassing is
enhanced due to the increase of thermal loading. Fuel is swelling and creeping and the geometry is
modified as follows:
x

Filling of the dish volume.

x

Simultaneously, second ridges appear or are enhanced if they already existed before ramp.

In power ramp test, the 1-D description is then quite representative of the behaviour of the
mid-pellet, due in particular to the fact that the dishes may be considered as sufficiently far from the
mid-pellet plane such that their filling does not influence fuel motion at that location. It is then possible
with a mono-dimensional tool to analyse the ramp database with phenomenological criteria, which are
able to determine whether or not cladding failure is likely to occur, under certain conditions. These
criteria are generally based on the calculated stress at the inner surface of the cladding or on the
evaluation of the visco-plastic power or energy dissipated in the cladding during the ramp.
But the mono-dimensional tool is structurally unable to describe the local geometrical changes
and their influence on the cladding loading. Since it has been observed that cladding failures are
generally located at the inter-pellet level, the 1-D description is not sufficient to mechanistically
predict the cladding loading and of course the occurrence of a failure and the moment of failure,
without having previously ramp-tested many rods of the same design.
Then CEA has developed a three-dimensional calculation tool in order to be able to calculate
these local effects and thus to improve the predictive capability of numerical simulation.
3-D modelling
TOUTATIS is a 3-D application based on the Cast3M finite element code. The aim of the
modelling is to represent as accurately as possible the thermo-mechanical behaviour of a pre-fractured
pellet. The simulation results presented here have been obtained with the validated version.
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Hypotheses
The following hypotheses are considered:
x

Pellet is considered to be fractured in the tangential direction into eight equal parts.

x

One-fourth (¼) of the pellet fragment is modelled: one tangential plane is a symmetry plane,
the other is a face of the fragment and unilateral contact is assumed at fragment/fragment
interface.

x

Pellet mid-plane is considered as a symmetry plane; the axial displacements are the same for
all points separately in fuel and cladding at this plane and are coupled when the gap between
cladding and fuel is closed wherever on the pellet.

x

In case of contact between fuel and cladding, sliding is perfect.

x

No additional fuel cracking is modelled during the irradiation and the stiffness of the external
part of the pellet is limited by the modelling of fuel plasticity in tension.

All the fuel strains described in the previous paragraphs are taken into account in the 3-D
description, except gas swelling. The visco-plastic cladding behaviour is considered.
Validation of the hypotheses
The first element for validation consists in the reproduction of the observed strains after base
irradiation as well as after power ramp test. That is to say:
x

The cladding diametral global strain.

x

The height of the primary and the secondary ridges.

x

The filling of the dishes.

In order to take into account the fission gas swelling, the 1-D METEOR calculation and the 3-D
TOUTATIS calculation are chained:
x

The fuel swelling is calculated by the METEOR 1-D code.

x

The strain is at each time step is injected as a fixed strain in the TOUTATIS calculation.

Figures 7 and 8 present, for experimental cases 2 and 4, the filling of the dishing calculated versus
metallographies performed after test. The agreement between observation and calculation is fairly
good. At the higher power, it appears that gaseous swelling is needed to properly reproduce the
observed dish filling.
Figure 9 presents the calculated diameter profile versus measurement for experimental case 2.
The overall diameter change and also primary and secondary ridges evolution are also quite fairly
estimated.
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Figure 7. Ramp test 424 W/cm 14 min, experimental case 2
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Figure 8. Ramp test 460 W/cm 7 min, experimental Case 3
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Figure 9. Diameter measurement before and after a ramp test, experimental case 2
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Conclusion and prospects
Modelling
The mono-dimensional code allows to determine all the quantities relative to the whole rod
(fission gas release, internal pressure, general axial and diametral changes, micro-structural evolution
such as high burn-up structure). Its very short computation time allows the introduction of sophisticated
physical models such as MARGARET for fission gas behaviour [7] or MOGADOR for densification [8].
However, it is unable to correctly describe the local effects such as strains and stresses concentration.
It is then used to give the cladding temperature and the gaseous swelling rate at each time step as input
data to the three-dimensional procedure.
Examples have been given of the good agreement between the measured dimensional changes of
fuel and cladding and the ones calculated with the 3-D TOUTATIS code, chained to METEOR.
However, some hypotheses of the three-dimensional analysis remain questionable. Work is still in
progress to improve the evaluation of the local mechanical loading of the cladding during transient,
especially at the end of power increase and at the very beginning of the holding time at high power level:
x

A friction model between pellet and clad has been developed in order to improve the
analysis [9] and replace the hypothesis of sliding in case of contact between cladding and
fuel. It is presently being validated for different experimental cases.

x

Modelling of the cracking evolution during power increase and subsequent high power level
also seems a promising means of improving stress estimation; new models, of the so-called
“cohesive zones” type, are being studied in order to improve the prediction [10].

x

On the other hand, gaseous swelling is strongly dependent on stress and it could be necessary
to use precise values near the dishing singularity for a good representation of rod evolution at
very high power or high burn-up.

Perspective: A unified multi-dimensional software called PLEIADES
METEOR and TOUTATIS have been developed separately using two different software structures,
which led to some difficulties in the coherence of the modelling. It is indeed difficult to take benefit in
one code of a development performed in the other one.
Moreover, special attention must be paid to the possible little differences in laws and models
available in the two codes, which can affect the whole methodology validation.
It has therefore been decided to develop the PLEIADES software, based on innovative oriented
object architecture, providing an easy integration and coupling of any numerical component.
The PLEIADES software will integrate within the same environment the 1-D METEOR and 3-D
TOUTATIS modelling, capitalising in a modern structure the knowledge concerning PCMI standard
fuel modelling as well as high-performance or advanced concept fuel modelling. The exchange between
the two analyses will be much simpler.
Further, EDF decided to join the PLEIADES project in integrating its industrial code CYRANO3,
enabling in a near future the direct use in its industrial tool of any interesting R&D progress.
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The PLEIADES software is also being developed in order to be a part of a large nuclear reactor
calculation chain, inducing neutron physic (DESCARTES platform), thermo-hydraulic (NEPTUNE
platform) and fuel behaviour (PLEIADES platform).
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Abstract
A computational method to describe the pellet-clad interaction phenomenon is presented. The method
accounts for the mechanical contact between fragmented pellets and the zircaloy clad, as well as for
chemical reaction of fission products with zircaloy during power ramps. Possible pellet-clad contact
states, soft, hard and friction, are taken into account in the computational algorithm. The clad is treated
as an elastic-plastic-viscoplastic material with irradiation hardening. Iodine-induced stress corrosion
cracking is described by using a fracture mechanics-based model for crack propagation. This
integrated approach is used to evaluate two power ramp experiments made on boiling water reactor
fuel rods in test reactors. The influence of the pellet-clad coefficient of friction on clad deformation is
evaluated and discussed. Also, clad deformations, pellet-clad gap size and fission product gas release
for one of the ramped rods are calculated and compared with measured data.
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Introduction
Pellet-clad interaction (PCI) is one of the major issues in fuel rod design and reactor core
operation in light water reactors (LWRs). PCI-induced clad tube failure is caused by a combination of
stresses in the zircaloy clad due to the pellet-clad contact pressure and chemical reaction of corrosive
fission products, such as iodine released during operation, with zircaloy under a power ramp. If the
induced stresses in the clad are sufficiently large and the concentration of the fission product is amply
high, clad failure may occur. PCI has been a topic of numerous experimental and computational
studies with a great amount of accumulated field experience. This has lead to PCI-resistant designs
and operation guidelines, which have dramatically reduced the propensity for such failures in recent
years. Overviews, from industrial perspective, on PCI testing and computations relating to LWR fuels
can be found in [1,2]. Cox has reviewed the PCI failure mechanism in [3]. Some recent analyses on
both structural and fracture aspects of PCI are given in [4,5].
In this paper, we present a computational method to describe PCI. The pellet-clad contact model
used accounts for friction and soft/hard contact due to fragmented (relocated) fuel pellets. The effect
of the iodine-induced stress corrosion cracking is described by using a fracture mechanics-based
model for crack propagation in line with ref. [6]. We evaluate two power ramp experiments made on
boiling water reactor (BWR) fuel rods in test reactors; a power ramp test made on a fresh fuel pin in
the Halden reactor some years ago; and a recent test made on a modern Westinghouse fuel pin,
irradiated in a Swedish BWR and then ramped in the Studsvik R2 reactor.
The plan of this paper is as follows: First, we outline the principal PCI models used in our
analysis. Next, the ramp tests under consideration are briefly described, followed by the results of our
computations on these tests. Finally, we discuss the results of our computations in light of the
experimental data.
The models
Mechanics
The pellet cladding mechanical interaction (PCMI) model used includes the effect of friction and
axial mechanical interaction and associated rod elongation. The UO2 fuel pellet is considered as rigid,
but can deform by thermal expansion, densification and fission product swelling. The pellet radial
(normal) displacement u np is expressed as: u np uT  u D  u S where uT, uD, uS , are the radial pellet
displacement due to thermal expansion, fuel densification and fuel swelling, respectively. Pellet
fragments can also relocate during power rise. Pellet radial displacement due to relocation uR is
assumed to be a function of the radial contact pressure Pn defined as:
u R Pn

 G nm 1  Pn Pnm
®
0
¯

if 0 d Pn d Pnm
if Pnm  Pn

(1)

where Gnm is the maximum pellet relocation, i.e. under zero contact pressure condition, and Pnm is the
minimum contact pressure to fully remove the relocation, uR = 0 [7]. Pellet relocation in the axial
direction is not considered.
A finite element (FE) method is used to calculate stresses and strains in the clad. The FE model
assumes that the clad tube is an axisymmetric shell. The clad material is a zirconium alloy and it
deforms by thermal expansion, elastic-plastic deformation and creep (viscoplastic deformation).
The following assumptions are made in the mechanical model for the clad: (i) The clad tube is divided
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axially into a number of segments. (ii) Within each segment, stresses and strains are spatially constant.
(iii) Within each segment, the axial displacement v(r,z) is independent of radius r. (iv) Within each
segment, the radial displacement u(r,z) is independent of z.
The constitutive relation for Zircaloy clad that include thermoelasticity, plasticity, and creep is
written as: V = D (Hm – dHp), where Hm = H – Hp + dHp – Hc –HT = He + dHp is the modified elastic strain
tensor and V is the stress tensor. Here, H is the total strain tensor, Hp the total accumulated plastic strain,
dHp the increment of plastic strain, Hc include other strains (thermal, accumulated creep, irradiation
growth), HT, the thermoelastic strain, He the elastic strain and D is the elasticity matrix. The yield stress
Vy of zircaloy cladding is a function of strain, temperature and fast neutron fluence ( MeV).
If yielding occurs, the plastic strain increment dHp is calculated through the Levy-Mises flow rule of
associated plasticity. Isotropic hardening is assumed. For material properties of UO2 and zircaloy, we
have employed the correlations given in [8], for zircaloy creep [9] and pellet relocation [7].
The pellet-clad gap, defined as: G = G0 + uc + up, where, for each pellet-clad node-pair in the FE
model, G = (Gn,Gt) is the current gap size, G 0 Gn0 ,Gt0 the initial gap, u p unp ,utp the pellet outer
surface displacement, u c unc ,utc the clad inner surface displacement; and the subscripts n and t
denote the radial (normal) and the axial (tangential) gap components, respectively. Gn is the
“relocated” gap, defined as Gn = gn + uR, where gn is the non-relocated gap. Once Gn is known, gn and
Pn are computed according to the radial gap conditions tabulated below. Note that pellet relocation
leads the to the states of soft and hard pellet-clad contact.
Radial gap conditions and states
Gn condition
Gn g n  G nm t G nm
0 d G n d Gnm
Gn

Gnm 1  Pn Pnm

Gn = 0

Pn condition
Pn = 0

gn condition
g n G n  G nm t 0

0 d Pn d Pnm

gn = 0

Pn

Pnm 1  Gn Gnm
Pnm d Pn

gn = 0

Gap state
Open
Soft
Hard

Upon pellet-clad contact, the radial mechanical gap becomes zero and friction forces between the
pellet and clad are generated. These friction forces (or stresses) are assumed to follow the Coulomb
friction law, which describes the limiting friction needed to overcome prior to any sliding between the
pellet and clad. Let Pt be the axial (tangential) friction contact stress and P the friction coefficient, the
friction contact conditions for gn = 0 and Pn > 0 are:
Pt d P Pn ; Pt

sgn 'Gt P Pn

(2)

where the first relation on the left designates the stick condition, and the second one the slip condition.
Here, 'Gt indicates the change in axial (tangential) gap Gt.
Fission product gas release
The fission product gas release process is modelled by assuming that UO2 consists of spherical
grains of equal size [10]. The fission product gases are produced at a rate E(t) in a grain of radius R(t).
The gases migrate to grain boundaries by diffusion with a diffusion coefficient D(t). The gas atoms
reaching the boundary precipitate into inter-granular bubbles with a local density of N(t) (per unit area)
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and a grain boundary re-solution rate of B(t) = bO/2, where b is the grain boundary re-solution frequency,
and O/2 the re-solution depth from the grain face. All these variables are assumed to be time-dependent.
Gas atom concentration at position r at time t in the grain, C(r,t), is described by:
wC r ,t
wt

D t  2 C r ,t  E t for 0  r  R t

(3)

The imposed boundary conditions are wC(0,t)/wr = 0 and C(R,t) = B(t)N(t)/D(t), with the initial condition
C(r,0) = 0. Gas diffusion and grain growth may occur simultaneously. Analytical solutions to the
problem of gas diffusion in expanding medium have been used [11]. The inter-granular gas density
N(t) is found to be:

Nt

2
R
3

³

t
0

E s ds 

2

³

R

r 2C r , t dr

(4)

0

R2

When the gas concentration at the grain boundary reaches a certain threshold level, given by
Cmax(t) = B(t)Ns(t)/D(t), gas release will occur. The gas atom density per unit area of grain boundary at
saturation Ns is calculated through the ideal gas equation of state.
As can be noted from Eq. (3), only the release of stable fission product gases (Xe and Kr) are
calculated. Moreover, only the release of stable (long-lived) iodine isotopes is considered, and is
assumed to be proportional to the release of Xe [12].
Stress corrosion cracking
The combined effects of mechanical and chemical interaction with the fuel pellets may cause
failure of the clad tube through stress corrosion cracking (SCC). This kind of failure is predicted with
a model, in which the propagation of stress corrosion cracks is treated by use of linear elastic fracture
mechanics (LEFM). The cracks are supposed to nucleate at pre-existing flaws at the clad inner surface,
which are subjected to local stress concentrations induced by the opening of radial pellet cracks; see
Figure 1. The initial clad flaws are assumed to start growing transgranularly, provided that the stress
intensity exceeds a critical threshold and that the clad material is chemically sensitised and thus
Figure 1. N symmetrically spaced radial pellets cracks are assumed. When the cracked fuel
pellet expands, the cladding experiences local shear stresses from pellet-clad sliding, W = PPn,
where P is the coefficient of pellet-clad friction, and Pn is the pellet-clad normal contact pressure.
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susceptible to SCC; the latter condition is cast in the form of a threshold iodine concentration in the
pellet-clad gap. The transgranular crack growth rate is in our model correlated to clad temperature T,
stress intensity KI, and iodine concentration CI at the clad inner surface through [6]:
da
dt

n

§ K ·
F C I ¨ I ¸ e  Q RT
© K Iscc ¹

(5)

Here, a is the crack length, F is a function of the iodine concentration, Q and n are constants and KIscc
is a material- and temperature-dependent threshold stress intensity for transgranular SCC. The
incremental crack growth in each time step of an analysis is evaluated through Eq. (5) for each axial
segment of the fuel rod. The stress intensity factor is estimated from the current crack length, pellet-clad
contact pressure and clad average hoop stress through superposition of analytical solutions [12].
KI

W Ri T

§ R T· § a ·
§a R ·
f 1 ¨ i ¸ f 2 ¨ ¸  V TT Sa f 3 ¨ , i ¸
Sa
© 2a ¹ © w ¹
©w w ¹

(6)

Here, f1, f2 and f3 are dimension-free functions and Ri is the clad inner radius; other parameters are
defined in Figure 1. The first term on the right-hand-side of Eq. (6) accounts for the local effect of
frictional shear forces (W { Pt = PPn) from the pellet, whereas the second term is related to the uniform
loading in the hoop direction (VTT).
Ramp tests
The aforementioned integrated models have been used to evaluate some power ramp experiments
made on BWR fuel rods in test reactors. In particular are analyse a “classical” power ramp test that
was made on fresh fuel pins, with a narrow pellet-clad gap, in the Halden reactor some years ago; and
a recent test made on modern Westinghouse fuel, irradiated in a Swedish BWR, and then ramped in
the Studsvik R2 reactor.
Halden IFA404 test
The first power ramp experiment evaluated in our paper is a PCMI test performed in the Halden
reactor in Norway within the Instrumented Fuel Assembly, IFA-404 test series [13]. In particular, we
consider pin number 403 in the test IFA-404-1. The pin was an un-irradiated BWR fuel rod with a
rather small pellet-clad gap size. The technical data for this rod are presented in Table 1. One objective
of this test was to measure the diameter increase and the length changes of the pin as a function of
linear heat generation rate (LHGR) during power cycling. The power ramp was performed by
increasing the LHGR of the pin from nearly zero to a peak value of around 50 kW/m. The power was
kept at this level for nearly 24 h, and then slowly reduced. Figure 2 displays the power history for this
test. Both the elongation and the diameter profile of the rod were measured during the power cycling.
The results in terms of the clad circumferential and axial strains versus LHGR, extracted pointwise
from continuous measurements, are presented in Table 2.
Studsvik SVEA-96S test
The considered test was conducted on a Westinghouse 10u10 SVEA96-S fuel assembly rod, base
irradiated in the Barsebäck 2 BWR in Sweden, 1999-2002, to a rod burn-up of about 32 MWd/kgU,
Figure 3. A test pin of length 570 mm with UO2 fuel pellets was disassembled from the original
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Table 1. Data on fuel pins subjected to ramp tests
Case
Halden
Fuel pellet
Material
Diameter
mm
Length
mm
Density
kg/m3
235
U content
Wt.%
Cladding
Material*
Outer diameter
mm
Wall thickness
mm
Pin
Fill gas
Fill pressure
MPa
Active length
mm
Plenum volume
mm3

IFA404-1

Studsvik
As-fabricated
UO2
UO2
12.64
8.25
15
10
10 400
10 600
7
4.2
With ZrSn liner
RXA zircaloy-2 RXA zircaloy-2
14.3
9.63
0.8
0.635
Helium
0.1
500
8 700

SVEA96-S
After BI
–
8.34*
NM
NM
–
–
–
9.61
NM

Helium
0.4
472
1 560

NM
475.5
NM

RXA: Re-crystallised-annealed; *Calculated mean; BI: Base irradiation; NM: Not measured.

Figure 2. Power history and axial power profile along the fuel column for the Halden pin
Halden IFA404−1 Rod 403
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Table 2. Halden IFA404-1 cladding hoop and axial
strains vs. peak linear heat generation rate (PLHGR)
PLHR Hoop
kW/m %
0
0
1.1
0
9.5
–
19.0
–
24.3
0.1
29.5
–
38.6
–
48.5
–
51.7 0.435

Axial
%
0
0
0.007
0.035
–
0.068
0.115
0.15
0.158

PLHGR Hoop
kW/m
%
46.4
–
43.3
–
39. 6
0.295
36.9
0.3
31.7
–
28
–
19.5
–
11.6
–
1.1
0.2
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Axial
%
–
0.095
–
0.083
0.072
–
–
0.063
–

1.10

Figure 3. Base power history for the Studsvik pin, irradiated in the Barsebäck-2 BWR
Base irradiation power history for W−33002 pin
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(segmented) rod for power ramp testing in the Studsvik R2 reactor. Basic technical data on the fuel pin
are given in Table 1. The pin was non-destructively examined in a hot cell at Studsvik. Examination
covered pin diameter measurements and J spectrometry. The R2 test facility and experimental technique
for fuel ramp test is described in [14]. For the considered test, a pressurised water loop was used
to simulate BWR coolant conditions (9 MPa, 285qC). The rod surface temperature was limited by
sub-cooled surface boiling, implying that the rod surface temperature may not exceed the saturation
temperature (303qC) by more than a few degrees.
The pin was subjected to irradiation in R2 by first raising the power from zero to 12 kW/m very
rapidly. This initial power step was followed by a slow power increase over a period of 25 minutes until
the conditioning LHGR of 22.5 kW/m was reached. “Conditioning” indicates that a fuel pin reaches a
state of thermo-mechanical equilibrium at a constant LHGR after a sufficient period of time, in this
case about 12 h. After conditioning, the pin was subjected to a power ramp, where a ramp step height
of around 5 kW/m and a step duration of 1 h were utilised. The step ramp rate is about 6.4 kW/m/min.
The ramp terminal level (RTL) was about 56.5 kW/m. Power was held at RTL for about 15 h, then
LHGR was finally reduced to 7 kW/m after 50 minutes, upon which the irradiation was terminated.
The pin survived the ramp. Figure 4 shows the power history during the ramp test.
Figure 4. Ramp power history and axial power profile along the fuel column for the Studsvik pin
Studsvik W−pin 33002
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1.25

After the ramp test, the pin underwent post-irradiation examination (PIE) in a hot cell at Studsvik.
The PIE included J spectrometry, pin diameter, pellet-clad gap size, fuel density and fission product gas
release measurements. The J spectrometry was performed along the pin for determination of specific
nuclides comprising 137,134Cs. The rod diameter measurements were made at four circumferential
positions along the pin. The pellet-clad gap size of the pin was determined by compressing the rod
transversally between two parallel flat edges and measuring the pin deformation as a function of applied
force during the load cycle. The measurements were corrected for the elastic deformation of the
apparatus. Fission product gas release was determined by first puncturing the pin in the plenum region,
then measuring the internal gas pressure and determining the free volume. The amounts of released Xe
and Kr gases were determined by mass spectroscopy analysis from retrieved samples. The fraction of
fission gas release was determined by dividing the measured amount with the calculated amount of the
generated inventory of these gases. Optical inspection of the clad inner surface revealed a large number
of |10 Pm deep flaws, but no through-wall cracks.
Table 3 lists pellet-clad gap size measurements, including the data on clad outer diameter.
Figure 6 shows the profilometry data on clad diameter before and after ramp, and Figure 7 displays the
relocated gap size along the fuel. The fraction of fission gas (Xe, Kr) release measured after ramp
amounted to 32%, with a corresponding rod internal pressure of 2.14 MPa at STP.
Table 3. Pin dimensions measured at Studsvik after ramp
Axial position
from bottom
mm
82
92
102
274.5
284.5
294.5
386
396
406

Relocated
Compressed
diametral gap diametral gap
Pm
Pm
24
48
26
56
38
65
12
62
18
58
12
75
13
70
18
65
23
73

Clad
OD
mm
9.658
9.664
9.676
9.728
9.731
9.727
9.693
9.684
9.675

OD: Outer diameter.

Computations
The models described in the foregoing sections are included in the fuel rod thermal-mechanical
code STAV. This code was used to evaluate the Halden and the Studsvik ramp tests. The Halden
IFA-404 test was performed on a fresh fuel pin with virtually no fission gas release. Thus, it was purely a
PCMI test. The results of the computations on hoop and axial strains are presented in Figures 5(a)
and 5(b), respectively, along with some measured data (see also Table 2). Calculations were performed
for P = 0.0 and P = 0.014. From Figure 5, it is seen that the results are satisfactory for P = 0.014. The
peak clad hoop stress is calculated to be VTT = 320 MPa, while the corresponding pellet-clad contact
pressure is Pn = 65 MPa. Our calculations show that SCC of the clad tube does not occur, since the
amount of iodine in the pellet-clad gap is negligible. The calculated maximum stress intensity at an
assumed, 10 Pm deep, clad inner surface flaw was 2.3 MPam1/2.
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Figure 5. Comparison between measured and calculated clad strains as a function
of linear heat generation rate for the IFA404-1 pin, (a) hoop strain, (b) axial strain
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Figure 6. Comparison between measured and calculated clad outer
diameter along the pin before and after ramp for the Studsvik pin
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Figure 7. Comparison between measured and calculated pellet-clad gap along the fuel
after the ramp for the Studsvik pin. The least squares fit line is to the measured data.
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Computations for the Studsvik test were performed with P = 0.014. Results are presented in terms
of calculated clad outer diameter before and after ramp, together with measured data in Figure 6.
Figure 7 depicts the calculated relocated pellet-clad gap vs. measured values along the fuel. The peak
hoop stress is calculated to be VTT = 790 MPa with the corresponding contact pressure Pn = 123 MPa.
The yield strength in that location of the clad is calculated to be 679 MPa. Hence, some pure plastic
deformation occurs, even for highly irradiation-hardened zircaloy, under such a severe ramp. Our
calculations show that the maximum stress intensity at the observed 10 Pm deep flaws at the clad inner
surface is 4.9 MPam1/2. The base irradiation fission gas release fraction is calculated to be around 0.3%,
while the value after the ramp is calculated as 26.3%, which is below the measured value of 32%.
Discussion
The results of the calculations on the Halden pin show the strong effect of friction forces on the
behaviour of axial clad deformations during PCMI (Figure 5). Thus a proper modelling of the contact
problem is essential for prediction of fuel deformation during strong PCMI. The friction coefficient
used in our calculations (P = 0.014) is considered to be an effective (empirical) value that includes the
influence of pellet relocation and cracking. It differs from the measured value of the dynamic friction
coefficient, between UO2 and zircaloy, which is reported to be in the range 0.5-0.7 [15].
In the case of the Studsvik pin, it can be observed from Figure 6 that the clad outer diameter is
somewhat underestimated after the ramp. This is mainly attributed to the gaseous fuel swelling during
power ramp, which is not taken into account in the present model. Neither have we modelled the
thermal creep deformations of UO2, which is expected to occur for T > 0.5Tm, with Tm being the melting
temperature. The precise calculation of pellet-clad gap is more involved, since the pellets undergo
complex cracking and distortion under the influence of temperature gradients during a ramp (Figure 7).
The calculated fission gas release fraction is underestimated by the gas atom diffusion model utilised
here. At RTL of 56.6 kW/m (Figure 4) the peak calculated fuel central temperature is 2 530 K, with a
corresponding pellet surface temperature 767 K. Consequently, the fuel is subjected to a considerable
temperature gradient at the ramp terminal power. This kind of temperature gradient can trigger other
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modes of fission gas migration in the fuel than the atomic diffusion considered in our calculations,
e.g. gas bubble motion and bubble coalescence. Furthermore, the PCMI method utilised here is
essentially a one-dimensional model, although the effect of axial forces on the clad is accounted for
through a finite element method. Therefore, the occurrence of the pronounced clad ridging observed
cannot be captured (Figure 6). This requires a more detailed two- and three-dimensional modelling,
which is beyond the intention of the fast 1-D fuel rod thermal-mechanical analysis code used here.
In the presented SCC failure model, transgranular crack growth is assumed to initiate at pre-existing
internal flaws. This approach is based on the observation that surface defects, up to a depth of about
20 Pm, do exist in commercial clad tubes. An alternative approach would be to model the process of
crack initiation from an initially smooth surface, which for iodine-induced SCC in zirconium alloys
entails chemical preconditioning and slow inter-granular crack growth. Another simplification made in
our failure model is that the pellet-clad contact pressure and the clad hoop stress are calculated without
consideration of the increase in clad tube compliance as the crack grows through the tube wall.
Moreover, according to the ASTM standard E399, LEFM is not applicable to cracks shorter than
2.5(KIscc/Vy)2. For irradiated zircaloy-2 at 630 K, Vy is approximately 700 MPa and KIscc 2.3 MPam1/2.
Hence, the shortest cracks for which LEFM is valid are in this case 25-30 Pm. These limitations can
be overcome by use of non-linear fracture mechanics in a finite element framework, as described in
Ref. [6]. However, this approach is computationally arduous, and is not suitable for standard design
analyses.
Our correlation for stress corrosion crack growth in Eq. (5) is based on results from tests performed
on mono-tubes of zircaloy, and therefore must be extended to treat fuel rods with liner cladding.
However, it is interesting to note that the calculated maximum stress intensity at the observed 10 Pm
long clad flaws in the liner rod was 4.9 MPam1/2. In a non-liner rod, this stress intensity would most
likely have lead to propagation of the flaws and to penetration of the clad tube.
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